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Effects of Reynolds Number and

Free-Stream Turbulence on

Boundary Layer Transition in a
Heinz-Adolf Schreiber compressor cascade

Wolfgang Steinert

An experimental and analytical study has been performed on the effect of Reynolds num-
ber and free-stream turbulence on boundary layer transition location on the suction
surface of a controlled diffusion airfoil (CDA). The experiments were conducted in a
rectilinear cascade facility at Reynolds numbers between 0.7 and13®and turbulence
intensities from about 0.7 to 4 percent. An oil streak technique and liquid crystal coatings

T were used to visualize the boundary layer state. For small turbulence levels and all
Bernhard Kusters Reynolds numbers tested, the accelerated front portion of the blade is laminar and tran-
sition occurs within a laminar separation bubble shortly after the maximum velocity near
35-40 percent of chord. For high turbulence levels £ percent) and high Reynolds
numbers, the transition region moves upstream into the accelerated front portion of the
CDA blade. For those conditions, the sensitivity to surface roughness increases consid-
erably; at Tu=4 percent, bypass transition is observed neal@ percent of chord.
Experimental results are compared to theoretical predictions using the transition model,
which is implemented in the MISES code of Youngren and Drela. Overall, the results
indicate that early bypass transition at high turbulence levels must alter the profile ve-
locity distribution for compressor blades that are designed and optimized for high Rey-
nolds numbers. [DOI: 10.1115/1.1413471

German Aerospace GCenter (DLR),
Institute of Propulsion Technology,
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Introduction ments on stator blades showed extended laminar boundary layers

The aerodynamic performance of turbomachinery blading to SO_S_Q percent of blade chord. At very low Reynol(_j_s num-
s, transition occurred even further downstréam]. Transition

strongly dependent on the nature of boundary layer developm , . )
on the blades. The blade boundary layer is responsible for tfegnduced in rather complex modes that depend on the incoming
airfoil aerodynamic efficiency and thus for the overall perforvakes that impinge on the blade surface boundary layers, on the
mance of the machine. Several previous investigations in turb@yofile velocity distribution, and the Reynolds number. Behind the
machinery test faciliies have shown that, in spite of the higiiroulent wakes so-called calmed “laminar-like” regions are ob-
free-stream turbulence and the unsteady periodic wakes of §ffved, which are followed by transition either in bypass modes or
upstream blade rows, the boundary layer is laminar along thelaminar separation bubbles aft of the suction side maximum. In
forward parts of the blade surface. This is true especially for tucase of separated-flow transition the separation bubble and its ex-
bine blade sections, which usually operate at low Reynolds nutension oscillates with the blade passing frequeldyThe turbu-
bers. Also the boundary layers on compressor blades are obsenesde level between the wakes was determined by Halstead et al.
to be laminar in wide areas along the accelerated blade front f&{ to be about 2.5—3 percent and within the wake region about
gion. Most blade designers take advantage of the laminar bourmds—6 percent. All these complex transition modes are excellently
ary layer on the front and set the maximum suction side velocifiescribed by Halstead et &§1], or in the paper of Cumpsty et al.
around 15-30 percent of blade chord. This allows high blagg) for example.
loading in combination with low losses. Beyond the velocity ggsential for the above-described observations is that the corre-
maX|mum,_the suction surface flow is decelerated with a relat've%onding tests, both in cascade facilities and in compressor test
e aat by o ng St havebeer peromed tbadechordFeynolds numbers rang
P y g ing from about 0.05 to 0.4810°. Even tests with a special Rey-

trailing edge. These “controlled diffusion airfoils{CDA) are o . .
widely in use in multistage compressors. nolds number variation did not exceed this range. Real compres-

Several experimental investigations have provided evidence 'S in aeroengines, however, operate atB®-1.2<10° even
the existence of partial laminar boundary layers on compresg¥rcruise altitud¢7], and industrial compressors or compressors in
blades. Studies in cascade facilities with different free-stream titeavy-duty gas turbines have blade chord Reynolds numbers
bulence levels and wakes, which have been produced by movimgighly from 2 to 6< 10° (Fig. 1). At these realistic turbomachin-
bars, showed laminar flow on the suction side and final transiti@ny conditions with high Reynolds numbers, the calmed regions
within a laminar separation bubble shortly after the velocity maxifter wake passing, the laminar boundary layers and, particularly,
mum [1,2]. In real compressor environments, detailed measurgre laminar separation bubbles will play a less important role.
Recent blade design and optimization studies byléfcet al.

Contributed by the International Gas Turbine Institute and presented at the 4 g‘ﬂ and Kisters et a|[9] showed that under high free-stream tur-
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- . . .

ulence levels, boundary layer transition on the blade suction side

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Inst* . . '
tute February 2000. Paper No. 2000-GT-263. Review Chair: D. Ballal. successively propagated forward into the accelerated front region
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Fig. 1 Typical blade chord Reynolds number of a heavy-duty oDistoéznceoézllonglghosds x/c1

gas turbine compressor

of the blades when the Reynolds number was increased. The blade
profile optimization algorithm employed considered this early
transition location and set the velocity maximum on the blade
suction side much further upstream than is common in so-called
controlled diffusion designs, which assume at least partly laminar
flow up to about 20—30 percent of chofdQ]. It was clearly
shown that the location of transition onset has a considerable in-
fluence on the blading design process. Conversely, the results of
new blading designs depend strongly on the reliability of the tran-
sition models employed in the boundary layer codes. Therefore, it
is essential that the transition models have been validated thor-
oughly for all turbomachinery relevant flow conditions with real-
istic turbulence levels and pressure gradients.
One correlation for transition onset, frequently used in numeri- 0
cal boundary layer codes and embedded in many design tools, is
the correlation of Abu-Ghannam and ShEit]. It has been com-
prehensively verified for tests at lower turbulence levels for Zerﬁig. 2 Influence of Reyn0|ds number and free-stream turbu-
adverse, and slightly favorable pressure gradients on flat platesice on suction side transition onset (MISES simulation )
For high turbulence level&>2 percenkthere is little information
and Gostelow and Blud€gri2] emphasized that uncertainty exists
for favorable gradients. MaylgL3] pointed out that, especially for
favorable pressure gradients, there are only two data points fromThe blade-to-blade solver MISES of Drela and Youngres
Blair [14] from a flat plate experiment witiiu=2 and 5 percent was used for the numerical study of boundary layer transition
that give sufficient information on transition onset and length. behavior. It is a coupled inviscid/viscous interaction method that
In this present study, experiments have been conducted irerploys integral boundary layer equations for boundary layer and
linear cascade facility to give specific evidence that for highavake development. Boundary layer transition is predicted em-
turbulence levels and increasing Reynolds number, transition gioying the criterion of Abu-Ghannam/Shdwd], which has been
set on real compressor blades moves upstream into the regiorslightly modified by Drelg16] to achieve a more stable conver-
strong favorable pressure gradients. The test model used wageace during the coupling process.
controlled diffusion airfoil with suction surface acceleration along Basically, transition can occur in three different modes; in a
a relatively long distance. This paper focuses on the investigatibatural transition modgTollmien/Schlichting(TS) wave instabili-
of the transition location for different levels of neaigotropic ties), in the “bypass” mode, or in the separated mode via a lami-
turbulence and Reynolds numbers, a first step in which the cofigr separation bubble with turbulent reattachment. All these
plex mechanism of wake passing was neglected. The Reynofedes depend on the Reynolds number, the pressure gradient at
number was increased beyond levels investigated so far. An #ie edge of the boundary layer, and the free-stream turbulence
flow technique and liquid crystal coatings have been used to V@vel. For high free-stream turbulence levels, transition primarily
sualize boundary layer state on the blade suction side. is induced from outside of the boundary layer and the stages of the
natural transition procesd'S instabilities are “bypassed”. For
S . many practical flows TS wave transition and bypass transition
Compressor Airfoil: Analytical Study both are often at work, but for favorable pressure gradients and
To study the effect of free-stream turbulence and Reynoldégher turbulence levels, bypass transition is relevant exclusively.
number on transition onset, a blade profile was selected that wagor the present study, boundary layer transition is calculated for
designed for an inlet Mach number of 0.6 and a flow turning of 1Beynolds numbers from 0.1 to>510° and different turbulence
deg. Its profile pressure distribution is typical of controlled diffutevels using the suction side Mach number distribution of Fig. 2.
sion airfoils(CDA) with a favorable pressure gradient on the sucFhe results in Fig. 2 bottom show a tremendous influence on the
tion surface to 30 percent of chord and beyond the station of thaction side transition onset of both the Reynolds humber and the
maximum velocity, where the boundary layer is turbulent, a steéprbulence level. For small turbulence levelBu& 1.5 percent
“controlled diffusion” with decreasing pressure gradient towarénd low Reynolds numbers, laminar separation is calculated after
the trailing edge. Its profile Mach number distribution is shown ithe velocity maximum and transition with turbulent reattachment
the upper part of Fig. 2. is predicted to occur beyond 35 to 50 percent of chord. A stepwise
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increase of the turbulence level up to 6 percent reduces the exterto © but the value successively falls toward zero near the ve-
of the separation bubble, but as long as the Reynolds number diéty maximum. According to the definition of the acceleration
not exceed values of about XAC°, transition remains behind parameter, it is obvious thd{ is inversely proportional to the
the velocity maximum X;/c>0.3). With increasing Reynolds chord Reynolds number. Therefore, the magnitude of this param-
numbers the bubble finally disappears and transition onset prop#er becomes smaller when the Reynolds number is increased. The
gates upstream into the accelerated front portion of the blade. orrelation of the momentum thickness Reynolds number at tran-
example, at a Reynolds number of 2.00° and a turbulence level sition onset against the acceleration paraméayle [13], Fig.
of 3 percent, transition onset is located near 6.1 percent of choid) claims that for free-stream turbulence levels beyond 3 percent,
Here the momentum thickness Reynolds numbey, Rénich is the acceleration parametirhas no influence on the momentum
used as the criterion for transition onset, is calculated to be 22thickness Reynolds number Re As there is little experimental
Overall, the curves in Fig. 2 illustrate that the transition onsédtformation on transition with accelerated boundary layefs (
location is most sensitive on the Reynolds number when the tur-0) and high turbulence levels, the following experiments will
bulence levels are between about 2 and 4 percent. BefJond provide further insight to this transition process and help to con-
=4 percent the transition onset location for a given Reynoldgm or correct the transition correlation.
number is more or less insensitive to higferlevels.
A further relevant influence parameter for boundary layer trarfest Setup
sition is the streamwise pressure gradient. Ma§® pointed out . . .
that for favorable pressure gradients, the flow acceleration paramJ N€ €xperiments were performed in the transonic cascade tun-

eter is the appropriate parameter to correlate transition onset Ue' of the DLR Colog_r_16{17]_. This tu_nnel is a closed-loop, con-
tinuously running facility with a variable nozzle, an upper tran-

v dU sonic wall, and a variable test section height. The air supply
K=— as system enables an inlet Mach number range from 0.2 to 1.4 and a

U Mach number independent variation of the Reynolds number from
To illustrate the acceleration rate on the blade surface of tabout 1X10*° to 3x10*°. Tunnel sidewall boundary layers
present cascade, the calculated paramiétar the blade suction ahead of the cascade are removed through protruding slots. Within
and pressure side is shown in Fig. 3. Calculations are presented blade pack aft of the minimum pressure region, endwall
for both a low and a high Reynolds number, the range in whidppundary layers and AVDR are controlled by suction through
the following experiments have been performed. On the front pathordwise slots. Tailboards combined with throttles are used to
tion of the suction side this parameter exceeds values of c@ntrol inlet and exit boundary conditions.

To allow tests with high Reynolds numbers and to have a suf-
ficient resolution of the blade surface, the cascade blade chord
was enlarged to 150 mm. Three blades were installed in the test
section, with the center blade instrumented on the pressure and
suction side. A cross-sectional view of the test section and a pho-
tograph of the cascade model are shown in Figs. 4 and 5. For
visualization tests using liquid crystal coating, the center blade
was fabricated from a carbon-fiber-reinforced epoxy material to
reduce a chordwise heat flux within the blade contour.

Most tests were run at an inlet Mach number of 0.6 with total
pressures from 0.42 to 1.7 bar and total temperatures from about
306 to 310 Kelvin, giving blade chord Reynolds numbers from 0.7
to 2.8x10P. Some tests at M=0.7 allowed Reynolds numbers
around 3< 10*5. To increase the turbulence level, three different
turbulence grids constructed from rectangular bars were installed
near the entrance to the main tunnel contraction, one about 1.9 m
and an even more coarse grid 1.55 m upstream of the test section.

Re =0.7*10° 1
Re =2.7*10° A

] Experimental Results
E Two main test series with different turbulence levels have been

1.0 Y emTTTTT -1 performed: The first one used a standard oil flow technique and
20: oL ] the second one employed liquid crystal coatings. The minimum
- suction side
o v
0 0.2 0.4 0.6 0.8 1
30 2% Transonic wall é
------- Re = 0.7*10°%\
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H i b
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Fig. 3 Acceleration parameter for suction and pressure side

for two different Reynolds numbers
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Fig. 4 Test section of the DLR Transonic Cascade Tunnel
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Fig. 5 Photograph of cascade and endwalls
Fig. 6 Oil streak lines on suction side, M ;=0.6, Re=0.8X10°

turbulence level without a grid installed was measured to be 0.7
percent. Two grids were located near the entrance of the tunnel
contraction; the first one, denoted “screen 1.9” with rectangular

bars of about 20 mm, generated a turbulence level of about 2.5-3

percent and the second one, “screen+49’ had bars of 20 mm 1.4 — T T T T T T
with four additional bars of 6 mm, generated slightly higher - Screen 1.9 Tu=25-3%
frequencies. 12 | Re=07"10° Il

During the course of the investigations it turned out that the ’
turbulence level of the first two grids was not sufficient to induce " i )
the expected upstream propagation of transition onset. Therefore, s 1.0 | - B
an even coarser gridscreen 2.6” with 25 mm barswas located o aminar separation |
slightly closer to the test blade, generating a turbulence level of 8 0.8
about 4-5 percent. [

3

Oil Flow Visualization. In a preceding test series with blades € 06
of 70 mm chord an oil flow picturéFig. 6) was obtained at a low S M X
Reynolds number of 0:810° and a turbulence level of 0.7 per- ‘E"
cent(no grid installedl. Figure 6 shows the oil traces on this blade, 0.4 r il
which had an aspect ratio of 2.4. Due to a distinct suction side i gl
velocity maximum around 30 percent of chord, which is followed 02} M =061 B, =1375"
by a relatively strong diffusion, the laminar separation is well | AVDR=1.08 p/p,= 1.12 |
developed and establishes as a short bubble between about 34 to T ) IR = 0018,
41 percent. ) ) 0 02 04 06 08 1

All further experiments presented here were performed using a Distance along chord, x/c

blade chord of 150 mm. Keeping the Reynolds number at the
same low level (0.%10°) as in Fig. 6, but increasing the turbu-
lence level, the laminar separation behavior does not change con-
siderably. The blade Mach number distribution and the oil traces
in Fig. 7 both again indicate a separation bubble fdiudevel of
2.5 percent and a Reynolds number of 0T0°. This separation
bubble, however, disappeared when the Reynolds number was in-
creased to Re2.0x1(P. At this high Reynolds number aritu
level the oil traces do not show a specific change of their structure
along the blade suction sid€ig. 8). Obviously, the discontinuity
in c¢ is not sufficiently distinct to show an essential difference on
the blade surface, at least downstream of about 15 percent of
chord. As at high Reynolds numbers the boundary layer is thinner,
the measured total pressure losses are lower compared to those of
the low Reynolds number tests and the experimental blade Mach
number distribution does not show the separation bubble. A nu-
merical simulation employing the blade to blade solver MISES
nearly exactly matches the measured surface Mach number distri-
bution, as shown in Fig. 8.

Further high Reynolds number tests with oil flow visualizatiomig. 7 Mach number distribution and oil streak lines at Re
and even higher turbulence levelBus 4 -5 percentdid not pro-  =0.7x10° and Tu=2.5-3 percent, 1 tick approximately 10 per-
vide a clearc;-induced change in the surface flow structure withigent of chord
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Fig. 9 Predicted blade Mach number distribution and calcu-
lated adiabatic wall temperature on suction side

layer edge, is calculated for the present cascade from its surface
Mach number distribution using the different recovery factors for
laminar and turbulent flowr(=0.836 and 0.89, respectivelyFig-

ure 9 shows that in the front portion of the suction side a maxi-
mum temperature difference of alioR K can be expected be-
tween laminar and turbulent flow. Prior to the tests, a numerical
parameter study was performed for a high Reynolds number and
four different turbulence levels to estimate the expected location
and magnitude of the temperature difference across transition. The
model used for prediction of transition again was the modified
correlation of Abu-Ghannam and Shat6]. Figure 10 shows the
calculated suction side temperatures for the tests at the Reynolds
number of 2.6 10°and turbulence levels from 0.5 to 3 percent.
The highest temperature difference across transition can be ex-
pected for the low turbulence level test. That case results in the
lowest temperatures for the laminar flow at velocity maximum

) ~and a theoretical temperature increase of mora th& near 40
the accelerated front portion of the blade and thus no evidence

regarding transition in this region. Therefore, the tests have been
repeated using sensitive liquid crystal coatings.

Fig. 8 Mach number distribution and oil streak lines at Re
=2.1X10°% and Tu=3 percent, 1 tick approximately 10 percent
of chord

Visualization Using Liquid Crystal Coatings. Liquid crys- Re= 2.6*10° T,=3807K
tal coatings have been used to detect transition by visualizing tx 28— e ——
difference in adiabatic wall temperature between laminar and tésos- Tu=0.5%] :
bulent boundary layers. This technique requires a relatively seg sga} [
sitive mixture of liquid crystals that is sprayed on the black colg 303\ oo o]
ored blade surface. To achieve a sufficient contrast in wel 1
temperature as reflected through colors of the liquid crystals, § ***[
was necessary to use a thermally insulated test blade that vg 301
made completely out of carbon fiber composite. The event ter” soo
perature of the liquid crystals is selected to be approximate_ soe
4-5°C lower than the total temperature and within the sensitiv< ;[
temperature rang@bout 2°Q the colors of the scattered light are:. %
red, yellow, and green. Before approaching this range the quu%
crystals are transparent and the blade surface looks black. A fig 3°f
tuning of the total temperature in steps of about 0.1 deg allows i 202f
adjustment of the wall temperature to the event temperature of t5 so1}
liquid crystals(303—305 K. More information on this visualiza- 3 44,
tion technique is given in a previous report by Steinert an
Starken[18] and a recent measurement technique paper by Bize
et al.[19] for example. Fig. 10 Simulated surface temperature distribution on blade

The adiabatic surface temperatufg, which depends on the suction side, influence of free-stream turbulence on tempera-
type of boundary layer and the Mach number at the boundatye discontinuity near transition for M ;=0.6 and Re =2.6X10°

&
T

0.2 0.4 0.6 0.8 10 0.2 0.4 0.6 0.8 1
Distance along chord, x/c Distance along chord, x/c
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1.4 — T When increasing the Reynolds number to about<2.@® but
TR Tu = 0.79% i keeping the turbulgnce level as low as bef(ng turbulenpe grig

12 | Re-08'10° | the liquid crystal picture again showed laminar flow in the front
? portion; the yellow stripe, that indicates laminar separation, prac-
tically disappeared, but again or still, the streaky turbulent “reat-

E 1.0 tachment zone” remaine(Fig. 12. The blade Mach number dis-

i laminar se0 tribution in Fig. 12(top) provides no clear indication for a laminar

2 as - I separation bubble. Due to the increased Reynolds number, the
(—ihEs H i thinner boundary layer now starts to become sensitive to certain
5 4 ref. tesl | h ticles. Theref first yellow “turbul d ?
= o : roughness particles. Therefore, first yellow “turbulence wedges,
= 98T s 28 1 located downstream of isolated small grains or excrescencies, be-
o e ] come visible within the laminar front portion.

= 04t T | Increasing the turbulence level to about 2.5 percent, one sees

the weak laminar separation bubble completely disappears and
boundary layer transition starts around 30 percent of chord, i.e.,

02 | M =080 f =1376 4 near the suction side velocity maximufig. 13. A slightly
AVDR=102 pJjp = 1.12 . . X
i e O higher turbul_ence Ieve_l‘l_(u~3 percer]l p_rowdes onl_y a mgrgl_nal
0.0 pr gt upstream shift of transition and the liquid crystal picture in Fig. 14
o 02 04 0B 08 . 1 does not confirm the forward transition location that was predicted
Distance along chord, x/'c by the MISES code near 5 percent of chgsge Fig. 2 or for a

similar condition Fig. 10 bottom right However, the number of
roughness-induced turbulence wedges increases considerably so
that wide areas of the laminar flow effectively become turbulent.
On the other hand, these turbulence wedges provide a clear
evidence that the suction surface flow beside these wedges is
laminar.

A final upstream movement of the transition process could be
achieved only with a coarser turbulence grid. At about 4-5 per-
cent turbulence intensity the bypass mechanism becomes domi-
nant, and transition is observed upstream of 10 percent of chord
(Fig. 15. A test with an even more increased Reynolds number
could be achieved at an inlet Mach number of 0.7. Figure 16
provides the liquid crystal visualization for a Reynolds number of
3.1x 10° and a turbulence level of about 3.5 percent generated by
the turbulence grid denoted “screen +8.” About 70 percent of

reattachment the blade front portion is covered with turbulence wedges, reveal-
ing the increasing sensitivity to surface roughness.
Fig. 11 Mach number distribution and liquid crystal picture of A comparison of the transition locations derived from the visu-
suction side at Re =0.9X10° and Tu=0.7 percent showing lami- alization experiments to the predicted locations, employing the
nar separation and turbulent reattachment criterion of the MISES cod§l16], is shown in Fig. 17 for a con-

stant Reynolds number oP210°. Overall, the forward movement
of transition onset with rising turbulence level can be confirmed

» . qualitatively; but aroundTu=3 percent the Abu-Ghannam and
percent of chord. When transition propagates upstream with igpay/Drela correlation slightly overpredicts the forward move-

creasingTu levels, this temperature difference unfortunately b&yent of transition into the accelerated blade front portion. Some
comes somewhat less. uncertainties remain because within the domain of higher Rey-

As transition in reality is a three-dimensional and more gradugh)gs numbers surface roughness seems to play an additional, but
process, the temperature increase on the surface will not bes@Seantial. role.

pronounced and clear as predicted in Fig. 10, especially for the
high-turbulence-level tests. The transition-induced change in sur-
face temperature for those conditions, however, is still more pro-
nounced than the gradual temperature variation that is caused%ﬂfface Roughness
the local change of the surface Mach number. Certainly, someThe foregoing observations clearly show that both free-stream
uncertainty remains concerning the precise experimental determoirbulence and surface roughness have a considerable influence on
nation of the transition location. The theamyith Tu=3 percent transition. At low Reynolds numbers, roughness is relatively
would expect early transition within the accelerated front portionarmless, but the boundary layer becomes very sensitive when the
around 5 percent of chord. The position of laminar separation aReynolds number is increased. The test blade, which is covered
reattachment from the experiment, however, is quite accurate. with liquid crystals, has a certain roughness that probably could
The first test presented in Fig. 11 shows a low-Reynoldgaduce premature transition before the bypass transition process
number test without a turbulence grid upstreafo~£0.7 percent  becomes dominant. To ensure that the surface roughness remains
Black regions in the blade front portion indicate a cold laminavelow the critical roughness height and that the global spanwise
boundary layer. The “warm” laminar separation bubble to be sedransition onset either is natural transition or really is induced by
between 34 and 41 percent of chord, is yellow-red followed byfeee-stream turbulence, a theoretical estimation was performed,
streaky “partly cold” turbulent reattachment zone. Evidently, turthe results of which are presented in Fig. 18. This figure, derived
bulent reattachment takes place in combination with longitudinkbm a diagram in Mayldg13], presents a correlation of the mo-
vortices, which produce a streaky temperature distribution. Theentum thickness Reynolds number at the onset of transition plot-
rear turbulent blade surface shows increasing temperatures wét against a roughness paraméterm Mick [20], upper dashed-
yellow-red-green colors. Similar observations at such low Regotted ling. If Re, lies above this curve, surface roughness would
nolds number tests had been shown previously by Steinert anduce transition. The nearly straight lines in Fig. 18 represent
Starken[18]. calculated Rg developments along the blade surface of the
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transition
partly in
laminar separation

n turbulent
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reattachment

laminar

turbulence

Fig. 12 Mach number distribution and liquid crystal picture of Fig. 13 Mach number distribution and liquid crystal picture of
suction surface at Re =2.2X10° and Tu=0.7 percent (no suction surface at Re =2.0X10° and Tu=2.5-3 percent (screen

screen) 9)

present cascade for sand roughness heights of 5, 10, apth20 concluded, or at least suspected, that transition at the high Rey-
Roughness measurements of the tested blade surface yielded $étds numbers and high turbulence level is bypass transition, and
roughness heights not greater thkg=10 um (with ks=8.6 hot roughness, induced transition.

X Ra, following Schifler [21]). As the curve withkg=10 um A further interesting and essential finding of these visualization
does not intersect the limiting curve for Reeansition, it can be €xperiments can be seen in Figs. 12-15. These figures again show

turbulent

transilion

Fig. 15 Liquid crystal picture of suction surface at Re =~2.0

Fig. 14 Liquid crystal picture of suction surface at Re =20 %108 and Tu=4-5 percent (screen 2.6)

X108 and Tu=3-3.5 percent (screen 1.9 +4)
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Fig. 16 Liquid crystal picture of suction surface at M 1=0.7,
Re=3.1X10°% and Tu=3-3.5 percent
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Fig. 18 Momentum thickness Reynolds number Re , calcu-

lated for three different roughness heights in comparison to
Re, transition (dashed line from [20]) against the roughness
parameter 6/ks
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tests for increasing turbulence levels at a high, but practically
constant, Reynolds number ofx2.P. As the turbulence level
was raised, more and more turbulence wedges on the blade sur-
face become visible originating with small roughness particles.
Evidently, the particles alone are not able to produce turbulence,
but the interaction of the particle-induced instabilities inside the
boundary layer with disturbances of sufficient strength from the
outer free-stream turbulence seems to initiate turbulence in the
boundary layer. This interaction of surface particle-induced insta-
bilities with the disturbances coming from outside of the boundary
layer is a complex, but rather important, mechanism that must be
considered in future research work on transition onset.

Conclusions

Surface flow visualization tests have been performed on the
blade suction side of a controlled diffusion compressor blade to
show the effect of Reynolds number and free-stream turbulence
on transition location. At the low Reynolds number of 8B, a
clear laminar separation bubble with turbulent reattachment is vis-
ible on the suction side, which does not disappear when free-
stream turbulence is increased to 3 percent.

The main focus, however, was on suction side transition onset
at high Reynolds number (Re2x 10°) and accelerated boundary
layers (K>0). A numerical study employing a modified Abu-
Ghannam and Shaw correlation indicated that for high Reynolds
numbers and an increasing turbulence levie 3 perceny, tran-
sition propagates far forward into the accelerated region of the
suction side. The experiments qualitatively confirmed an upstream
movement of transition, but a slightly high&u level was neces-
sary to induce early bypass transition. Additionally, the tests
clearly showed, that besides both increasing Reynolds number and
turbulence level, theurface roughnesglays an essential role. At
high Reynolds numbers, roughness-induced turbulence wedges
cover wide areas of the blade front portion so that laminar flow
has a less important influence.

The results of both the numerical study and experiment suggest
that for high Reynolds numbers, blading design has to consider
the effect of early transition onset. Compressor blades with a tran-
sition location shortly after the blade leading edge should obtain a
front-loaded blade pressure distribution at least for subsonic flows
with a forward-located suction side velocity maximum.

When considering the more complex unsteady effects of wake-
blade boundary layer interaction, one should consider that for high
Reynolds numbers, laminar boundary layers are less important,
and that the calming effects after wake-induced transition may be
altered considerably. Furthermore, the combined effect of surface
roughness at high Reynolds numbers and high turbulence level is
an important field for future research work on boundary layer
development in turbomachinery blading.

Nomenclature

AVDR = axial velocity density ratio
= (paW2 sinB;)/(paw1 SinBy)

ks = height of standard sand roughnegs)

K = acceleration parameterU?* (dU/ds)
M = Mach number
Mis = isentropic Mach numbes f(p/p;1)
Ra = arithmetic average roughness
Re = Reynolds numberu;c/v,
T = temperature
Ty = adiabatic wall temperature
Tu = turbulence level
¢ = profile chord length
p = pressure
s = blade spacing, pitch
U = velocity at edge of boundary layer
u = velocity
B = flow angle with respect to cascade front
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V= kmematlc viscosity [9] Kdsters, B., Schreiber, H. A., Her, U., and Maig, R., 1999, “Development
p = den5|ty of Advanced Compressor Airfoils for Heavy Duty Gas Turbines, Part II: Ex-
o = total pressure loss coefficient(pi; — Pi2)/ (P11 — P1) perimental and Analytical Analysis,” ASME J. Turbomach22, pp. 406—414.
6 = boundary layer momentum thickness [10] Wisler, D. C., 1985, “Loss Reduction in Axial-Flow Compressors Through
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Multi-Blade Row Interactions

in a Transonic Axial Compressor:

Part |—Stator Particle Image
A.J.sanders' § \Jelocimetry (PIV) Investigation

J. Papalia
Multi-blade row interactions in an advanced design 1&1/2 stage axial-flow compressor
S. Fleeter are experimentally investigated at both subsonic and transonic rotor operating conditions
using particle image velocimetry (PIV). Transonic rotor operation had a significant im-
School of Mechanical Engineering, pact on the downstream stator unsteady flow field due to phenomena associated with the
Purdue University, intra-stator transport of the chopped rotor wake segments. In the stator reference frame,
West Lafayette, IN 47907 the rotor wakes have a slip velocity relative to the mean flow that causes the low-
momentum wake fluid to migrate across the vane passage and accumulate on the stator
pressure surface as the chopped wake segments are transported downstream. This results
in the generation of counterrotating vortices on each side of the chopped wake segment
that convect downstream with the mean flow and act as an additional source of unsteadi-
ness to the vane pressure surface. These interaction phenomena are not evident in the PIV
data at the part-speed compressor operating condition due to the much lower velocity
deficit and hence slip velocity associated with the subsonic rotor wakes.
[DOI: 10.1115/1.1411973

Introduction downstream stator. The presence of the downstream stator was
found to cause the rotor wakes to decay twice as fast as those

To predict blade row interaction phenomena, design system o by the rotor in isolation.

steady aerodynamic analyses generally consider the response @f ihe reference frame of the downstream stator, the wake fluid
an isolated blade row, with both linearized frequency domain amgs a higher tangential velocity component than the free stream,
nonlinear time-accurate computational fluid dynamiCFD) Fig. 1. This slip velocity causes the low-momentum wake fluid to
analyses utilized. Both approaches first require the specificationdsfft across the vane passage and collect on the airfoil pressure
the unsteady aerodynamic forcing functions as a boundary consiivface as the chopped wake segments are transported down-
tion, with viscous wakes generated by an upstream blade row steeam. This results in a local broadening of the wake segment
most common type of forcing function considered in these analpear the pressure surface and a thinning near the suction surface

ses. In the unsteady analysis, the wake profiles are specified udH§ to “negative jet” effects. Recirculating flow patterns are also
?(enerated as high-momentum free-stream fluid is drawn into the
0

either the results of a steady CFD analysis or empirical correl :
pped wake segment near the suction surface to replace the

tions based on far field measurements taken behind low-s - .
P w-momentum wake fluid that has drifted across the passage. As

cascades or .'SOlated blade rows. Th's. approach, however, is o ¢ low-momentum wake fluid accumulates on the airfoil pressure
found to be inadequate when predicting the forced response be-

havior of multistage turbomachinery, due in part to multi-blade
row interaction effects not being accounted for in the analysis.

In multistage turbomachines, downstream blade rows periodi-
cally chop upstream-generated vane wakes, with the chopped
wake segments reoriented as they are transported through the ro-
tor passage. These chopped wake segments do not become re-
united at the rotor exit due to the airfoil circulation, thereby caus-
ing attenuation of the wake segments by disperdibh This
inviscid wake transport process is often referred to as wake recov-
ery, with the inviscid straining of the chopped wake segments by
the downstream vane row potential flow field enhancing the rotor
wake decay by a reversible process that reduces the viscous mix-
ing losses. Van Zante et 4R] developed a model to evaluate the
relative contributions of viscous dissipation and inviscid stretch-
ing to the decay of rotor wakes as they are transported through a
downstream stator passage, with the model predicting inviscid
stretching to be the dominant wake decay mechanism. Poensgen
and Gallus[3] investigated the decay of wakes generated by a
rotor consisting of circular cylinders both with and without a

—  Isolated
Stator Wake

— Multistage
——iI_ -~ Stator Wake

—— Freestream Velocity
- Wake Velocity

Currently at Honeywell Engines & Systems, Phoenix, AZ. i S
Contributed by the International Gas Turbine Institute and presented at the 46th @/ Slip Velocity
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleans,
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbine
Institute February 2001. Paper No. 2001-GT-268. Review Chair: R. Natole. Fig. 1 Intra-stator transport of chopped rotor wake segments

10 / Vol. 124, JANUARY 2002 Copyright © 2002 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



surface, it will interact with the airfoil boundary layer and evenfirst-stage vane and blade row. Near the rotor leading edge, the
tually end up appearing in the wakes of the blade row that pdtew underturning in the vane wake was dominated by overturning
forms the chopping. caused by the periodic passing of the rotor potential field. Ehrlich
Hodson[4] investigated the wake-generated unsteady flow fiekhd Fleetef13] used PIV to characterize the unsteady flow over
in a turbine rotor using a two-dimensional inviscid analysis. Than annular cascade airfoil driven to oscillate in a chordwise bend-
chopped wake segments became bowed as they were ingestediffgomnode. High leading edge unsteady loading occurred at zero
the blade passage due to the convection velocity being mugigan incidence as the stagnation point migrated from the upper to
higher near midpassage than at the leading edge stagnation potfiglower surface of the airfoil over one oscillation cycle, with this
The chopped wake segments also behaved as “negative jets"usteadiness enhanced by the periodic formation and collapse of a
they were transported downstream, with the low-momentum wal@ading edge separation bubble.
fluid drawn across the passage from the pressure toward the suclime-accurate multi-blade row CFD analyses are beginning to
tion surface of the blade. This wake migration resulted in a reci€ utilized to analyze nonlinear blade row interactions in ad-
culating flow pattern and the generation of a large pair of vorticégnced turbomachine designs. These analyses account for blade
of opposite sign on each side of the chopped wake segment. FOW interaction effects and also ellml_n_ate th(_e need to specify the
Valkov and Tan[5] used an incompressible two-dimensionafo_rc'ng functions as bou_ndary conditions since the_y are dete_r-
Navier—Stokes analysis to investigate the unsteady flow field géRined as part of the solution. However, the computational domain
erated in a stator vane row due to its interaction with incominigfilized for these simulations is usually reduced by scaling the

rotor wakes. The unsteady flow over the vane pressure surf&&Pmetry such that each airfoil row is represented at most by a
was substantially different in nature from that on the suction su€W Passages. This greatly reduces computer processing time and

face due to the wake chopping and transport process. Once age requirements, but alters the fundamental periodicity of

wakes entered the vane passage, the slip velocity in the rofgfor—Stator interactions, i.e., the interblade phase angle, which is
P 9 P y pgcmed by the blade—vane count ratio. Additionally, the solu-

wakes caused the wake fluid to migrate toward the vane press : .
ns converge very slowly and require vast computational re-

surface where it piled up and evolved into two counterrotatin Fund tal blad int tion dat th ded
vortices. For strong wakes with a rotor relative velocity deficit o urces. Fundamental blade row intéraction data are thus neede

75 percent, these nonlinear self-advective wake migration effels2SSess the validity of these time-accurate multi-blade row CFD

= . - alyses.
were significant compared to the convective action of the fr f - . .
stream flow. When the incoming velocity deficit was reduced to This two-part paper is directed toward addressing this need,

30 percent, the free-stream convective effects became domin M'e also providing an improved understanding of unsteady aero-

and the solution was characterized by more persistent wake s é@amlc_lnteractlons n _multl-bla_de row turbomachinery. This is
- decomplished by obtaining detailed benchmark rotor—stator un-
ments and weaker vortices.

Circumferential nonuniformities in the stage exit total temper steady aerodynamic blade row interaction data in an advanced

tre profiles have also been attributed to the transport of t esign transonic 1&1/2 stage axial-flow research compressor at

chopped rotor wake segments through downstream stator p %Eh _de5|gn and part-speed operating conditions. These detailed
sages. with these nonuniformities sometimes as large as 10 3§t_a mcludc_a measurements of the rotor wake generated unsteady
ges, . as 1arg pateé'rodynamlc forcing function to the downstream stator, the result-
cent of the temperature rise across the sfégeThis is due to the ant stator vane steady and unsteady aerodynamic response, and
Bi¥ measurements of the time-variant stator midspan vane-to-

surface as they are transported downstream, with the IOWéme flow field. This portion of the paper describes time-variant

ture than the free stream, this intra-stator transport process le dy and unsteady aerodynamic response data described in
to a circumferential variation in the stator exit total temperatuig,; |;

profile.
Particle image velocimetr§PIV) is a relatively new whole-field -
technique that provides quantitative measurement and visualiizesearch Facility

tion of a two-dimensional velocity field. In this technique, seed The Purdue Transonic Research Compressor Facility features a
particles within the flow field are illuminated by a thin light shee g1/2 stage axial-flow geometry representative of that used in the
generated by a double-pulsed high-power laser, with images of #ignt stages of advanced aircraft engine high-pressure compressor
particles corresponding to the first and second laser pulse fgsigns. The drive system consists of a 400-hp AC motor, a vari-
corded. The distances traveled by the particles over this time @ble speed magnetic clutch, and an 8:1 ratio gearbox, the output of
terval are determined using correlation algorithms, with the velogrich drives the compressor rotor, Fig. 2. Atmospheric air is
ity field calculated by dividing each distance by the known tim@rawn into the test section through a converging bellmouth inlet
between pulses. The result is an instantaneous measurement ofyfiiie a 16:1 contraction ratio and exits the test section through
two-dimensional velocity field at a single instant in time, therebylischarge piping, which contains a butterfly throttle valve to regu-
providing quantitative visualization of flow field structures thafate the flow rate.
would be difficult if not impossible to obtain using conventional The test section has a constant hub—tip ratio of 0.67 with a tip
point measurement techniques such as laser doppler velocimefizimeter of 0.3 m(12.0 in) and features an inlet guide vane
(LDV). (IGV) row, a blisk with 19 rotor blades, and a downstream stator.
However, there have been relatively few PIV applications tBhe compressor design speed is 20,000 rpm, with a maximum
turbomachinery, with most focusing on the steady blade-to-blageessure ratio of 1.38. The rotor blades consist of NACA 65 series
flow field. These include measurements in a two-dimensional turofiles on circular arc meanlines with a 5.08 ¢2n0 in) chord
bine cascad¢7], a transonic three-dimensional annular turbinand a thickness distribution varying from 10 percent at the root to
nozzle[8], a low-speed compressor rotf#], and the first-stage 6 percent at the tip. The IGV and stator vanes are an advanced
vanes of a low-speed turbine with and without leading edge showsntrolled diffusion airfoil(CDA) design with a 4.45-cnf1.75-
erhead film cooling[10]. Funes-Gallanzi et al[11] have also in.) chord and a constant 7 percent thickness. Both the IGV row
made PIV measurements in the wake region behind an isolatestl stator feature variable stagger angles, adjustable axial spac-
transonic turbine nozzle and reported reasonable agreement withgs, and can be independently configured with either 18 or 20
steady three-dimensional viscous analysis. vanes. Additionally, the IGV row is indexable, i.e., the IGV ring
Day-Treml and Lawles$12] investigated vane—blade interac-can be clocked circumferentially relative to the downstream stator
tions in a low-speed turbine, with PIV data acquired between tlad stationary instrumentation probes.
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pixel through the use of sub-pixel interpolation schemes. PC con-
trolled software is used to perform off-line validation and post-

processing of the vector maps, with directional velocity informa-

tion unambiguously determined since the initial and final particle
positions are recorded as separate images.

Flow Seeding. Reliable PIV measurements require that the
flow be seeded with tracer particles small enough to track the flow
accurately and large enough to scatter sufficient light to be de-
tected with the imaging system. These particles must be intro-
duced in a manner that does not significantly disturb the flow field
and at the same time provides a sufficient and uniform seeding
density in the region of interest. Due to the high flow rate through
the compressor, a Rosco 1600 Fog Machine is used to generate the
seed particles. This is a thermal aerosol generator that produces a

2 indexable i
1GV Ring Sfator st Case

high volume of seed particles by discharging a heated and pres-

t\\“’:::———*- : i / surized glycol-based mixture into the atmosphere where it imme-
T 7 ] l diately vaporizes and then condenses into a fine mist of monodis-
Flow > o ! perse particles. A uniform seeding density in the test section is

achieved by introducing these seed particles upstream of the bell-
mouth inlet and allowing them to disperse into the ambient air
prior to being drawn through the facility.

IR A N
I g
I 1 - Rotor Blisk

4 Ptand 4 Tt Exit Rakes
Spaced 45 deg. Apart

; Ptand Tt Inlet Rakes
FEn Spaced 180 deg. Apart

PIV Image Acquisition. To characterize the downstream sta-
tor unsteady flow field generated by the rotor—stator interactions,
the instantaneous midspan vane-to-vane flow field is measured for
several time instants over one rotor blade-passing period. A once-
per-revolution pulse from a photo-optic sensor on the compressor
shaft triggers the PIV 2100 Processor that then fires the lasers and
records the camera CCD images. To record images at different
points over one interaction cycle, the measured rotor speed is used
to calculate the time delay to position the rotor at the desired
angular location relative to the stationary vanes. This value is then
programmed into a LaserStrobe 165 Phase Delay Generator,
which can deliver an accurate time delay up to 99@s9n 0.1us
increments.

Optical access for the PIV measurements is provided to a single
. . stator passage using a removable window assembly, which fea-
Particle Image Velocimetry tures 2.54 cm(1.0 in) constant-thickness Plexiglas contoured to

Particle image velocimetr{PIV) is a whole-field measurementthe flow path O.D., Fig. 3. Note that the PIV data are acquired for
technique, providing quantitative flow visualization of a twothe same passage at which the unsteady rotor wake generated
dimensional velocity field. The flow is seeded with tracer paforcing and vane unsteady aerodynamic response measurements
ticles, with the two-dimensional blade-to-blade plane of interegtere made, but these data are not simultaneous. The midspan
illuminated by a laser sheet generated by a timed double pulsevahe-to-vane flow field is illuminated by a 1-mm-thick sheet in-

a high-power laser. In the digital PIV technique, a CQibarge troduced downstream of the stator through an optical probe, Fig.
coupled devicecamera synchronized to the laser is used to recofd The probe has a 7.94-mm O.D. and consists of a 45-deg high-
the images of the seed particles within the light sheet for bogéergy Nd:YAG mirror and a+4.0-mm plano-cylindrical lens.
laser pulses. The camera images are then divided into rectangfigier to entering the probe, the laser beam is passed through an
interrogation regions and correlation algorithms used to determiitis and a 1000-mm plano-convex lens located on a breadboard
an average displacement vector for each region. The velocity vec-

Rotor

2:D Stator

Tip

2?; cﬁ%:;b / \\\:b_
J/

Fig. 2 Purdue transonic compressor research facility

Hub

tors are then determined by dividing each displacement vector by 10V g e Rotor Ring / Rubeirp Siotor Sk Cae

the specified time between pulses. ; P s |
PIV System. The DANTEC PIV system utilized for these M — : : IREe

experiments consists of a 30-mJ NewWave Research Minilase Il A im|

Nd:YAG laser, a high-resolution Kodak Megaplus ES 1.0 digital © %)

camera, and a dedicated personal comp(R&) controlled PIV
2100 Processor. The laser has twin oscillators operated in single
Q-switch mode and are capable of delivering a 5—7 ns duration
pulse with a wavelength of 532 nfmisible green light at a rep-
etition rate of 10 Hz. The two oscillators are necessary to provide
a pair of equal energy laser pulses in the short time interval re-
quired to expose the images in a high-speed flow, with the time
between pulses specified using software. The digital camera has a
1008x1018 CCD array operated in cross-correlation mode, with

o,

the images corresponding to the first and second pulse of the laser ® .. © +

recorded separately. Both images are then transferred to the PIV - S a——
2100 Processor that provides near real-time vector processing of | | P L1 ]
the images using Fast Fourier Transfo(RFT) correlation tech- — Stator Widow

niques. This unit also synchronizes the camera and laser, and is

capable of resolving the particle displacement to within 1/10 of a Fig. 3 Flow path optical access
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edges of each interrogation area, since this approach assumes that
the sampled regions are periodic in space. This can result in the
loss of particle pairs due to a low signal-to-noise ratio at the
boundaries, with particles near the edges not used in the velocity

. Optical calculation. However, this information is recovered by oversam-
Side View Probe pling the images using overlapping interrogation regions. This
process does not increase the fundamental spatial resolution, but
€ 116 mm generates additional vectors as suitable interpolations. For the

present investigation 3232 pixel interrogation areas with 50 per-
cent overlap are used to process the image maps, which results in
F';%a;e 3844 raw velocity vectors per image. The maximum uncertainty

Light Beam

in these velocity measurements is estimated to be 2.5 percent.

Results
El

The downstream stator unsteady flow field generated by rotor—
stator interactions is experimentally investigated along the nomi-

nal operating line at both the transonic design spe&f (
Light Sheet =20,000 rpm) and part-speed condition in which the rotor flow is
L subsonic N.=15,000 rpm), Fig. 5. For these experiments, the

compressor test section is configured with moderate axial spac-
ings, with the IGV—-rotor and rotor—stator midspan axial spacings
set at 41.4 and 39.0 percent stator chord, respectively. Both the
IGV and stator have 18 vanes set at their design stagger angles
(minimum loss incidende with the IGV row fixed in the un-
clocked position, i.e., the stacking axes of the IGV and stator
vanes coincide at the same circumferential position, Fig. 2. Note
that the unsteady data presented in Parts | and Il of this paper are
acquired for the same reference stator passage, i.e., the rotor wake
Shadow generated forcing function, stator vane unsteady aerodynamic re-
sponse, and PIV data are for the same stator passage but are not
- simultaneous. Additionally, the vane-blade initial position for
these data correspond to the rotor stacking axis being at the center
of the reference passage at tire0.

Top View

PIV Data Ensemble Averaging. The PIV data are ensemble-
averaged in order to obtain clean periodic snapshots of the down-
Fig. 4 Stator optical probe and light sheet optics stream stator flow field at several time instants over one interac-
tion cycle. Figure 6 shows the effect of using different numbers of

adjacent to the test section. To minimize disturbances producedI n?oesr;(}o?e;esrmmlg F:]oez:gsrggflgl-:c\ilgragsei(tjioarllxg twgi?aggcrﬂl?:r
the finite size of the probe, it is positioned ahead of the supp u 9 p

strut leading edge 2.06 stator chord lengths downstream of t %sign speeq. The instantaneous stator flow.field for one.ensemble
stator trailing edge ' contains a high degree of random unsteadiness, but with 30 en-

A 60-mm Nikon lens with an aperture setting of f/4.0 is used t embles a clean periodic snapshot of the flow field is obtained.

image the flow through the entire vane passage onto the CV I?tlrvﬁlyldfev%/ fnser;:bilﬁs are :equmeiirfort tge PiIrY dat“a sn:ic? tr\1/e
array. This provides information about the global features of the c o' 1€10S Tor €ach image aré constructed using a “spatial av-
pge of the velocity within each interrogation region, with pro-

downstream stator unsteady flow field generated by rotor—sta?&ss.n of the image maos averading out many of the small-scale
interactions, but the spatial resolution is inadequate to resolgg>S"9 Image maps averaging ou y
[fuctures associated with turbulent flow.

small-scale flow structures. To examine the details of the down . ) .
stream stator unsteady flow field generated by these interactions, ?ote that there are some regions of the flow field where it was
Nikon 105-mm lens is used to image only a small portion of th 0 pO.SS'b'? to acquire \./f"‘“d data. Since th_e flow f!eld is twrbulent,
vane flow field onto the CCD array. The magnification factors fdf'€"€ IS @ finite probability that some particles will travel out of
both lenses are determined by photographing a test grid wifie Plane of the light sheet between successive images. This loss
known spacing through the window assembly, with optical distoP—f particle pairs causes some interrogation regions to yield no
tion caused by the curved window accounted for by using separate

scale factors in the horizontal and vertical directions. 1

PIV Image Analysis. The images corresponding to the first
and second laser pulses are divided into rectangular interrogation 14
areas, with cross-correlation software used to determine an aver-
age particle displacement for each region. To obtain a high signal-
to-noise ratio, the interrogation area must be small enough so that
the flow velocity is homogeneous within each region and at the
same time large enough to encompass a sufficiently large popula-
tion of particle pairs. When imaging large areas with high gradi-
ents such as unsteady flow through turbomachinery blade pas- N, = 15000
sages, it may not be possible to satisfy both of these requirements . l o e
simultaneously, and a compromise must be made when choosing 06 07 08 09 10 11
the size of the interrogation area.

The FFT processing algorithm that computes the cross-
correlations generates artificial cyclic background noise at the Fig. 5 Purdue transonic compressor performance map

-
Nom Op Line

Total Pressure Ratio
o

N, = 20000

Normalized Corrected Flow
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Fig. 6 Effect of ensemble-averaging the stator flow field at Fig. 7 Time-averaged stator flow field at subsonic rotor speed

transonic rotor speed

suction surface Mach number peaking at 0.38 at 30 percent chord.

valid data, with this loss of data occurring at random locations fiit the transonic rotor speed, the average inlet and exit Mach
each image. Additionally, there are other regions of the flow fielgumbers determined from the pneumatic surface pressure data are
where it was not possible to obtain valid data regardless of tRe39 and 0.34, with the pressure surface Mach number nearly
number of ensembles used, i.e., near the vane surfaces and gggstant at 0.30 and the suction surface Mach number peaking at
sage inlet. The lack of data in these regions is attributed tola01 at 30 percent chord. These values are in excellent agreement
combination of factors such as saturation of the raw image caud#i the time-averaged PIV data for both rotor speeds.

by shadows and reflections off the vane surfaces and secondaryWo unsteady flow phenomena occur as the rotor wakes are
reflections off the rotating rotor blades back into the vane passa§8opped and transported through the downstream stator passages.
Three-dimensional effects associated with the highly loaded rofoist. the circulation around the stator vanes enhances the decay
tribute to the lack of data in certain regions of the flow fieldfluid as the chopped wake segments are convected downstream,
particularly near the pressure surface of the vane, where thig- 10. For an incompressible inviscid two-dimensional flow,
chopped wake segments collect on the airfoil surface. In general,
the number of valid vectors used to compute the ensemble average
flow field is less than the number of images acquired, with no
valid data present in some regions of the flow. For the subsequent
analysis, 30 images are used to calculate the ensemble-average
velocity field for each rotor position, with at least ten valid vectors
required to compute the mean for each interrogation area. 02

0.4

Stator Vane-to-Vane Flow Field. The time-variant down- %-
stream stator midspan vane-to-vane flow field is measured using § g
PIV, with ensemble-averaged snapshots of the periodic unsteady &
flow field generated by rotor—stator interactions presented for ten 3
equally spaced increments over one blade-passing period. TheE .2
time-average of the unsteady flow field is also presented, with this
vector field calculated by arithmetically averaging the ensemble- g
averaged flow field over one complete interaction cycle. Since it
was not possible to obtain valid data at every point in the flow
field, the time-average is calculated only for interrogation regions (1.6
that had valid velocity vectors at all ten time instants.

The time-averaged stator midspan Mach number contours are

0.4

shown in Figs. 7 and 8 for the subsonic and transonic compressor .
operating conditions, respectively. These time-averaged PIV data 04 02 00 01 04 06 08
are in excellent agreement with the steady surface Mach number Axial Location, &/

distributions shown in Fig. 9, with the surface Mach number cal-
culated from the pneumatic pressure tap data described in Part Il
of this paper. Specifically, the steady surface Mach number distri- 00 ; 0.2 0.3
butions for the subsonic rotor speed indicate that the average inlet Mach Number

and exit Mach numbers are 0.30 and 0.25, respectively, with the

pressure surface Mach number nearly constant at 0.23 and Hie 8 Time-averaged stator flow field at transonic rotor speed
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045 ——p——p—+———T——T T 1T+ number contours at ten time instants over one blade-passing pe-

[ 15000 pm 1 riod. The time-variant vorticity field is shown in Figs. 11 and 12
2 ossh 1 for the subsonic and transonic rotor speeds, respectively. The vor-
§ f ] ticity is calculated from the ensemble-averaged velocity using
= - 5 central differencing and is normalized by the compressor inlet
g 025k ] stagnation speed of sound and stator chord length, with the calcu-
& '_W 4 lation performed only if there are valid velocity vectors present
I ] for all four neighboring interrogation areas. The shear flow in the
L e rotor wake causes the vorticity to be negative on the suction side
0.60 [Tt of the wake and positive on the pressure side. Thus, the chopped
[ 20000pm ] wake segments appear as alternating bands of positive and nega-
050 b tive vorticity that extend across the vane passage and are con-

vected downstream with the mean flow.
The reduced frequency is defined as the ratio of the time it takes
[ a fluid particle to convect through the vane row to the time scale
030 |- %\o_o_o___o___o___—o ] of the wake-generated unsteadiness. Thus, this parameter provides
[ ] an indication of the number of chopped wake segments residing
P ) P T S S TP S SR ST S S within the vane passage at any given instant in time. The reduced
0o 02 04 06 038 10 frequencies based on the mass-averaged midspan stator inlet ve-
Chordwise Location, /C locity are 2.42 and 2.45 for the subsonic and transonic rotor
speeds, respectively, indicating that it takes approximately 2.5
blade-passing periods for one chopped wake segment to be com-
pletely transported through the vane row.
For both rotor speeds, the rotor wake is in the process of being

Kelvin's theorem requires that the circulation associated with tif!t by the lower vane betwefiT =0.5 andt/T=0.8. Notice that
incoming wake segment remain constant as it is transportdtis wake was cut by the upper vane in the passage at an earlier
through the vane passage. Thus, the length of the chopped wHRe: with the blade_-vane count ratio setting the spatial periodicity
segment increases and its width is reduced as it convects dowhihe wake chopping and transport process. For the present ge-
stream to maintain the same vorticity. Since the velocity deficit @metry with 19 rotor blades and 18 stator vanes, the interblade
proportional to the width of the wake for a fluid with constanPhase angle is 380 deg. Thus, the rotor wake was cut by the upper
vorticity, the straining of the wake fluid by the vane row potentiayane 1.06 blade-passing periods earlier, with the resulting un-
field causes the chopped wake segments to decay faster than #fégdy flow in the vane passage periodic at blade-pass frequency.
would behind an isolated blade row. This inviscid straining occurs After being cut by the vane, the chopped wake segment acts a
in addition to viscous dissipation and is commonly referred to agegative jet,” with the slip velocity in the wake region causing
wake recovery, which is a reversible process that reduces the Jfv-momentum wake fluid to drift across the vane passage and
cous mixing losses. collect on the pressure surface as it convects downstream. The

Second, the low-momentum rotor wake fluid has a slip veloci§ffects of this are first visible &t T=0.8 for both rotor speeds,
relative to the free stream that causes it to drift across the vafiéh the chopped wake segment becoming noticeably broader
passage and accumulate on the vane pressure surface asalprg the pressure surface of the lower vane and thinner near the
chopped rotor wake segments are transported downstream, Figguction surface of the upper vane in the passage. Both viscous
This slip velocity causes the low-momentum rotor wake fluid tdissipation and the inviscid straining of the wake fluid by the vane
drift across the vane passage and collect on the airfoil presste# potential field cause it to decay as it is transported through the
surface as the chopped wake segments are transported dovane passage, with the vorticity of the wake segment thus reduced
stream. This results in a local broadening of the wake segmest the cycle progresses.
near the pressure surface and a thinning near the suction surfacEhe subsonic rotor wakes decay very rapidly after they are
due to “negative jet” effects. Recirculating flow patterns are alsochopped and ingested into the stator passage, Fig. 11. This decay
generated as high-momentum free-stream fluid is drawn into tise evident by examining the vorticity contours for the first
chopped wake segment near the suction surface to replace thepped wake segment betwegi=0.8 andt/T=0.2, with the
low-momentum wake fluid that has drifted across the passage. dispersion of the chopped wake segment very noticeable. The
the low-momentum rotor wake fluid accumulates on the varahopped wake segment continues to disperse as the cycle
pressure surface, it will interact with the airfoil boundary layeprogresses, with both the wake width increasing and the vorticity
and eventually end up appearing in the stator wake regions. decreasing considerably by the time it exits the stator passage 2.5

These unsteady phenomena are investigated by examining ltfeede-passing periods after being initially cut. Note, however, that
downstream stator time-variant midspan vorticity and axial Maatven though the subsonic rotor wakes decay considerably as they
are chopped and transported through the stator, the chopped rotor
wake segments are still clearly evident downstream of the stator
trailing edge.

The chopped rotor wakes appear to disperse much more rapidly
at the transonic rotor speed, and are not evident downstream of the
stator trailing edge as they were for the subsonic compressor op-
erating condition, Fig. 12. This result is surprising considering
that the transonic rotor wakes are much larger than those gener-
ated by subsonic flow, with the transonic rotor wake velocity defi-
cit 25.7 percent of the free-stream relative Mach number versus
15.2 percent at the subsonic rotor speed. Thus, it might be ex-
pected that the transonic rotor wakes would persist for longer
distances downstream of the rotor. However, the reasons for the
more rapid decay of the rotor wakes at the transonic rotor speed
Fig. 10 Inviscid wake recovery process for a stator row are due to unsteady flow effects. Specifically, the slip velocity in

Surface Mach No.
=)
]
]
!

Fig. 9 Stator steady midspan surface Mach number
distributions
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Fig. 11 Time-variant stator vorticity at subsonic rotor speed Fi?- 13 'I('jime-variant stator axial Mach number at subsonic
rotor spee

the rotor wakes causes low-momentum fluid to drift across tfENSport process is more significant at the transonic rotor speed
stator passage as the chopped wake segments are transpitdto the much deeper and broader rotor wakes generated by
downstream, with this rotor wake fluid accumulating on the varfgansonic compressor operation, with the differences between the
pressure surface and thus appearing in the stator wake regiHgSonic and transonic rotor wakes described in Part Il of this
during the transport process. This unsteady intra-stator waR8P€r:

G0 &1 82 63 a4
Exial biach Mumtsr

Fig. 14 Time-variant stator axial Mach number at transonic
Fig. 12 Time-variant stator vorticity at transonic rotor speed rotor speed
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This intra-stator wake transport process is further investigated
by examining the axial Mach number contours for the subsonic
and transonic rotor speeds, Figs. 13 and 14, respectively. Notice ij 1l
that the low-velocity regions associated with the chopped wake
segments do not extend across the entire passage as did the vor-
ticity contours, with this evident in the data for both rotor speeds.
This is due to the wake segments being cut by the upper vane 1.06
blade-passing periods earlier, with a significant portion of the low-
momentum wake fluid drifting toward the pressure surface during
this time. Also recall that the chopped wake segments act as
“negative jets” as they are transported downstream. Thus, high-
momentum free-stream fluid is drawn into the wake segments on
the suction side of the passage to replace the low-momentum
wake fluid that has drifted toward the pressure surface during this
time interval. It is this transport process that causes the low-
velocity regions to be concentrated only on the pressure side of
the passage.

At the subsonic rotor speed, the low-velocity regions associated :
with the chopped wake segments are superimposed on the steady [
flow field, with the time-variant flow field outside of the wake
regions very similar to the time-average flow field depicted in Fig.

7 at each time instant. Additionally, very little low-momentum
rotor wake fluid accumulates on the stator pressure surface as the
chopped wake segments are transported through the vane row.
This is consistent with the surface pressure data presented in Part i
Il of this paper, in which the convection of the chopped wake
segments through the vane passage have a low-order effect on the
vane response at the subsonic rotor operating condition. In fact,
the stator response at this operating condition is mainly due to
changes in the_ airfoil _circulation qistribution due to the incidencgg. 15 Unsteady stator pressure surface velocity vectors at

change associated with the passing of the rotor wakes. transonic rotor speed

This is not the case for the transonic rotor speed, in which the
higher slip velocity in the rotor wakes causes a significant amount
of low-momentum wake fluid to accumulate on the vane pressure
surface as the chopped wake segments convect downstream, Fig.

14. Also notice that distinct low-velocity regions associated witban be seen by examining the length of the velocity vectors in the
the various chopped wake segments are only evident in the leagike region as the cycle progresses onward ftom=0.5.

ing edge region at the beginning of the wake chopping cycle be-As the wake fluid collects on the vane pressure surface, coun-
tweent/T=0.5 andt/T=0.1. For time¢/T=0.2 tot/T=0.5, the terrotating vortices are generated near the airfoil that are evident
low-velocity regions of the two adjacent chopped wake segmeritsoughout the entire cycle. These vortices are convected down-
have begun to merge and encompass a significant portion of gieeam along with the chopped wake segments and are an addi-
airfoil pressure surface. This is due to the chopped wake segmelingal source of unsteady aerodynamic excitation to the stator
becoming broader as they convect further downstream, with mof@nes. Recirculating flow patterns are also established away
and more low-momentum wake fluid accumulating on the varfgom the vane surface on each side of the chopped wake segment
pressure surface as the cycle progresses. This is again consigéénfiigh-momentum free-stream fluid is drawn into the wake re-
with the surface pressure data presented in Part Il of this pap@ien to replace the low-momentum wake fluid that has migrated
with the intra-stator transport of the chopped rotor wake segmefi@yvard the airfoil pressure surface. Also, notice that these vortices
through the vane passage significantly impacting the characterd§fually appear to distort the chopped wake segment. This distor-

the vane pressure surface response at the transonic rotor spedn, however, may be an artifact of a large radial velocity com-
ponent in the convected wake regions that cannot be measured

Time-Variant Stator Pressure Surface Flow Field. To ex- using conventional two-dimensional PIV techniques that only
amine the detailed unsteady flow field generated by the accuniheasure the axial and tangential velocity components. These
lation of low-momentum rotor wake fluid on the stator vane preshree-dimensional effects may also be responsible for the lack of
sure surface at the transonic rotor speed, PIV images were aigta near the vane pressure surface, with the radial velocity com-
acquired focusing on the pressure surface leading edge flow figidnent at the impingement point on the airfoil surface probably
The wake migration process is depicted in Fig. 15, which shovgggnificant.
the unsteady velocity vectors superimposed on the time-variant
axial Mach number contours for the transonic rotor operating con-
dition. This unsteady velocity field was calculated by subtracting
the time-averaged velocity and shows how the steady flow field is .
perturbed at each time instant during the wake chopping cycleSUmmary and Conclusions

The slip velocity is largest prior to the wake being cut by the The unsteady aerodynamic flow field of a downstream stator in
vane ¢/T=0.4). Once the wake has been cut, this slip velocitsgn advanced design transonic 1&1/2 stage axial-flow compressor
causes the low-momentum rotor wake fluid to accumulate on thes been experimentally investigated at both subsonic and tran-
airfoil pressure surface as the chopped wake segment is tragisnic compressor operating conditions. The blade row interaction
ported downstream. Notice that the wake slip velocity is reducefdita presented in Parts | and Il of this paper were acquired at
as the cycle progresses and the chopped wake segment is enitlspan and included measurements of the rotor wake generated
vected farther downstream. This is due to both viscous dissipatiforcing function, the resultant stator steady and unsteady aerody-
and wake recovery effects enhancing the rotor wake decay ratepamic response, and particle image velocimé®iV) measure-
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ments of the time-variant stator midspan vane-to-vane flow fieldtansport of the chopped rotor wake segments generated very high

This data provides a benchmark test case for unsteady multi-bldeleels of unsteadiness on the vane pressure surface as the low-

row CFD code validation. momentum rotor wake fluid accumulated on the vane surface dur-
Two unsteady flow phenomena occurred as the rotor wakieg the transport process.

were chopped and transported through the downstream stator pas-inally, since the rotor wake fluid ultimately tends to appear in

sages. First, the circulation around the stator vanes enhancedttieestator wake regions, the characteristics of the wake-generated

decay rate of the rotor wakes due to an inviscid straining of tlercing function to a downstream rotor in a multistage compressor

wake fluid as the chopped wake segments were transporteduld be significantly impacted by this unsteady intra-stator wake

through the vane row. This inviscid stretching, or wake recoveriyansport process. Thus, these multi-blade row interaction effects

occurred in addition to viscous dissipation and enhanced the rotoust be accounted for to accurately predict the forced response

wake decay rate. Second, the chopped rotor wake segments acteatacteristics of multistage turbomachinery.

as “negative jets” after being cut by the downstream vanes. This

was due to the slip velocity in the wake region causing low-

momentum wake fluid to drift across the stator passage and collégknowledgments

on the vane pressure surface as the chopped rotor wake segment$s research was sponsored by the Air Force Office of Scien-

were transported through the vane row. tific Research(AFOSR) and Pratt & Whitney. This support is

The rotor wakes decayed very rapidly after they were chopp@ghst gratefully acknowledged.
and ingested into the downstream stator passage, but were still
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s o | IMproved Compressor Exit
H. Ebbing Diffuser for an Industrial Gas
MAN Turbomaschinen AG GHH BORSIG, Tu rb i ne

Oberhausen, Germany

Cycle studies carried out for the medium pressure ratio gas turbine THM 1304 of 10 MW

H. Krain power output manufactured by MAN Turbomaschinen AG GHH BORSIG predicted that

the overall efficiency of the multistage compressor, composed of a ten-stage axial and a

A. Webher single-stage centrifugal compressor, would improve by 0.8 percent if the efficiency of the

back stage centrifugal unit could be raised by 4 percent. It was expected that this would

B. Hoffmann result in a noticeable improvement of the thermal gas turbine efficiency. The paper de-

scribes the aerodynamic design process used for the stage optimization, applying today’s

German Aerospace Center (DLR), a}dvanced design tqqls for b!ade generation and three-dimensional aerodynamic calqula-
Cologne, Germany tion methods. Additionally, it describes the manufacturing procedure for the resulting

three-dimensional blades and the experimental verification of the design approach.
[DOI: 10.1115/1.1413476

Introduction retrofit in an existing engine. A series of nine rotors was aerody-

The THM 1304 industrial gas turbine is a two-shaft design iHamically analyzed. Figure 2 shows the meridional contours of
the 10-MW power class, suited for mechanical drive as well 44© Of these rotors, denoted as rotors Ro0 and Ros, that were
generator drive application@auermeister et al1]). The main generated during the optlmlzatlt_)n process. Bqth rotors _have dif-
features are a ten-stage axial compressor followed by a centrifufffent blade backsweep and exit width at the impeller discharge,
compressor stage, two external combustion chambers, a two-sthige original impeller having a greater backsweep. The examples
high-pressure turbine and a two-stage low-pressure turbine d@monstrate that the rotor geometry can be varied over a wide
power the driven equipmeriFig. 1). range. The blade surfaces are always generated by straight lines,

As part of an ongoing up-rating process aimed at increasimghich ensures that the rotor can be manufactured in a flank mill-
power and efficiency, the centrifugal compressor was studied iy mode on a five-axis milling machine.
detail regarding potential for improving efficiency and pressure The three-dimensional impeller flow field study was carried out
ratio. The study included a thermodynamic cycle analysis of thging an available three-dimensional steady-state calculation
effect of centrifugal compressor improvement on power outpyethod that had been verified previously with a series of optical
and efficiency of the gas turbine, and flow analysis for the impeheasurement results taken in different types of rotirain and
ler, the radial vaned diffuser, and the axial deswirl vanes. Hoffmann[3]). For the calculations, a program system developed

Using a thermodynamic cycle model of the THM 1304 gag Hoffmann[4] was applied. The flow solver embedded is based

turbine, the effects of centrifugal compressor improvement on t ; :
overall cycle were evaluated. The study yielded the result that a 4 t;h; lér;f/terroctge?ofzdeeggr :SSEI? tz)r/b?)am‘[\ﬁimglrmrzazi?:ne]gn ts
percent improvement of the centrifugal stage efficiency would im:- P P y req )

prove the overall compressor isentropic efficiency by 0.8 percellﬁ,SOIVes the basic flow equations with a four-step Runge-Kutta
resulting in a gas turbine heat rate reduction close to 1.5 percetfnéme: th&-e turbulence model is used to close the system of
Improved compressor efficiency leads to a reduction in the rgquations. _ ) _ )
ating point. It therefore becomes necessary in a two-shaft engftiger to adjust the mass flow rate. At the inlet the boundary con-
to change the power split between the high-pressure and loditions were taken from the available result of a multistage hub-
pressure turbines. This is achieved by modifying turbine nozzle-tip calculation performed for the ten-stage axial compressor
flow areas by small changes in guide vane stagger angles. Efead of the radial compressor stage. The imposed inlet flow con-
power saved, due to the improved compressor, can be utilizedditions shown in Fig. 3 include both the throughflow calculation
the low-pressure turbine to drive the equipment only if this matclhesult and assumed inlet boundary layer profiles at hub and

ing is done. shroud.
Figure 4 shows the results of this study for rotors Ro0 and Ro5.
Impeller Study The calculated efficiencies plotted for both rotors on mean meridi-

The rotor geometry was generated with a design system avainal planes clearly show that rotor Ro0, the original one, shows
able at DLR(Krain and Hoffmanrn2]) based on a Bezier spline better performance than the modified rotor Ro5. The study finally
concept, and thus offers many degrees of freedom. The meridioreirealed that a slightly higher pressure ratio with almost equal
contours and blade shapes can be modified interactively and afficiency could be obtained with rotors having less backsweep
justed to prescribed conditions. The blade geometry, for exampikan the original one, but only if the main dimensions were modi-
is modified by a variation of blade angle and thickness distributidied. Significant improvement within the prescribed axial and ra-
along hub and shroud contour. A precondition for the rotor desigfal limits was not obtained. Therefore, it was decided to keep the
was that the main dimensions are kept constant to allow easyginal rotor design, and to try to reach the envisaged overall
efficiency improvement solely by an improved design of the dif-

Contributed by the International Gas Turbine Institute and presented at the 4¢fjgar system. The inlet flow conditions for the diffuser design
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleans ) . . . .

re taken from the three-dimensional solution obtained for rotor

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turle@
Institute February 2001. Paper No. 2001-GT-323. Review Chair: R. Natole. Ro0.
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Aerodynamic Diffuser System Design 720

Radial Diffuser Redesign. Although the pressure ratio of the .32i L 1 L. 1 L L. g
. ) X . . 0 02 04 06 0.8 1
centrifugal compressor stage is not very high, design constraint H
made it necessary to apply a vaned, instead of a vaneless diffuse.. h/

The whole diffuser system consisted of the vaned diffuser part, a
90-deg bend, and an axial deswirl cascade. The original vaned
diffuser was a tandem design that generated a significant amount
of turning.

An inverse diffuser design method available at DLR was usddade number. Obviously, the resulting blade shape strongly de-
to generate the profiles. In this method, described by Krain apends on blade number, which is mainly due to the different
Hoffmann [2], a reasonable velocity profile along the diffuseblockage belonging to both designs. To achieve the same pressure
blades is predicted via an inverse boundary layer calculation, wigecovery the diffuser with higher blade numiBRD7) has to gen-
ing the boundary layer blockage from the three-dimensional irgrate more turning than diffuser RD5.
peller calculation and a prescribed skin friction distribution as The data shown in Figs. 5 and 6 can be used for initial judge-
inputs. This resulting velocity profile is then used as input for th@ent of the diffuser performance, but they give only little infor-
following inverse blade design. The main diffuser dimensions likeation about the influence of the rotor exit conditions on the
inlet and exit radii are prescribed. Other geometric parameters,diuser flow that are known to influence the diffuser performance
for example blade height, thickness distribution, blade numbeignificantly, especially if a strongly distorted rotor exit velocity
and shape of the blade mean camberline, are used to find an pigfile is present, as was found in this cdbey. 4).
timized diffuser geometry. Figures 5 and 6 illustrate the result of The three-dimensional steady-state calculation method devel-
such a design procedure. For the imposed skin friction distributieped by Vogel[6] was used for the aerodynamic studies. This
shown at the bottom of Fig. 5, the inverse boundary layer calcnethod was validated extensively for axial compressor and tur-
lation delivers the pressure rise and deceleration shown on topbfe bladings before. The calculation domain covers the area be-
Fig. 5. Additionally, it delivers information about the boundaryiween rotor exit up to the collector and includes the vaneless
layer displacement thickness to be expected, as shown in #fgce ahead of the vaned diffuser part, the vaned diffuser part
lower part of Fig. 5. itself, the 90-deg bend, and the region of the axial deswirl cas-

Figure 6 illustrates the difference in blade shape that resultegde. At the beginning of the optimization process the area of the
from the inverse blade design method for identical input, excefeswirl cascade was taken as a vaneless area, because it was as-

sumed that a redesign of this cascade could be avoided. Total
pressure, flow angle, and temperature distributions between hub

ig. 3 Inlet boundary conditions for impeller calculations

Etais
095

8 —— Ro00 (Original) ‘_E
R - NIV J— Ro5 ® -
c o he
P Axial
Y a: Rotor Ro0 b: Rotor Ro5
axial
Fig. 4 Total /total isentropic efficiencies calculated for rotors
Fig. 2 Meridional contours of rotors Ro0 and Ro5 Ro0 and Ro5
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Fig. 5 Radial diffuser inverse boundary layer calculation

Fig. 7 Velocity vectors at 50 percent span Original (tandem
blading, top ) and final design (bottom )
and shroud were given as boundary conditions at the inlet of the
calculation domain. At the exit, the static pressure was prescribed. )
The inlet conditions were taken from the three-dimensional flo@mall range. Therefore, mean stagger angle, blade twist, and ac-
field solutions available for the original rotor RdBig. 4). For ceptable deceleration were the remaining quantities of most inter-
reference the flow field of the original diffuser RDO was als@St- ) i
analyzed. After an intensive pre-optimization with the described Figure 7 shows a comparison of the flow fields calculated for
inverse diffuser design method, a detailed study of the followiri§e original tandem diffuser and for the final design. The flow
parameters was carried out with the help of the three-dimensioff@ces are plotted for the midspan sections of both designs. Obvi-

flow solver: ously, the original diffuser shows a significant separation at the
pressure side of the rear blade, whereas the new diffuser avoids a

* Blade number ) ) _ B separation like that which results in higher total exit pressure, but

* Position of vaned diffuser inlet and exit radii less static pressure rise and more exit swirl, as shown in Table 1.

* Blade twist ) The higher pressure recovery of the new design results also from

* Maximum flow deceleration the higher static pressure at the impeller exit, which is due to the

upjifferent rotor/stator matching. This result clearly indicated that an
iImprovement of the overall diffuser system also necessitated a
gw design of the axial deswirl cascade. Otherwise, it would have
een impossible to reach the required higher static exit pressure
with almost no swirl.

Although the number of diffuser blades has a significant infl
ence on the overall diffuser conceftig. 6), it was nonetheless
retained as in the original diffuser. By this, rotor blade resonancg
were strictly avoided. Inlet and exit radii could only be varied in

Redesign of Axial Deswirl Blading. Based on the three-
dimensional flow results of the radial diffuser, the inlet flow con-
ditions of the axial deswirl blading were known. Figure 8 shows
the spanwise inlet distributions of swirl angte and tangential
velocity after the 90-deg bend in comparison with the original
design. In contrast to the original one, there remains a much
higher swirl behind the new radial diffuser. Therefore, a signifi-
cantly greater flow turning ranging from 34 deg at the hub to 58
deg at the shroud for the new axial blading is required. As a very

Table 1 Mean radial diffuser system characteristics

Build RDO RD7
Exit swirl angle o 29.2° 45.5°
---------- RD5 - :
RD?7 (final desi Static pressure ratio 1.215 1.195
(final design) Total pressure ratio pProw/Protl 0.92 0.95
Fig. 6 Two different blade shapes for radial diffuser Diffuser pressure recovery ¢, 0.58 0.61
Journal of Turbomachinery JANUARY 2002, Vol. 124 | 21
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Fig. 8 Inlet distributions for original tandem arrangement

and new radial blading at reference plane
dimensional result without axial blading.

I, of Fig. 10. Three-

first step in the design process, a two-dimensional analysis for 1
mean flow having 40 deg flow turning at an inlet Mach number ¢

0.20 in the axial part was performed using the MISES d@tela
[7]). The optimization goal was to create a cascade with no e

swirl; i.e., ;=0 deg. The result is a cascade with a pitch-to

Block 3:

ExitE, clearance mixing plane A,
A l Inlet |,
2 M
2= hub I
! 3 Block 2
i shroud I
TE, LE, _ .- EXitE,
TE,
TE, — -
G
® 8
Sp e R
S 3 T
& ¢ S
SHHE 2
<
& @
' LE LE,
. 1 - = Inletl,

h

chord ratio of 0.40 for the axial diffuser. The profile shape with

boundary layer displacement and the isentropic profile Mach nu
ber distribution for a nominal design point witla, =40 deg as
well as the performance map are shown in Fig. 9.

My. 10 S, grid topology (each second grid line skipped ) and
reference planes, S; grid inside of radial blading and modeling
of clearance

Due to the very low aspect ratio of the deswirler and due to
manufacturing constraints, it was decided to use the same profile
shape along the whole span. To account for three-dimensional
flow phenomena, the blade sections were stacked accordingly.

As the final geometry of the radial part was already establish

dimensional analysis during the design of the axial deswirler.

it was possible to include the whole diffuser system in the threeg&
A

0.3 -
I M, =0.200 M, =0.152 \
| o, =400° o, =0.03° ‘
025l ; AVDR = 0.90 ‘
p,/p, = 1.011 i
® =0.0280
M, |
02
e
0.45})
P} 1

0.1

1 -
054 0.6 0.8 1

relative chord x/c

0.2

0141+ - R
- s/c =0.40 ?
0.12 M, =020 /
.1 AVDR =0.90 .
0.10r Re =2°10° shroud

0.08

0.06

0.04
0.02

00055z

pressure loss coefficient ©

il

60

S I ) 1 1 1
35 40 45 50 55

inlet flow angle o,

total

30 65

Fig. 9 Q3D-MISES optimization for M ;=0.20 and AVDR =0.90.
Isentropic profile Mach number distribution for a,=40 deg and
simulated total pressure losses.
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neral, there are different blade numbers in the radial and axial
art. Therefore, a quasi multistage calculation was performed us-
g a mixing plane behind the 90-deg bend as can be seen in Fig.
10. A small radial gap at the hub, required for mechanical design
reasons, had to be taken into account and was also modeled in the
three-dimensional analysis.

The design process of the axial blading consists of the follow-
ing steps(Weber and Steinef8)):

Generation of flow path and profile geometry using fast in-
teractive tools

Generation of the three-dimensional multiblock structured
grid (Eriksson[9])

Three-dimensional Navier-Stokes analysis of the fldagel
(6,10])

Circumferential averaging and determination of characteristic
mean values

In the three-dimensional analysis, the same grid resolution as
for the radial part alone was used. There are 33 nodes in the radial
direction and 250,000 points overall. At the inlet pladnespan-
wise distributions for total pressure, total temperature, and flow
angle « according to the mean impeller exit conditions were im-
posed, whereas at the exit plalBg a radially constant pressure is
imposed to adjust the mass flow. To have a criterion for the com-
parison, the original geometry consisting of a radial tandem dif-
fuser and the linear axial blading was analyzed first.

During the whole design process, the flow path in the axial part
as well as the shape of the 90-deg bend were optimized, but due to
design constraints the outer contdiaub) was not changed. An
intermediate flow path and the final geometry can be seen in Fig.
11. The final geometry is nearly the same as in the basic design;
there are only minor differences in the inner bend part. The domi-
nating flow phenomenon in the axial deswirler is a large passage
vortex, as can be seen in Fig. 12 for both, original and final axial
blading for anx=const plane at midchord. The driving forces for
this vortex are
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TE variation - radial part axial part arearatio A/A,
LE variation

i\‘ . Original old old 0.74
T : : NRO new none 0.74
: Mixed new old 0.74
T trial 15 new new 0.88
"""""""""" trial 17 (final design)  new new 0.74
trial 19 (splitter) new new 0.88

----------- intermediate design

shroud hub
~——— final design (trial 17) ; ‘ -

Fig. 11 Geometry variation: Flow path and positioning of axial
blading

e The large pressure gradient from hub towards the shroud
phub> Pshroud

e The variation in tangential velocity in spanwise direction
(Fig. 8

e The hub clearance gap

swirl angle o

The major design goals are to have a maximum static pressur
recovery and no exit swirl, or at least to keep the exit swirl as low
as possible. Additionally, the flow inside the blade passages S
should not be separated. To reach these goals, the shape of t R T T T
flow path(Fig. 11), the profile shape, the blade number, the chord 0 0.2 04 0.6 0.8 1
length, the axial position of the blading, and the profile stacking relative span h/H
line had to be optimizedWeber and Nickd11]). In addition, a
more complex splitter blading was analyzed. Overall, 21 differefmig. 13 Exit swirl angle distribution e« in reference plane E,
three-dimensional geometries with two different profile shap@RO: axial part without blading )
concepts, one with a higher flow deflection in the leading edge
part and anothe(fig. 9) with a well-balanced deflection along the

chord, were analyzed during the design process. The most impors A splitter blading leads to high manufacturing costs and does
tant aspects derived from the optimization process are: not have a significant advantage compared to a single

« The dominating passage vortex could neither be eliminated Plading.

nor remarkably reduced unless an excessively high bladeThe exit swirl distributions for selected design steps in com-
number was chosen. Therefore, a remaining exit swirl Waarison with the original can be seen in Fig. 13. Additionally, the
present in all trials. ~analytical result using the new radial design without deswirler is
The original flow path contour nearly met the requireshown. As can be seen in Fig. 14, the pressure level inside of the
ments regarding maximum pressure recovery and desiggial blading is significantly higher than in the original deswirler.
constraints. _ _ _ _ Figure 14 shows mean total pressure isobars in the whole diffuser
Using a linear cascade, i.e., applying radial stacking, resuligw path. Compared to the original design the final design shows

in an exit swirl angle which, over the whole span, is nearly 3 remarkable reduction in the extension of the high loss region
deg higher than for a twisted blade. near the shroud in the radial blading.

-10 P

An axial chord length and an axial positioning comparable to The development of circumferentially averaged distributions of
the basic design was found to be preferable.

swirl angle and total pressure in specific reference planésE,
(see Fig. 1D is shown in Fig. 15. As the shading for the swirl
angle indicates, the split of the flow deflection into radial and axial

original

final design

Fig. 12 Static pressure contours and velocity vectors inside of Fig. 14 Mean total pressure distribution in meridional plane
axial blade passage at 50 percent chord. Comparison original (conservative averaging ); (p,: mean static pressure at exit
versus final design  (bottom ). plane)
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Fig. 15 Spanwise development of circumferentially averaged
swirl angle and total pressure along complete diffuser flow
path

part remaining at the impeller exit is completely different for botiﬁi}%‘l ézsi 'Dr:ﬁgsie{]tgzggf&g dﬁompaﬂson original  (top) versus
designs. In the original design the main flow turning is done in the gn. Right: g
tandem radial diffuser, whereas in the final design the axial blad-

ing has to do the main deflection. The total pressure distributions

at the exit pland=, show a significant total pressure rise for thejiieq significantly because the second vane row was omitted.

new design. As explained before, the Mach number discrepancy@io,y carries only the axial deswirl vanes. The rear bearing hous-

the diffuser inlet is due to the different rotor/stator matching. ing as well as the main case can be retained without any modifi-
Table 2 delivers the results of two new designs in comparis%tionsl

with the original. Diffuser mean values and the stage efficiency Based on the coordinates generated by DLR for the new vane

gain (including impelley are listed. For the new diffuser design rofiles, three-dimensional-CAD models were created for use in

the mean static exit pressure as well as the overall pressure | ¥ manufacturing process of the diffuser and deswirl vanes
are significantly higher than the corresponding values of the origi- '

nal diffuser. Figure 16 illustrates the different three-dimensional
designs of original and final diffuser.

Mechanical Design and Manufacturing

Requirements for New Diffuser. The main purpose of the
radial diffuser vanes is to convert dynamic pressure into stal
pressure. At the same time, the vanes are also the connection
centering element between the stator vane carrier and the r
bearing housing. Another requirement for the diffuser redesic
was to permit retrofit of existing engines at reasonable cost.

Hardware Design. Because of the new vane geometry, :
number of modifications were necessary in the surrounding regi
also (Fig. 17). Whereas the existing diffuser has two vane rows
the new diffuser has one single row with a greater diffuser leadit
edge/rotor exit radius ratio. The outer ring of the diffuser could k

Table 2 Mean diffuser system characteristics (radial +axial )

Build ADO AD21 | AD17 (final - )
(original) | (splitter) (design)

Mean exit swirl angle o 8.0° 1.8° 8.6°

Exit static pressure [bar] 9.67 9.82 9.94 - . T ] .

Pressure ratio pro/Peotl 0.916 0.938 0.939 Original design New design

Efficiency gain Misusige 0% +5% +5% Fig. 17 Comparison of original and new diffuser region
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Manufacturing drawings, including the required dimensional and 2

shape tolerances, surface quality and control points, were derive

from these models. —
Casting, forging, or milling were considered as possible manu-g

facturing processes. Milling out of a block turned out to be the; °\ °\
most economical and, at the same time, the fastest method, sini© 1 L
sophisticated foundry patterns or forging dies are not required S \
The three-dimensional-CAD models created earlier in the proces'S b

were used again for NC-manufacturing and for final dimensional§z

check of the vanes. w9 e
In addition to the aerodynamic benefits of the new diﬁuser,g

which led to improved overall efficiency, manufacturing costsg

could also be reduced due to a reduction of the number of parts

The new radial diffuser and axial deswirl vanes are now used ir

THM 1304 production engines. -1

0.96 0.98 1.00 1.02
Mass Flow

o-eZ

Experimental Verification
Fig. 19 Total compressor efficiency versus mass flow

Test Configuration and Instrumentation. In order to verify
the analytical results and the mechanical design, tests were per-
formed on a THM 1304 engine in the full-load gas turbine test ce 1.02 T

of MAN Turbomaschinen AG GHH BORSIG. o Original Design
The compressor was operated not only on its design WOI’kiI:g * New Design
line (pressure versus flowbut also at increased pressure levels i 3
order to gain additional information concerning compressor chdX 1.01 e

o

acteristics. Working lines at elevated pressures were achieved

installing a throttling device between the compressor dischar 3

and the combustion chambers. Similar tests had earlier been |

formed on the engine with the original diffuser to allow a back®

to-back comparison. o 1.00 *—n
The engine was adequately equipped with instrumentation g

permit evaluation of the efficiency of the overall compressor &g oP ©

well as of the centrifugal stage. This included multiple measurk=

ments of total pressure and temperature at the compressor € 0.99 6-6-9

and total and static pressure as well as total temperature at

inlet to the radial stage. Additional pressure measurements, e.g. 0.96 0.98 1.00 1.02

the diffuser vane leading edge were also carried out for compa

son with the three-dimegr’lsiogal flow calculations. P Mass Flow

Results of Testing. Results of the gas turbine tests are sum- Fig. 20 Centrifugal stage pressure ratio versus mass flow
marized in Figs. 18 and 19. All results are normalized by the
nominal values of the original design. The overall compressor

pressure ratios and the corresponding efficiencies are plotted f 4
three speed lines. Each diagram shows three lines at constant rot
speed(99, 100, 101 percentOpen symbols are for the configu- oy /’
ration with the original radial diffuser, filled symbols are for the £
& 2 v
o
2
Q
1.10 T =
° o Original Design '-;; 0 o
= e New Design o\ = G5
Q b
8 1.05 Q 2 /
< 2
2 1.00 { 0.96 0.98 1.00 1.02
}f Mass Flow
:§ 0.95 Fig. 21 Centrifugal stage efficiency versus mass flow
(o]
[
0.90 new diffuser. For each speed line, there are three pressure ratios,
achieved by using the throttling device downstream of the com-
0.96 0.98 1.00 1.02 pressor.
Mass Flow It is evident that the efficiency has improved noticeatdy-
proximately 0.6 to 0.8 percentwhereas the pressure versus mass
Fig. 18 Total compressor pressure ratio versus mass flow flow characteristic remains largely unchanged. Figures 20 and 21
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show the corresponding measurement results for the centrifugal §, = displacement thickness
stage alone. Clearly, the envisaged efficiency improvement of p = density

around 4 percent has been achieved. w = o total pressure loss coefficienfpio 1— Prot 2/ (Pot 1
Also, pressure ratio has increased slightly, indicating that the —p)

centrifugal stage is producing a greater share of the total pressureng,; = isentropic total-to-total efficiency

rise compared to the original configuration. Subscripts

Conclusions 1 = inlet plane upstream of leading edge

= exit plane downstream of trailing edge
= axial deswirler/diffuser

abs = absolute

ax = axial

is = isentropic entity

LE = leading edge

The aerodynamic tools available at DLR were used for a study 2

; . o AD

of the three-dimensional flow occurring in the backswept rotor,
the vaned diffuser, and the deswirl cascade of a centrifugal com-
pressor rear stage, which is part of a medium pressure ratio gas
turbine. It was found that there was almost no potential for a
further improvement of rotor efficiency within the given geomet-

ric constraints, but a rather high potential for better flow condi- T;(; z gzir;jllonal
tions in the diffusing system by redesigning the vaned diffuser and tan = tangential
the deswirl blading. Therefore, these components were aerody- tot = totaﬁ

namically optimized with the help of available blade generators. A tt = total to total
three-dimensional calculation method was applied to the overall RD radial diffuser
diffusing system, consisting of a vaned diffuser, a 90-deg bend, TE = trailing edae
and the deswirl cascade. The resulting diffuser and deswirl blades g edg
are fully three-dimensional, whereas the meridional flow path
could be retained. Therefore, a replacement of the original bladggferences
!S eaS|Iy posgble. Usmg modern deSIQn and productlop methOd 1] Bauermeister, K. J., Schetter, B., and Mohr, K. D., 1993, “A 9.25 MW Indus-
it was possible to manufacture the complex three-dimensional™ yia Gas Turbine With Extreme Low Dry NOand CO Emissions,” ASME
blades within a short time and to test the gas turbine in the test cell Paper No. 93-GT-307.
of MAN Turbomaschinen AG GHH BORSIG, Oberhausen. The [2] Krain, H., and Hoffmann, B., 1996, “Flow in Radial Turbomachinesgro-
radial compressor part of the gas turbine was equipped with static dynamics of Centrifugal Compressors With Transonic FgWl LS-1996-01,
pressure taps, total pressure and total temperature probes. Teﬁ?K'rain., H., and Hoffmann, B., 1998, “Flow in Radial Turmbines,” “Aerody-
performed with this instrumentation confirmed that the efficiency  namics of Centrifugal Compressor Impeller With Transonic Inlet Conditions,”
rise aimed at was achieved. Proc. 1998 ASME Fluids Engineering Division Summer Meetige, Wash-
ington, DC.
[4] Hgffmann, W., 1990, “A Computer Program System for the Analysis of 3D-
Steady Flows in Turbomachineryin Germarj, DLR-FB90-18.

Nomenclature

A = area [5] Dawes, W. N., 1991, “The Simulation of Three-Dimensional Viscous Flow in
_ . . . . Turbomachinery Geometries Using a Solution Adaptive Unstructured Mesh
AVDR = axial velocity density ratie-(p,Us)/(p1U1) Methodology,” ASME Paper No. 91-GT-124.
¢ = chord length [6] Vogel, D. T., 1994, “Navier-Stokes Calculation of Turbine Flow and Heat
Cp = diffuser pressure recoves(p,—p1)/ (Piot 1— P1) 'El_)'rle(ljnsfer for the Application to Film-Cooled Turbine Blades,” AGARD-CP-
Cy i skin friction co_eff|0|ent_ [7 Drel.a, M., 1989, “Newton Solution of Coupled Viscous Inviscid Multielement
h = local blac_je heighthub)=0 Flows,” NASA Technical Memorandum 101557, Langley Research Center,
H = blade heighth,—hy, Hampton, VA, USA.
M = Mach number [8] Weber, A., and Steinert, W., 1997, “Design, Optimization, and Analysis of a

High-Turning Transonic Compressor Cascade,” ASME Paper No. 97-GT-412.

F:_} = pressure [9] Eriksson, L. E., Orbekk, E., and Oye, I., 1990, “G3DMESH Manual and

Re = Reynolds '_“fmber ) G3DEUL Run Manual,” CFD Report 111, Trondheim, Norway.
s = mean meridional coordinate [10] Vogel, D. T., 1999, “A Simulation Package for Turbomachinery Components,”
T = temperature Proc. First ONERA-DLR Aerospace Sympositfaris, France.
_ f ; [11] Weber, A., and Nicke, E., 1997, “A Study of Sweep on the Performance of a
Tu _ turbu'.ence IntenSIty Transonic Cascade With and Without Endwall Influenderdc. 13th Interna-
v = Vel_OCIty tional Symposium on Air Breathing Enginesol. 2, Chattanooga, TN, pp.
a = swirl angle=a tann/vmer) 877-888.
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e e | High-Gain Control for Compressor

Dipartimento di Matematica e Informatica,

Usine, aly Surge SupprESSion

Pietro Giannattasio

University of Udine, The present paper considers the suppression of surge instability in compression systems
Dipartimento di Energetica e Macchine, by means of active control strategies based on a high-gain approach. A proper sensor-
Udine, ltaly actuator pair and a proportional controller are selected that, in theory, guarantee system
. . . stabilization in any operating condition for a sufficiently high value of the gain. Further-
Dlego MIGhEH more, an adaptive control strategy is introduced that allows the system automatically to
. lUn|ver3|_ty of Tnegte, detect a suitable value of the gain needed for stabilization, without requiring any knowl-
Dipartimento d'E“efget'Ca' edge of the compressor and plant characteristics. The control device is employed to
Trieste, ltaly suppress surge in an industrial compression system based on a four-stage centrifugal
. . . blower. An extensive experimental investigation has been performed in order to test the
Piero Plnamontl control effectiveness in various operating points on the stalled branch of the compressor
University of Udine, characteristic and at different compressor speeds. On one hand, the experimental results
Dipartimento di Energetica e Macchine, confirm the good performance of the proposed control strategy; on the other, they show
Udine, ltaly some inherent difficulties in stabilizing the system at high compressor speeds due to the

measurement disturbances and to the limited operation speed of the actuator.
[DOI: 10.1115/1.1413475

Introduction [13]. A feedback linearization method is presented by Badmus

Surge instability strongly limits the operating range and th%t te\lll\./i[llle% SE::]angli :; Q‘%{S are provided by Gu et[ab] and

performance of compression systems. As is known, surge OCCUPlsl'he aim of the present work is to investigate the application of

at lov‘.’ compressor flow rates, causing highly unde_S|_rabIe O.SC'” “high-gain-type control for the suppression of surge instability in
tions in the system. By means of a control system Itis possible P industrial size compression system. With “high-gain control”
attenuate or eliminate the phgnomenon, _allowmg the p_Iant 10 QRs mean an approach based on a proper selection of sensor, ac-
erate at naturally unstable points. In part!cular, the active contr, ator and control law, which, at least in theory, guarantees system
techniques are based on the use of a suitable Sensor/acwatorﬁﬁﬁilization in any operating condition for a sufficiently high

in a c_Iose_d-Ioop control (_jev_ice._ The control is effective if th alue of the gain. Furthermore, surge suppression is here intended
actuation is capable of dissipating the unsteady energy surbliSine capanility of removing the system from a surge limit cycle,

introduced in the system by the compressor when it operates finer than the easier task of avoiding instability by damping the

the stalled region. small disturbances that cause it. Consequently, any local stability

In the last decade, much work has been devoted to the study, @b is or linearized model of the controlled compression system

active suppression of compressor surge. A large part of the litefa-nere ayoided for purposes of control design and performance
ture is based on the work of Greitze] and Moore and Greitzer , o qiction. Indeed, the dynamics of a compression system under
[2], who proposed dynamic models of the compressor instabilify,staple operation is strongly nonlinear, and the assumption of
that have been deeply exploited for the analysis and the designsg{a|| perturbations of the steady equilibrium point is far from
control systems. Epstein et 8] first suggested that surge can b_ebeing fulfilled, especially in the case of compressors that exhibit
prevented by actively damping the small disturbances from Whlqbrupt stall[17].
the instability originates while their amplitude is low. Experimen- 1p¢ compression system considered in the present work is
tal demons_tration_s of active stabilization_ o_f surge have been givghsed on a four-stage centrifugal compressor, which has been pre-
by several investigators, e.g., Ffowcs Williams and HugH@nd iously used by the authors for various experimental investiga-
Pinsley et al[5]. An extensive study was carried out by SimoRjgns in both stable and unstable operating conditid@s-20. A
etal. [6], who analyzed the performance of several sensqipnjinear lumped-parameter model of the compression system
actuator configurations, together with a proportional compensat@fas also worked out, which proved to be capable of correctly
by means of a local stability analysis based on a linearized modgledicting the system dynamics at different compressor speeds
After these pioneering works, the compressor surge control hagq throttle valve setting1]. Finally, this compression system
attracted many researchers, as it appears from several recent @i employed to investigate the effectiveness of an innovative
tributions that Suggest more Sophisticated teChniqueS to face mice for the passive control of surge based on the use of an
problem. A Lyapunov approach has been proposed by Behnl@gti"ating water columm22].
and Murray[7] and by Gravdal and Egelan®]. A nonlinear  The present active control device includes a sensor of differen-
approach based on backstepping has been suggested by Grayglapressure between the plenum and the compressor outlet, a
and Egeland9] and by Banaszuk and Krengt0]. The problem proportional controller, and an actuation valve at the plenum exit.
of bifurcation control, based on the Moore-Greitzer model, Tshe sensor/actuator pair has been selected on the basis of a theo-
addressed by McCaugh4hl], Abed et al.[12], and Kang et al. retical analysis performed by Giannattagi8], who critically re-
vised the work of Simon et a[6]. Furthermore, Blanchini and
oo et o Ty s 1 e e 1@amatas(24 dmonstated, by usig a noninear aproach
siana, June 4-7, 2001. Manuscri%t receivgd by the IGTI, Janulalry 11, 2001, ryev(ilghgt such a contr_ol has t.he high-gain” property, and they also
manuscript received July 25, 2001. Paper No. 2001-GT-570. Review Chair: R. iscussed the limitations introduced by the occurrence of control
Natole. saturation. All these results are synthetically reported in the
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present paper, together with further considerations about the influ- dy, 1

ence of measurement disturbances, unmodeled fast dynamics, and ar E(q:f @) 3)

low-pass filter on the effectiveness of the proposed control sys-

tem. In particular, a simple linear model is employed to show that, dye. 1

in practice, the gain value cannot be chosen arbitrarily large with- ch = T—[¢CS(<pC)— el (4)
Cc

out the risk that the disturbances compromise the local stability.

This latter argument suggested the idea of using an adaptive con- = (A, 1A 20?2 5)

trol strategy, which allows the controller to increase the gain au- t /)¢t

tomatically until the system is removed from surge, so avoidingquations(1) and (2) are the momentum conservation equations

the overtuning of the gain. Furthermore, the adaptive control hgsthe compressor and throttle pipes, respectively; €.ex-

the remarkable property that it does not require any knowledge gfesses mass conservation in the plenum; (Byis a first-order

the compressor and valve characteristics. ~model of the compressor dynamics; Ef) represents the steady
After introducing some theoretical arguments concerning tharacteristic of the throttle. Greitzer parameBemhich appears

aforementioned topics, the present paper reports the results Ofiri'”Eqs. (1)—(3), is defined aB=U/2wyL=(U/2a,)\V, /AL,

experimental analysis of the actively controlled compression sygnq it can be interpreted as the ratio of pressure and inertial forces

tem. Unsteady measurements of compressor and plenum pigsing in the compressor pid]. The value of this parameter

sures, mass flow rate, and actuator position have been perfornagdngly affects the system stability and the control effectiveness.

in different naturally unstable operating conditions, by varyingpe valve parametds in Eq. (2) is defined aS =LA, /LA, and

both steady flow rate and compressor speed. Tests have been &a&is a minor influence on the system dynamfits Term

ried out by using both the classic proportional control and thlgcs(%) in Eq. (4) refers to the steady-state compressor character-

adaptive strategy. The experimental results provide a rather cogfic, while the time constant of the first-order compressor dynam-

plete information about the effectiveness and the limits of th@s' 7., can be related to the time needed for the complete devel-

proposed control system. opment of a stall cell1,21].

Sensor-Actuator Selection and Model. The sensor/actuator
. pair considered in the present work has been selected from the
System Description and Model twelve different options suggested by Simon et{&]. Those au-
Figure 1 shows a sketch of a compression system with sometbérs considered a standard proportional control and all the com-
the sensors and actuators proposed in the literature for the conbivlations of four sensor@ompressor flow rate, plenum pressure,
of surge instability. The basic system is formed of a compressorcampressor face total and static pressuzad three actuators
volume (plenum), and a throttle valve, while the control device(close-coupled valve in the compressor delivery pipe, plenum
consists of a sensor of a proper system output, a controller whéteed valve, movable plenum walsee Fig. 1. On the basis of a
the required control law is applied, and an actuator that introdudésear stability analysis, Simon et al. came to the conclusion that
the feedback signal into the system. The control effectivenelige combination of a sensor of compressor mass flow rate with a
strongly depends on the appropriate selection of the sensdgse-coupled valve is far the best choice for a control device of
actuator pair, which has to be based on the knowledge of thximum effectiveness. However, such a result was obtained for
compression system dynamics under unstable operation andfigad values of some operating parametéteady equilibrium
the specific technical features of the considered plant. positions of throttle valve and close-coupled valwéich, more-
i i i over, were not reported in the paper. On the contrary, the variation
Model of the Basic Compression System. A simple and use- ot the steady operating point of an actual compression system was
ful n_"lodel of the basic compression system is the one propos_ed&my considered by Giannattasia3], who revised the compara-
Greitzer[1] and successfully employed by the authors for simue analysis of Simon et al. by using the same linear approach.
Iatlng 'the system dyngmlcs in poth uncontrolled and controlleghe results of that study show that pair “compressor mass flow
conditions[17,21,23. It is a nonlinear lumped-parameter modelgensor/close-coupled valve” is clearly superior to the other ones

which results in the following dimensionless equations: only for comparatively small values of the close-coupled valve
de, fraction open, which imply large pressure losses in the compressor

ar - B(he— ) (1) delivery pipe. Moreover, it turns out that five of the twelve sensor/
T actuator pairs have to be discarded because of severe gain-
de, B independt_ent stability constraints, \_/vhic_:h cannot be removed by the

ar - a(zﬂp— ) (2) control. Finally, some other combinations require extremely large

values of the gain for an effective system stabilizatioompres-
sor face total or static pressure/close-coupled vatreinvolve
technical complicationgcontrol of both speed and position of the
movable plenum wall In conclusion, the best compromise be-

Plenum pressure

tween control performance and technical requirements appears to
be attained by the use of a sensor of total or static pressure at the
4 compressor inlet and of an actuation valve at the plenum exit.
Compressor Plenum These controls turn out to be high-gain ones, in the sense that both
\ — allow system stabilization to be attained in any operating condi-
D // Salﬁlsee-coupled I:‘;‘:t'e tion of the compressor for a sufficiently high value of the gain. In
p theory, the solution with the static pressure sensor appears to be
l Movable wall superior to the other one because it does not imply any gain-
Static pressure ) ovable wa ) independent constraint to system stability, while the total pressure
Total pressure I 4 sensor is effective only when the static stability condition is sat-
Mass flow rate ' v isfied (the slope of the compressor characteristic must be less than
the slope of the valve characteristic in the steady equilibrium
point) [6,23]. However, such a condition is commonly satisfied in
——L@ most of the actual compression systems, while a much simpler
implementation of the sensing device is allowed by the use of the
Fig. 1 Controlled compression system compressor face total pressure as system output. In fact, a simple
28 / Vol. 124, JANUARY 2002 Transactions of the ASME
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application of the one-dimensional momentum equation show§compressor and actuator & 7,=0). Such approximations are
that the compressor face total pressure, referred to as the ambieell accepted in the literature since the simplified model has been
pressure, is proportional to the mass flow acceleration in the cosftown to capture the fundamental dynamics of the compression

pressor duct, i.e., system[1,6]. In this case, the system of equations reduces to
Po1—Po 1 dec dec
%FW“*gF:d/p*wc ar Bl desloo)] (10)
where the last equality descends from EQ. This means thayy; dy, 1
is also proportional to the pressure difference between any two d_Tp: g[goc—(l-i- ) @is( )] (12)

points of the compressor duct, so that a representative sensor sig-
nal can be drawn by simply using a differential pressure tranghere os(p) = A/ A\, is the steady characteristic of the

ducer between plenum and compressor outlet. For this reason, t@ttle andu= A, /As— 1 represents the control action. This sys-
following system output is defined and used in the present worgm is associated with the output

Pp—Pc Ld L
Y= Top0? ~ T, (Vo o) ®) y= Lol el 0] (12)

whereL4/L is the ratio of the equivalent lengths of the compres=q; 3 more compact notation, denote W):(%(T),%(T))T

sor delivery pipe and the whole compressor duct. This ratio fﬁe s ; _ T ;
; . X ystem state at time and byx,=(¢s,¥s) ' the steady equi-
|ntr_odu_ced In orc_ier to reduce the pressure (_jlf'feremge ' |ibrium state which is the solutionsof thSe eauations
which is responsible for the flow acceleration in the whole com-

pressor duct, to the pressure difference which causes the accelera- —Blp— e ®c)]=0 (23)
tion of the only mass contained in the duct portion between com-

pressor outlet and plenum. With definitioi®) of the system 1 _ _
output, the present control law is written as B [eceu(¥p)]=0 (14)
Ai— A As mentioned in the introduction, the main goal of the present
u = A =K (7)  control strategy is to remove the system from surge limit cycles
r

driving the state to the target equilibrium poing,. When the
whereK is the gain and the system input required by the contradystem is under deep surge, linearization methods cannot be ap-
ler, u,, is defined as the dimensionless difference between thked to the stabilization problem, since surge regime is character-
throttle flow areaA, and its steady equilibrium valué. In the ized by a strongly nonlinear behavift,17]. Therefore, we con-
present work, the valve at the plenum outlet is assumed to perfosider the nonlinear stabilization approach adopted by Blanchini
both functions of throttling device and actuator. These functiormnd Giannattasip24]. Let us consider the proportional control
can be kept apart by simply introducing a bleed valve, as the
actuator, in parallel with the throttle valy6]. The two options are u(7)=Ky(7) (15)
quite equivalent from a conceptual point of view, the best choiGghereK is a real constant. This simple control has been investi-

depending only on technical considerations. . ~ gated by several authotsee, e.g.[4,6]) and it has the following
To complete the model of the control device, a simple firsproperty if applied to systertl0)—(11) [24].

order model of the actuator dynamics is introduced in order to _
account for the time lag between the command output of the con-Proposition (High-Gain Stabilization). There existsK>0

trol law, u,, and the response of the actuator, such that for eaclK=K and for any initial conditiorx(0) that
du 1 belongs to(or which is inside¢ a limit cycle, the convergence
—=—(u,—u) (8) condition, X(7) —Xs as 7—c°, is guaranteed. This theoretical re-
dr 7, sult, which is based on modél0)—(11), states that contrall5)

With the introduction of system input, Eq. (5) can be rewritten with a sufficiently large value oK>0 is a suitable stabilizing
as control for the present class of systems.

However, from a practical standpoint, the following consider-
_ 2 2 o Pt ations hold that partially invalidate this result:
= (AcTA) 0t = (AclAvs) (1+u) ©) (i) The control is subject to saturation constraints of the form
—1susM=A ha/As—1, which means that the actual control
action will be

If ¢, is eliminated from Eq(2) by using Eq.(9) and Eqgs.(6)
and (7) are introduced in Eq(8), the model of the controlled
compression system results in five ordinary differential equations u=sat_1m(Ky)
in the unknownse., ¢, ¥,, ¥ andu. They can be solved

numerically for given values of parameté@sG, 7., 74, Lq/L¢, where

and gainkK, if the steady-state characteristics of the compressor, a if g<a
Yes(®c), and of the throttle valveA;s, are known. Numerical )
simulations performed by Giannattasio et[adl7] showed that the saf,p(d)=1 4 if a<q<p
proposed control device is capable of suppressing surge within B if g>p8

almost the whole unstable operating range of the compressor with o .
reasonable values of the gain. Furthermore, they showed that fhaving an overly large value of the gain is useless in the presence
predictions of the nonlinear model can be substantially differeAf Such strict saturation constraints. This problem has been theo-

from the ones of a linear stability analysis, especially in the ca&gltically investigated by Blanchini and Giannatta$k], who
of compressors which exhibit abrupt stall. showed that, even for the simplified modé&0)—(11), whenever

the high-gain saturated controller fails, there will be no controller

. that removes the system from limit cycles.

Suppression of Surge Cycles (if) The real system is affected by disturbances. In particular,
A considerable simplification of the model described in the préhe presence of sensor noise can compromise the control perfor-

vious section can be obtained by neglecting the flow inertia in tmeance. To attenuate such a noise, the sensor signal must be pro-

throttle duct G=0) and the time-lags in the transient responsesessed by a low-pass filter, the cut-off frequency of which
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must be suitably chosen. Sensor noise affects the control outmkipped for brevity. Furthermore, even under conditiéh

so producing actuator oscillations the amplitude of which in<Kyst there may be some problems. Indeed, for high values of

creases with the value of the gain. High permanent oscillations &g the closed-loop linearized system may hdgeéable modes

not desirable because they cause actuator mechanical and elestrich are poorly damped. These modes are extremely sensitive to

cal stress. disturbances, so that their effect can result in permanent oscilla-
(iii ) The second-order systeft0)—(11) does not consider part tions around the equilibrium point. In a nonlinear context, these

of the system dynamics such as the actuator dynamics, the cﬁﬁé—:'"at'on? maybh_ave a delstftibllllzmg effect glnd they can prevent

pressor dynamics, and the filter dynamics. As previously men- surge from being completely suppressed.

tioned, these dynamics can be reasonably neglected in the simuA Trade-Off Choice of K: The Adaptive Control. The pre-

lation of an open loop system. Unfortunately, it is known that wious considerations show that, practically speakkdyas to be

high gain feedback can excite such dynamics at the point that theyosen large, but not so much as to compromise local stability.

may compromise stability. This choice is hard to be made by computation due to the nonlin-
The foregoing three points show that an overly high value @ar nature of the system behavior during surge.

gainK may be not practically useful or even dangerous. To better An efficient way to tuneK is to do it adaptively. The basic idea

explain this fact one can use a linearized model of the systembehind this approach is that the controller automatically increases

. . . o - . the gain until the system is removed from surge. This goal can be

Linear Analysis. L|_n_ea_tr analysis is not sufficient on its OWN accomplished by using, instead of a constinta time-varying

to assure global stability; that is, in the present case, to assur decreasing gaiik (7), as long as system outpyis outside a

surge suppression. Nevertheless, it turns out to be very UserItéﬂarance interval having an amplitude. fixed by the user. Such
point out some limitations. Indeed, the stabilization problem rep 9 plitude, y '

. oy . . a gain can be computed by the adaptive control law
quires, as a necessary condition, that the considered equmbrlurr%J P y P

point is locally stable, because as the system approaches the equi- dK(7)
librium the linear model provides a faithful description of its be- ar =po(lyl) (24)
havior. Systen{10)—(12) admits the following linear approximate
representation where u=const-0 is an adaptation parameter and
dépe B(s 5 16 (D)= 0 if ly|<e
ar (Spp—mcoepc) (16) ollyh= ly|—e if y|>e
doy, 1 1 represents the distance of outgurom threshold interval —«,e].
i B Spc— e Sthp— @s0U (17)  The convergence of this control law has been theoretically inves-
t tigated and numerically validated by Blanchini and Giannattasio
8y = 8= M, (18) [24]. Note that, if convergence occurs ag@r) enters interval

[—&,e], then conditiondK/d7=0 holds and the adaptation stops;
where m.=(dcs/dec)s and m=(dy/de)s=2(A/Ai)*¢s  from that moment we havk(7)=const=K... A great advantage
denote the slopes of the compressor and valve characteristics,gfethis procedure is that it does not require any knowledge of the
spectively, in the steady equilibrium point, and tetm/L; has compressor and valve characteristics. Furthermore, by its nature,
been omitted in Eq(18) since it can be thought to be included ink js increased as far as it is necessary for stabilization, so that the

the gain. The transfer function of the open loop system is practical problem of having a too high value of the gain can be
—cs solved.
F(s)=—5—— (19) In practice, the adaptive procedure can be used in two steps:
s°+bs+a 1) Training sessionthe adaptive control is applied and the
wherea=1-m./m,, b=1/Bm—Bm, and c=¢¢/B. The de- limitvalue of the gainK.., is detected. _ _
nominator of the closed-loop transfer function is 2) WO';'("”Q sessianthe controlleru=Ky is applied withK
=const=K,,.
p(s,K)=s?+(b+cK)s+a (20)

which turns out to have roots with negative real péirtear sta-
bility condition) for a sufficiently large value oK, i.e., for Experimental Tests

B 1 m. 1 In order to verify the effectiveness of the proposed control strat-

—bhle= — = |_—p2_*_ prop
K>—blc= @ ( Bm, Bm) =B o 2 (21) egy, an industrial compression plant has been coupled to a prop-

o . . ) erly designed control device and a comprehensive set of measure-
However, the situation is slightly different if fast dynamics or &nénts has been performed.

low-pass filter are considered. For the simple exposition, let us ) )
consider the case in which only the filter is taken into acc¢itmt ~ Test Plant and Instrumentation. The compression system,
use is necessary in practicand let us consider, for instance, ashown in Fig. 2, is based on a low-pressure multistage centrifugal

filter having the following transfer function: compressor driven by a DC motor through a speed increasing
gear. The blower includes four impellers, with 16 backswept

Fier(S) = 1 22) blades and 465 mm outer diameter, and vaned diffusers. The com-
fiter 1+2(¢l wo)s+ % ) pressor inlet consists of a radial bellmouth duct with a 125 mm

. . . inner diameter A.=122.7 cn), while the delivery pipe is con-
where wy/27 is the cut-off frequency ang<1 is a positive pa- nected to aAccyIindrical )plenum of Iargey F\)/c?lumevp(

rameter that depends on the particular filter. The closed-loop char= . .
acteristic polynomial turns out to be =3.1332m). The equivalent length of the compressor ducting

turns out to beL.=13.5m, while the equivalent length of the
compressor delivery pipe Isq=7 m.
+cKs  (23) The normal operation speed of the considered blower ranges
from 2000 to 4000 rpm. The minimum value of the system stabil-
and, for any value of, b, c, & wg, there exists a limit value, ity parameterB, corresponding to the compressor speed of 2000
Kinst>0, such that foK =K st local stability is lost. This prop- rpm, is 0.304, which turns out to be far higher than the critical
erty can be proved by plotting the positive root locus or just usingalue of the present compressBy,;=0.06 (see[12] for a rigor-
the parameterized Routh—Hurvitz table; the formal proof isus definition of bifurcation parametd.;). This results in a

2

s
1+2£s+—

Priter(S.K) = (s*+bs+a) P
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3285 formed by Giannattasio et dl17] had shown some difficulties in

® stabilizing the compression system due to software limitations and
potentiometer T to the use of a stepper motor with an excessively large rotor iner-
butterfly ® tia. These limitations have been largely reduced in the present
valve 8 3260 work by using a more efficient computer-based system for data
= R 277 i ; :
E—_S -W—- acquisition and control and by selecting a lighter and faster actua-
tion device.

stepper
motor

A new software has been developed with the aim of maximiz-
ing the control speed. A sampling rate of 30 Hz has been selected
as a compromise between the need of a faithful reproduction of
the surge dynamics and the requirement of a sufficiently large
aw. I time interval between two subsequent acquisitions which allows
suction” f the desired angular displacement of the actuator to be completed.
The stepper motor has been driven at the frequency of 4000 Hz.
Over this value the strong accelerations of the actuator during the
control originate inertial torques that can exceed the motor torque.

Fig. 2 Experimental compression plant On the basis of the values of sampling rate and motor frequency,
the code computes the maximum number of motor steps allowed
in a sampling period. When the time needed for calculations and

Temperature I/O operations is considered, the residual sampling period allows a

©® rpm Pressure maximum of about 110 motor stegS0 deg. If the controller

® T T potertiometer requires a larger actuator displacement, the code limits the number
L

of steps at its maximum value.
butterfly
@ valve
u

plenum

four-stage gear DC
compressor box motor

As mentioned above, the acquisition of the pressure and angular
stepper  displacement signals occurs simultaneously on five separate chan-

motor

TC unit [ Amplifier nels. The system output signal, which is acquired as the differen-
tial pressure between plenum and compressor outlet, is first cor-
P erator I L rected by adding the pressure losses between the two

mutimeter | |_‘_w_‘ w0140 | 40|40 |ao || ime ||_sse measurement sections. These losses are estimated as a fraction of

12|34 |5 ||base [T wecton the differential pressure signal from the orifice flow megfrac-
tion of 60 percent has been considered on the basis of preliminary
calibration tests After being acquired and corrected, the system
output signal is filtered by means of a low-pass second-order But-
terworth filter ¢=1/,2 in transfer function(22)) in order to re-
duce the measurement disturbances. Preliminary tests suggested
an optimum value for the cut-off frequency between 4 and 6 Hz
Fig. 3 Schematic of the instrumentation system (the maximum frequency of the surge oscillations in the present
compression system is close to 1)HAt this point, the propor-
tional or adaptive control law is applied to the filtered data, so
obtaining the valve flow area required by the control. This area
great system tendency to instability and accounts for the deemlue is turned into valve angular position and is compared with
surge conditions observed by Arnulfi et E20] also at the lowest the actual butterfly angle computed from the potentiometer signal.
compressor speeds. The difference between these two angles is converted into number
A butterfly valve at the plenum exit performs both functions obf pulses to the stepper motor, which are limited in case they
throttling device and actuator. The valve has a disk of 101 maxceed the maximum allowable value.
diameter, and its movable part, having a moment of inertia of 1.5 The present software for data acquisition and control allows the
kg cn?, is mounted on ball bearings. It is driven by a steppehrottle valve to be moved to the desired steady position and the
motor with a rotor inertia of 0.56 kg cma maximum torque of 1 control device to be enabled or disabled when required, without
Nm, and a resolution of 200 steps/rev. interrupting the processes of data acquisition and recording.

The instrumentation system is shown in Fig. 3, where the capi- . .
tal letters refer to the measurement point locations in Fig. 2. Pres=XPerimental Results. Tests have been carried out at the

sures and temperatures are measured by means of inductive trqRgIPressor speeds of ZQQO’ 2500, 3000, and 3500 rpm and for
ducers and K-thermocouples, respectively, while a magnefiin® different angular positions of the throttle vaki®m 5 to 25
pickup is used for the compressor rotational speed. The mass fiif With a step of 2.5 degorresponding to operating points on
rate is measured by means of an orifice flow meter mounted in unstable branch of the compressor characteristic curves, see
compressor delivery pipe. Although this instrument is normall'9: 4_.bI|:jeach_of t:wesg test conqmons,dthe tvll/_o-stage _rzjr“%cedure
used for steady flow measurements, it was considered accept&§gcribed previousiytraining session and working sessidmas

in the present case because of the slow dynamics of sarfev een applied, by always starting the_ control after a fully devel-
cycles per secondThe throttle angular position is measured b ped surge had been obtained. At first, the adaptive control has

means of a precision potentiometer. The stepper motor is driv .ﬁeT perf(zjrmed Dy assuming the value ofagpffor the g‘me“'f
by a Power Driver Unit, which allows a quarter of step resolutio lonless adaptation parametgt, However, a different choice of
(0.45 deg to be selected this parameter within a very large range does not change signifi-

antly either the limit gainK.,, or the stabilization time, as
imed in[24]. In the cases of successful adaptive stabilization,
e system has been taken back to unstable operation and the
trol test has been repeated, by using the valu€,obbtained
the training session as the constant gain of a standard propor-
ional control.
The suppression of surge has been obtained in all the test con-
Experimental Procedure. Previous experimental tests per-ditions, except the ones at the highest compressor speed, 3500

GPIB

The acquisition of temperatures and rotational speed is p&
formed only once at the beginning of each test, while the sign
of pressure and valve angular position are acquired simul
neously at a sampling rate that must be high enough to represfé
surge dynamics correctly. This sampling rate is determined by
external trigger provided by a pulse generator.
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o 0 system stabilization has been reached, the flow rate appears to be
6 7 = almost constant, while the plenum pressure signal is affected by
high-frequency oscillations, the amplitude of which increases with
74 the compressor speed. These oscillations result from the fact that

3500 rpm the plenum pressure has been obtained by summing up the signals

of compressor delivery pressutehich is highly disturbedand
differential pressure between plenum and compressor outlet,
Compressor rather than from direct measurements.
characteristics The behavior of the adaptive control is quite evident in the plots
of the valve angle. After the control has been started, the valve
moves with oscillations of growing amplitude, due to the increas-
ing gain, until the system stabilization is attained. However, high-
frequency oscillations remain in the angle signal after the surge
has been suppressed. They are due to residual disturbances in the
filtered output signal, which are amplified by the gain, resulting in
oscillations whose amplitude increases with the compressor speed.
The operating condition at 3500 rpfRig. 6(d)) shows the lim-
its of the performance of the present control device. In fact, the
actuator is not capable of performing the large displacements re-

Valve
characteristics

0 : quired by the controlleffrequent saturated valve openings should
0.0 0.1 0.2 0.3 [0 04  occur in this operating condition due to valve accelerations
which exceed the stepper motor capability.
Fig. 4 Test points as intersections of valve and compressor The harmful effects of disturbances and actuator Speed limita-
characteristics tions on system stabilization have been fully confirmed by nu-

merical simulations of the controlled system dynamics. The model
of Egs.(1)—(8), together with adaptive control la{24), has been
rpm. The summary of the present results is shown in Fig. 5, whigiPloyed (o test the operating condition of Figdnumerically,

y introducing either a limitation of the maximum angular veloc-

reports the values df., obtained in the stabilized conditions. The. of the valve or a sinusoidal disturbance of svstem ouinihe
limit gain turns out to increase strongly with compressor speété{ y up

and throttle closing. These expected trends can be justified e\?éWUIations have been performed with the following values of the

: " . : tersB=0.53, G=0.025, 7.=4, 7,=0.1, L4/L.=0.52
by a linear stability analysis. In fact, ER1) shows that, ifm, pararne > 7‘ e oa  ~di e ’
>0, the gain grows witB2, and hence withJ?, while it varies as K(0)=0, u=8.4,5=0.1. The amplitude and the frequency of the

the inverse of the steady equilibrium flow coefficieat,. disturbance have been set equal to 0.05 and 4 Hz, respectively,

Detailed representations of the adaptive control action are p?’c\J’b'Ch correspond to the leading component of the measured re-

vided in Figs. 6a—d), which show the time traces of flow coeffi. S'dual noise in the filtered signal. Under ideal conditiongb-

cient, plenum pressure coefficient, filtered system output, afgzcerg:jigt'zgjr;igcrﬁsl;r;dsidu?‘;ssrigﬁe;dst?Iéa)tg?ti';ngl)ar;trar
valve angle for the steady equilibrium condition corresponding 5 er? varvina the mgximumnglowable actuagt]of speéaithout Y.
0s=20deg and for all the considered compressor speeds. -mgturban(}:/ebgs stem stabilization was observed or?l for values
time required for the system stabilization is observed to increag*%S y ) only

with the compressor speed, i.e., wihat 2000 rpm 3 Helmholtz © (d6/dt) may greater than about 1500 deg/s, which is close to the
periods are sufficient while about 50 periods are required at 3oBgfimated limit performance of the actual control device. Further-
rpm. The achievement of system stabilization is shown by tHBOT®: stability was never reached when the sinusoidal disturbance

disappearance of the low-frequency surge oscillations in the s%s added to the system output, not even in conditions of no

tuator speed limitation.
nals of flow rate, plenum pressure, and system output. After t . -
P P y P The effects of the proportional control are shown in Fige—7

c), which report the time traces qf;, ,,, y and 6, together with
the corresponding system trajectories in plage, (), in three
500 different operating pointsg,=7.5, 15, 22.5 degat the compres-
K sor speed of 2500 rpm. It is observed that, when using the limit
@ R gain values of the adaptive control, the proportional control turns
400 \ out to be very effective since the system stabilization is obtained
N in a short time even in the more difficult case of very closed valve
3 (the stabilization time varies from 1 Helmholtz period at 22.5 deg
300l to 5 periods at 7.5 degThe stabilization test has been completed
"\ by inhibiting the control after the surge cycles have been com-
".\ 3000 rpm plet_ely suppressed ar_1d b_y observing the consequent system be-
200 L '..,\. havior. As the cases in Figs(aé/c) are concerned, it is noticed
"~ that the system continues to be stable after the control has been
a - removed at the steady valve angles of 15 and 22.5 deg, while at
Ca . 7.5 deg it immediately returns to a surge condition. This behavior,
100 |- e 2500rpm  ‘w which has been observed also at the other compressor speeds, can
T, - be explained by observing that for large values9gthe equilib-
rium point is a locally stable oné&he slope of the compressor
characteristic is negative or slightly positjyevhile the dynamic
S R S e stability condition >0 in Eq. (19) is not satisfied at valve
5 10 15 20 25 30 angles less than about 10 deg.
0 ) For a clearer representation of the system trajectories in plane
(¢c, ), the data to be plotted have been properly filtered to
Fig. 5 Limit gain values of the adaptive control eliminate the high-frequency disturbances and they have been lim-
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Fig. 6 Time traces of the system parameters during the adaptive control for
(a) 2000 rpm; (b) 2500 rpm; (c) 3000 rpm; (d) 3500 rpm

6,=20 deg:

ited to few oscillations before system stabilization. Furthermorbghavior resulted also from numerical simulations of the con-
the (¢, ¢,) plots in Figs. Ta—c) report the compressor charac-trolled system dynamics, when a sinusoidal disturbance was
teristic at 2500 rpmdashed lingand the steady characteristic ofadded to output signal.

the valve(dashed—dotted lineThese plots show that the system
proceeds from a deep surge cycle to a stable condition through.a .
short transient evolution. It is also observed that for the larg onclusions

values of valve steady angle, the system correctly converges to thé high-gain approach for the active control of compressor surge
equilibrium point(the intersection of the compressor and throttléas been introduced and validated by experiments. The differen-
characteristics while for 6;=7.5 deg the system moves to a flowtial pressure between plenum and compressor outlet has been se-
coefficient value which is considerably larger thap. This be- lected as the sensor signal, while the actuation is performed by
havior has been observed in all the other operating conditionsmagéans of the throttle valve at the plenum exit. Besides a standard
very low values off and it can be explained by considering thatproportional control, an adaptive strategy has been introduced in
in these cases, the possible valve motion around the equilibriorder to perform a satisfactory tuning of the gain. A computer-
position is not symmetric, being limited below by the saturatiobased control system has been coupled to an industrial compres-
constraint of complete closing. Consequently, the valve oscillaion plant based on a four-stage centrifugal blower, and an exten-
tions, which are observed also in stabilized conditions due to te&ve experimental investigation has been performed.

disturbances that affect the system output signal, occur around aifhe experimental results show that the proposed control strat-
average angular position that is larger than the desired one. Suays is capable of suppressing surge in almost the whole unstable
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Fig. 7 System trajectories in plane  (¢.,4,) and time histories produced by the proportional control at 2500 rpm:
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(@ 0

branch of the compressor characteristic for rotational speeds ughe difficulty of increasing both motor torque and spéadnotor
3000 rpm. Under these conditions, the standard proportional camith a higher torque has usually a larger rotor inerti@n the

trol turns out to be very effective if the limit gain values providedther hand, the origin of the sensor disturbances should be care-
by the adaptive control are imposed. At the highest compresdally investigated(the low-frequency disturbances in the filtered
speed(3500 rpm) the control strategy fails. This is not a concepsignal might be due to secondary dynamics, which are excited by
tual limitation of the high-gain approach, which in theory assurghe high gain feedbagkand different filtering techniques should
system stabilization in any operating condition, but it mainly repossibly be considered. Although the solution of both problems
sults from the limited actuation speed and from the interaction appears to be a rather difficult task, the authors believe that further
high gain, sensor disturbances, and actuator saturation. In factjragstigations are worth pursuing, since the proposed high-gain
the compressor speed, and hence paranigtés increased, the approach has the potential for very effective applications in the

system requires higher gain values to be stabilized. On one hafidld of compressor surge control.

such high gains cause very fast actuator displacements to be re-
quired by the controller, so that the inertial resistance of the valve

can exceed the motor torque. On the other hand, the unavoida(ﬁféknOWIedgmems

disturbances of the system output signal are strongly amplified byThe present research has been supported by the Italian National
the high gain, so resulting in large valve oscillations and hence @ouncil of ResearciCNR).

frequent conditions of actuator saturatit@omplete valve clos-

ing). Saturation does not necessarily cause system instability R menclature

its own (the so called “bang-bang” controls, which are based on

actuator saturation, have several technical applicatidng it is A=
clear that the saturation induced by disturbances has no correla-B =
tion with the system dynamics to be controlled. G =

Another negative effect of amplified disturbances and valve K =
saturation is observed in the stabilized conditions at small valve L =
steady angles: the asymmetric valve oscillations around the equify =
librium position determines an average flow rate which is signifi- U =
cantly larger than the desired one. V =

In order to attenuate or possibly eliminate the limits of the a =
proposed control strategy, further work is required, which should m =
be focused on two main topics. On one hand, an actuator of higherp =
performance should be selected, which is not an easy task due tos =
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area

Greitzer parameter
valve parameter
control gain
equivalent length
Helmholtz period
impeller tip speed
volume

speed of sound
mass flow rate
absolute pressure
Laplace transform variable
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t = time
u = system input
y = system output
Ap, = compressor pressure rise
S(-) = small perturbation
0 = valve angular position
p = density
7 = dimensionless time wyt
T, = actuator dynamics time constant
7. = compressor dynamics time constant
¢ = flow coefficient=m/pyUA,
¥ = pressure coefficient2 (p—po)/poU?
. = compressor pressure coefficier®Ap,/poU?
oy = Helmholtz angular frequeneya,VA:/LV,
Subscripts
0 = ambient
1 = compressor inlet
Cc = compressor
p = plenum
r = required by the controller
s = steady-state
t = throttle valve
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Numerical Investigation of
Tandem-Impeller Designs for a
Gas Turbine Compressor

The tandem-bladed impeller centrifugal compressor, which may offer potential aerody-
namic benefits over conventional designs, is rarely employed in production gas turbine
applications. Conventional impeller designs are often favored because of concerns for
both significant performance losses and increased manufacturing costs associated with
tandem configurations. In addition, much of the available literature concerning the char-
acteristics of tandem-impellers is inconclusive, and at times contradictory. Because of the
scarcity of tandem-impellers, rules for their design are nearly nonexistent. Also, the ef-
Douglas A. Roberts fects of inducer/exducer clocking upon tandem-impeller performance and exit flow char-
Suresh C. Kacker acteristics are not f_uIIy understood. In the present _stu_dy, a numerical_investigation was
) performed to investigate the aerodynamic characteristics of a tandem-impeller design for
the rear stage of a gas turbine compressor (target impelley RR3.0). A parametric
Pratt & Whitney Canada, study of tandem-impeller inducer/exducer clocking was performed in order to explore its
Mississauga, Ontario, Canada effect upon performance and exit flow quality. Because the tandem impeller was designed
to be retrofittable for an existing conventional impeller, it was also compared to predic-
tions for the baseline conventional design. Results of the study indicated that the tandem-
impeller was less efficient than the conventional design for all clocking configurations
studied. Tandem-impeller blade clocking was found to have a significant effect upon
predicted pressure ratio, temperature ratio, efficiency, and slip factor; the maximum val-
ues for these parameters were predicted for the in-line tandem configuration. The mini-
mum predicted tandem-impeller isentropic efficiency occurred at a clocking fraction of 50
percent, falling 3.8 points below that of the in-line case. Although the tandem-impeller
performance was predicted to diminish as blade clocking was increased, significant im-
provements in the uniformity of impeller exit velocity profiles were observed. Profiles of
both total pressure and swirl at impeller exit indicated that the tandem-impeller design
may offer both improved diffuser recovery and stalling margin over the conventional
design. [DOI: 10.1115/1.1413472

Keywords: Impeller, Numerical, Tandem, Compressor

Introduction 5. In the present paper, the circumferential spacing shall be re-

. . . . ferred to as a fraction of blade pitch, whepe,=6./(360

o e e e el M) Positv vales ot ana. efr 10 a postcnig o
for their application is to reduce the hidhly distorted jet/wake ex| e gxducer L'EI relative to the inducer T.E. such that thg exducer

) . . . : : suction surface is closest to the pressure surface of the inducer, as
velocity profiles typically encountered in conventional |mpelleg own in Fig. 2. All values oh. refer to inducer/exducer align-
designs. In some cases, tandem-impeller designs may also pro Cht at the s.hrc-)ud s
structural benefits over conventional impeller designs. In spite 0 Because of the rélatively small number of designs in existence
potential benefits, the tandem-impeller concept is often not Ccof aerodynamic merits of tandem-impellers are not well docu-'
sidered for aircraft engine applications because of increas

. ; nted. From one perspective, the presence of a tandem gap,
manufactur!ng costs, and concern for potentially large Iosses\mﬂch reduces the effective loading area and forces premature
aerodynamic performance.

A tandem-blad t refers t . f blad diffusion in the inducer passage, should handicap the tandem de-
andem-blade arrangement refers 1o pairs ot blade rows {h, hoty in terms of achievable efficiency and pressure ratio as
close axial proximity having some circumferential spacing, al

. mpared to a similar conventional impeller. From another per-
can encompass both stationde/g., double-row statorsand ro- b b P

i toils. F tating tandem-blad ; h sPective, however, the close proximity of the inducer and exducer
ating arfolis. F-or rotating tandem-blade arrangements SUch as fig,jis coyld prevent the onset of downstream suction surface

an impeller, it is assumed tha@ no r_elative circumferential motio&, aration by re-energizing the blade-surface boundary layer
occurs between the blade pairs. Figure 1 shows a shaded thig6zy, jike a wing-flap configuration. Such a potential improve-
dimensional representation of a tandem-bladed impeller. 4gent in flow quality could reduce the distortion in impeller exit
shown, the upstream and downstream blades are referred tq,@3city profiles, consequently improving both diffuser recovery
“inducer” and “exducer” blades, respectively. Figure 2 shows a4 range of operability.

top view detailing the nomenclature for the blading configuration. \jqst of the available publications dealing with tandem-blade
The axial gap between airfoils i5x,, while the circumferential ¢, omachines have historically favored axial configurations over
angle between inducer trailing edge and exducer leading edgg.&rifugal devices. The relatively few publications that have in-
vestigated tandem-bladed centrifugal turbomachines have for the

Contributed by the International Gas Turbine Institute and presented at the 4 ; ; ;
International Gas Turbine and Aeroengine Congress and Exhibition, New Orle %St part been inconclusive as to the impact on performance.

Louisiana, June 4—7, 2001. Manuscript received by the International Gas Turt"j)li?&hen summarizing various tandem-impeller studies in their 1992
Institute February 2001. Paper No. 2001-GT-324. Review Chair: R. Natole. paper, Kadner and Hoffmdri] concluded that “... there are very
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Exducer Blade

Inducer Blade

Fig. 1 Three-dimensional representation of tandem-impeller
design (As=5 percent configuration shown )

rather than the meridional split location, had the greatest impact
on flow uniformity. No efficiency data were included in this work.

A parametric computational fluid dynami€FD) study of a
tandem blade turbopump was performed by Cheng €t4dlin
1993. In this study, two versions of a tandem-impeller design
having clocking fractions of 7.5 and 22.5 percent were compared
to a baseline consortium impeller. Numerical results predicted that
both tandem designs delivered lower efficiency and head than the
baseline due to large flow distortions. A flow separation was found
to occur on the suction side of the splitter blade in both tandem-
impeller cases.

Two very thorough experimental tandem-impeller studies were
performed by Kadner and Hoffmail] and Kadner{5]. These
papers are of particular interest because their centrifugal designs
are the most similar to that of the present appear. In the first study,
the authors studied a medium pressure rgd&=3.9) tandem-
impeller having 14 inducer and 28 exducer blades, 32 deg of
backsweep, and an axial gap of approximately 1.5 percent of tip
radius. The design was tested in combination with a vaneless dif-
fuser for five different relative circumferential inducer/exdugsar
clocking positions. Because of structural limitations, the design
could only be tested up to 88 percent of its design speed. At this
speed, the inducer/exducer positioning had a relatively small im-
pact on performance, resulting in a maximum deviation in poly-
tropic efficiency of approximately 0.5 percent and in total pressure
ratio of 2 percent. The optimum positioning was found to be the
in-line configuration and the poorest performance was observed
when the exducer pressure surface was placed closest to the in-

contradictory statements of the attainable improvements of sucklacer suction surface. The authors also observed that the effect of
blade arrangement so that no design rules are available.” Desgitade positioning mostly impacted the pressure ratio of the in-
these contradictions, a brief summary of several studies is pthicer blade and the leading edge region of the exducer. A series of
sented herein. impeller exit velocity traverses using laser velocimetb2F)
Boyce and Nishid&2] explored a tandem-blade impeller designwere also taken, and it was concluded that velocity profiles were
in an attempt to reduce a flow separation on the splitter blade ofat significantly affected by relative blade position.
corresponding conventional impeller design. A clocking fraction |n the follow-up study by Kadndi5], a similar impeller design
of \s=33 percent between the inducer and exducer blades Wggs once again tested for various inducer/exducer clockings. In
used. The authors found that the tandem arrangement both eligiis case, however, a different impeller material was used so that
nated the separation and had a slight improvement on measujigél correct aerodynamic design speed could be achieved. In addi-
efficiency. It is unclear, however, as to whether the tandem gfpn, the axial gap between the inducer and exducer blades was
rangement would have delivered a superior efficiency if the basgyyced to zero in an attempt to increase the sensitivity of the
line design had been properly designed without flow separationyegign to the relative circumferential positions. Findings indicated
In a numerical study of a high head-coefficient pump impellefp ot the total-to-total pressure ratio was not significantly impacted
Bache([3] compared a conventional baseline impeller to severg(, g, ,cer/exducer clocking. It was found, however, that the stage
ta_1r_1dem arrangements. The r_esults of this Stl.de showed that o rge margin could be improved by blade clocking. The maximum
nificant gains in flow uniformity could be achieved by a tande.rn'nprovement in surge margin corresponded with the closest to,
blade arrangement. In addition, the author showed that clockir ¢ in-line, blading arrangement in which the exducer suction

surface was closest to the inducer pressure surface at 27 percent of
exducer pitch. Also, in contrast to the rotor total-to-total pressure
ratio, the stage total-to-static pressure ratio was found to be sig-
nificantly affected by blade positioning. The optimum surge mar-

Dfirection gin position also resulted in the highest total-to-static pressure
giotation ratio. This was the only arrangement in which the stage total-to-

static pressure ratio was found to exceed that of the in-line con-
figuration; all other configurations were lower. The authors attrib-
uted the improvements in both stage pressure ratio and surge
margin to a smaller wake zone and more balanced velocity field at
the impeller exit, which improved diffuser performance. Measure-
ments of exit meridional velocity profiles affirmed this argument,
showing a significant reduction in jet/'wake velocity differences
for the optimal clocking configuration as compared to the in-line

Pressure
Surface

Pressure
Surface

Ays

(+ve)

Suction

Surface case. In addition, it was observed that the velocity profiles of the
Impeller Axis Ax two equucer(i.e., main/splittey channels were more balanced in
. s the optimum case than for the in-line configuration.

X The present study explores the aerodynamic characteristics of a
retrofittable tandem-impeller design, intended to perform a similar
duty as an existing conventional rear-stage impeller for a multi-

Fig. 2 Nomenclature for tandem-impeller  clocking stage aircraft gas turbine compressor. The intent of the study is to

arrangement
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compare both the flowfield and performance characteristics of a
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Numerical Modeling

All CFD calculations were performed using a finite-element,
turbulent, compressible flow solver called NS86); the solver
was jointly developed by Pratt & Whitney Canada and Concordia
University. The primary flow variables are pressyseand mass
flux, pV, with a pressure dissipation term in the continuity equa-
tion. By introducing this dissipation term, the odd—even decou-
pling (or checkerboarding effect is avoided, hence allowing
equal-order interpolation to be used for velocities and pressures.
Stabilization of the momentum equations is achieved by means of
the Streamline Upwind Petrov GalerkiSBUPQ schemd7].

The code presently supports hexahedral, tetrahedral, and pris-
matic element types. Equations are linearized using a Newton
method, and are solved in a fully coupled manner using a highly
parallelized preconditioned iterative solVé.

Both k—¢ and k—w turbulence models are supported by the
code, but thek—w model was used because it has been found to
be more stable. Equations are integrated to the wall by means of a
special logarithmic elemef®] spanning the region from the wall
to the first near-wall grid mode. The' value of the first node is
allowed to vary over a range from 30 to 300. By using this
scheme, computational time is significantly reduced, as compared
to traditional wall integration schemes, in which numerous linear

Split elements are required to capture high near-wall gradients. In ad-

] ) ) ) dition, superior accuracy is achieved as compared to conventional

Fig. 3 Comparison of conventional and tandem-impeller me- wall function approaches, with only a small increase in computa-
ridional gas-path profiles tional cost

In this study, the NS3D code was used to analyze seven impel-
ler configurations. The configurations consisted of the conven-

tandem-impeller with a conventional design of a similar duty, az%gnal impeller as well as the clocked tandem-impeller at 0, 5, 10,

to explore the impact of inducer/exducer blade clocking upon i
peller performance and exit flow quality.

5, 50, and 75 percent clocking fractionsg). Finite element
grids of the impeller flow domains were created using a method
developed at PWC called “ICAST.” Prior to this method, an axial
compressor grid-generation tool was used to generate impeller
o . grids; this former technique, although generally sufficient for con-
Description of Impeller Geometries ventional geometries, lacked the capability to accommodate

The conventional full-bladed impeller design is intended for af@ndem-impeller designs. ICAST combines the three-dimensional
aircraft gas turbine application behind a multistage axial compreSAD package CATIA with the commercial three-dimensional
sor. It is designed to function in combination with a downstreafexahedral grid-generation package ICEM-HEXA. Interactive
discrete-passage type diffuser, and to deliver a target impelfeutines programmed in CATIA are used in combination with
total-to-total pressure ratio of approximately 3.0. The design BEXA to construct impeller grids for multiple topologies in a
fully subsonic at entry, and is designed for a mean upstream prepid, automated fashion. An additional benefit to this method is
swirl of 22 deg. This impeller consists of 28 main blades withouhat the user is afforded much greater control over grid spacing,
splitters, and has 36 deg of trailing edge backsweep. including the distribution of near-wall grig* values, hence im-

The tandem-impeller design was designed as a retrofit to theoving the quality of solutions.

baseline design, which could be “dropped in” between the up- All grids were of the structured hexahedral type, consisting of
stream axial compressor and downstream diffuser, maintainitigear quadrilateral elements. The grids were extended upstream
common entry and exit gas-path corner points. The tandem desafnthe leading edge axially at the inlet and downstream of the
was required to deliver at least the same pressure ratio as tt&ling edge radially at the exit by a distance of 10 percent of the
conventional design for the smallest possible efficiency penaltynpeller tip radius. Three separate grid topologies were used to
The inducer blade was designed using axial airfoil methods whiteodel the conventional impeller, the clocked tandem-impellers,
the exducer blade was designed using conventional impeller teelmd the in-line {=0) tandem-impeller. Grid sizes for each of
niques. Initially, the first tandem-impeller design was a twathese three topologies were allowed to vary in order to maintain
bladed copy of the conventional impeller, having clocked airfoilsimilar near-wall grid spacings and bunchings in the flow do-
and an axial split-gap. It was found, however, that several desigrains. The grid sizes are summarized as follofiysconventional
changes were necessary in order for the tandem-impeller to depeller: 120,096 element& =140, j=33, k=28), (ii) clocked
liver a similar pressure ratio to the conventional with a minimabandem-impellers: 277,020 elements-181, j=58, k=28), and
efficiency penalty. Several features of the final tandem-impelléii) in-line tandem-impeller: 228,312 elemenfis=152, j=55,
design include modified blade camber distributions, a narrowk+29). A cut of a typical tandem-impeller mesh is shown in Fig.
gas-path in the “knee” region, 31 inducer and 31 exducer blades, For all impeller analyses, a constant tip clearance value of 1.6
and 24 deg of backsweep. In addition, the inducer/exducer blagercent of impeller exit blade height was modeled using six
axial gap X, is 0.6 percent of impeller-tip radius. The design wag-planes to grid the tip clearance region.
optimized in such a way that it delivered a slightly higher pressure In all cases, the impeller flowfield was analyzed in isolation
ratio than the conventional design for a clocking pitch fractiowithout a diffuser. For the analysis, a steady-state, compressible,
(N\g) of 5 percent; the additional pressure ratio was incorporatéaree-dimensional, fully turbulent flow was assumed. The imposed
into the design to improve matching with upstream componentgstream radial boundary condition profiles for total pressure, to-
This design is shown in Fig. 1. A comparison of the meridionahl temperature, swirla), and radial flow anglé ) were taken
gas-path profiles for both the conventional and tandem-impellzom predicted exit profiles for the upstream axial compressor, and
designs is shown in Fig. 3. were identical for all runs. Inlet turbulence boundary conditions of
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k=0.001 anct=0.004 werealso imposed in all cases. For eact 1
case, a constant static pressure was imposed at the downstr 0 0 20 30 40 50 60 70 80
exit boundary while the mass-averaged values of total temperat Clocking Fraction (As)

and pressure were held constant at the inlet. All cases were ana- ] ) )

lyzed at the impeller design speed over a range of several flowsf§- 5 Comparison of predicted impeller:  (a) total-to-total
varying the exit static pressure imposed. All solutions were run Pﬂess”r.e ratio, (b) isentropic efficiency, and  (c) total tempera-
a sufficient convergence level such that the overall residual was g ratio at running line
the order 10# and the exit mass flux was within less than 0.5
percent of the inlet value. Mass-averaged thermodynamic impeller . . .
performance calculatiore., PR, TR, and efficiengyvere based perature ratio values were highest for the m-I(ﬁepercen)_ case.
upon inlet total temperature and pressure at 5 percgnpeller Al three parameters were observed to decrease continually as a
tip radiug upstream of the leading edge, exit total temperature &nction of clocking fraction, reaching minimum values 3

the trailing edge, and total pressure at 5 percent downstream of fag° Percent. Increasing further to 75 percent clocking fraction,
trailing edge. Total pressure was calculated downstream of t t.h temperature ratio and pressure ratio were found to increase,
while efficiency was virtually unchanged. In general, the tandem-

trailing edge to partially account for mixing which would nor-! . .
mally occur downstream of the impeller. impeller design was found to be less efficient than the conven-
tional impeller for all configurations, having a minimum effi-
. . ciency penalty of 0.55 points at;=0 percent and a maximum
Results and Discussion efficiency penalty of 3.8 points at;=50 percent. In spite of its
The predicted impeller running-line total pressure ratio, totdébwer backsweep value, the tandem-impeller total pressure ratio
temperature ratio, and isentropic efficiency values have been phaias found to exceed that of the conventional design only for the 0
ted versus clocking fraction\¢) in Figs. 5a)—(c). Running line and 5 percent configurations, while the 10 percent design deliv-
values were calculated for a constant value of impeller exit cogred a nearly identical level.
rected flow WV.,,), in an attempt to represent the engine matching Due to the backsweep difference, the predicted tandem-impeller
points for the various designs. Note that the results have beemperature rise was, not surprisingly, higher than that of the con-
normalized to the impeller design targets. From the large degreentional design. The dependence of tandem-impeller temperature
of variation in predicted performance, it is clear that the inducerise upon clocking fraction, however, does suggest that trailing
exducer clocking had a significant impact upon tandem impelledge slip factor is dependent upon relative circumferential posi-
performance. tion. Understanding this variation of tandem-impeller slip factor
It is immediately apparent from the plots of Fig. 5 that thes a function of inducer/exducer clocking is a highly important
tandem-impeller running-line pressure-ratio, efficiency, and temelationship for a compressor designer sizing impeller designs to
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meet a target pressure ratio. Figure 6 shows the predicted runnin
line slip factor(o) values as a function of tandem-impeller clock- | = e =
ing fraction. The slip factor was found to vary from a maximum | 7=
value of 0.923 at 0 percent clocking to a minimum of 0.898 at 50 i Lt
percent; by comparison the predicted conventional impeller slip
factor was 0.909. The observed increase in €lip o) from 0 to
50 percent clocking is most likely the result of increased exducer
blade-to-blade loading with increased clocking. Generally, for |
lower backsweep designs such as the tandem-impeller, it is ex:
pected that the amount of slip would be greater than for designs| iz ure i) C/Cmiref)
having higher backsweep due to increased aerodynamic loading € ;e 112 tmpeller T.E + 3%
the back-end of the exducer. In the present study, however, this
was only found to be true for the 10, 25, and 50 percent cases; foi-
the 0, 5, and 75 percent cases, the velocity field due to the tandgm 7 conventional impeller:  (a—d) M,y contours at 25, 50, 75,
arrangement resulted in less slip than for the conventional desigHg 95 percent span; (e) M, contour at impeller trailing edge;
A general conclusion that can be drawn is that conventional in® meridional (Cm) velocity contour at trailing edge ~ + 3 percent
peller slip factor correlations may not necessarily apply to
tandem-impeller designs because of the strong effect of inducer/
exducer clocking. trailing edge deviation is very likely affected by airfoil clocking.
Contour plots of the predicted running-line impeller flowfieldSThe observed reduction in slip factor from=0 to 50 percent
for the conventional as well as three of the tandem-impeller ( discussed above is consistent with the increased exducer incidence
=0, 5, and 50 percentases are shown in Figs. 7—10. For each @&nd hence higher exducer loading.
these cases, relative Mach contours are shown for cuts at 25, 5G5low in the downstream portion of the exdudgast the gas-
75, and 95 percent span in)—(d), at the trailing edge ie), and path bend to radialwas characterized by varying degrees of low-
a meridional velocity contour is shown at a location 3 percemhomentum flow and separation for the different tandem configu-
downstream of the trailing edge {f). The Mach contours near therations. In the conventional full-blade desidifrig. 7(d)), a
hub at 25 percent span showed little difference between the vaséparation was observed near the shroud, occupying approxi-
ous tandem-impeller configurations. For the conventional impellerately 2/3 of the blade-to-blade passage closest to the pressure
at 25 percent span, a low-velocity region was observed near thaface at 95 percent span. In the case of the tandem-impeller,
knee of the impeller along the pressure side of the blade. Suchath the shape and the extent of the separation zone were found to
pronounced low-velocity region was not observed on the presswary due to the clocking arrangement. At 75 percent Siags.
side of the exducer for any of the tandem-impeller designs, likeB~1Qc)), the separation zone was found to move closer to the
because of the narrower gas-path of the tandem design. exducer suction surface, and to increase in size as the clocking
The M, contours from 50 to 95 percenb{d) span are more fraction was increased. The tandem-impeller separation patterns
revealing in terms of differences in flow characteristics. Observabserved at 95 percent spéfigs. 8—10d)) were more complex
tion of the flow in the split-gap region shows that the suctiothan those at 75 percent, showing the effects of both clocking and
surface near the leading edge of the exducer is affected by tite tip-clearance vortex on the separated flow distributions. The
relative circumferential position to the inducer. For the in-linehordwise extent of the 95-percent span separated region appears
tandem-impeller case\(=0 percen), acceleration about the ex-to have increased as blade clocking was increased, but the shape
ducer leading edge was negligible, while for the 50-percenf the low-momentum distributions has changed the appearance of
clocked case, a strong acceleration was observed in this regithe flow for each case. Comparing the tandem-impeller designs to
For the 5 percent clocked case, more modest exducer leading ettge conventional impeller, the chordwise extent of separation in
suction surface acceleration was observed, which, because of tthe tandem-impeller designs appears to be less extensive at 95
small circumferential gap between airfoils, was found to createpercent and more extensive at 75 percent. An additional observa-
“jet” of high-momentum flow along the exducer suction surfacetion is that, in the conventional design, the separated flow has
Changes in the degree of acceleration about the exducer leadiegttached by the impeller trailing edge. In the tandem-impeller
edge are due to variations in incidence, resulting from circumfedesigns, however, various degrees of separation were observed at
ential variations in inducer T.E. deviation. In addition, inducethe trailing edge with reattachment occurring slightly downstream.
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Fig. 8 Tandem-impeller (As=0 percent): (a—d) M, contours at Fig. 9 Tandem-impeller (As=5 percent): (a)—(d) M, contours
25, 50, 75, and 95 percent span; (e) M, contour at impeller at 25, 50, 75, and 95 percent span; (e) M, contour at impeller
trailing edge; (f) meridional (Cm) velocity contour at trailing trailing edge; (f) meridional (Cm) velocity contour at trailing
edge + 3 percent edge + 3 percent

The flow was likely to reattach farther upstream in the conven-
tional design due to the less aggressive diffusion caused by the
higher backsweep angle. tional and in-line tandem-impeller, the lowest absolute region was
Plots of impeller exit flow predictions are shown in Figsobserved along the shroud over the entire passage. This region of
7-10Qe),(f). Both relative Mach contour) at the trailing edge, low momentum across the shroud was found to diminish as the
and meridional velocity contourd) at 3 percent downstream of clocking fraction was increased. For the 50-percent clocked con-
the trailing edge, are shown. In each of the impeller cases, it wiguration, a much less diminished shroud velocity profile was
found that a low relative velocity region, or wake, developed neabserved as compared to the O percent case; however, the low
the suction surface/shroud zone at the trailing edge; this jet/wakelocity region in the shroud/suction surface corner at the trailing
phenomenon is typical in many impeller designs. This wake waslge, which had mixed out for the other configurations, could still
found to be more pronounced in the tandem-impeller cases thagmobserved at the TE 3 percent location for the =50 percent
for the conventional design, due to the different backsweep valase.
ues. In the tandem-impeller cases, both the size and strength ofhe amount of distortion in the absolute velocity field exiting
these wakes were found to increase as a function of increaskd impeller is known to be important in terms of its impact both
clocking from 0 to 50 percent. In addition, this wake was found topon the downstream diffuser recovery and compressor surge
migrate toward both the shroud and the suction surface of theargin. Although the diffuser is not modeled in the present study,
exducer as the relative blade clocking was increased up to 8@ trends in the impact of various impeller designs upon diffuser
percent. The increased exducer blade-to-blade loading with jmerformance can be postulated. It is known that the level of aero-
creased clocking is a likely explanation for both the increasatynamic blockage at the impeller throat has a strong impact upon
extent of the wake size, and the secondary effect of the wadl#fuser static pressure recovery. Hence, impeller designs having
migration. lesser distortions in their absolute exit velocity profiles should
The downstream meridional velocity contours of Figs. 7610 result in improved diffuser performance. In order to compare the
show the impeller exit flow in the absolute sense following somearious configurations quantitatively, a velocity distortion param-
mixing; these plots are representative of the flowfield, whichter,r, was defined. This parameter expresses the degree of varia-
would be seen at entry to the downstream diffuser. The-3E tion in radial velocity about the mean value at the ¥B percent
percent meridional velocity contours indicate that the shroutfication. Figure 11 expresses running-line impeller exit velocity
suction surface relative velocity wake seen at the trailing edge hasnuniformity parameters versus clocking fraction. The in-line
mixed out somewhatfrom plots (e) to (f)). What is more note- tandem-impeller case was found to have the highest degree of
worthy is that at the TE+ 3 percent location for both the conven-velocity distortion ¢ =0.56) as compared 10=0.48 for the con-
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ventional impeller. All other tandem-impeller configurations, how- %08 || ..\\_ _
ever, were found to have significantly lower values of radial ve- g \
locity distortion than the full-blade design. Sog N
The 5-percent clocked case was found to have a nonuniformity |-' . — Ty
parameter value of 0.42, while the 25 percent clocked case had the 04 e~ =y

0.2+ . '““z\lj

0.6
—O— Split Impeller 0.0 02 04 a6 0B 1.0
0.55 KiXref - 55% Span
i Fig. 12 Impeller blade surface loading (isentropic relative
s 03 \ Mach number ) distributions at  (a) 25, (b) 50, and (c) 95 percent
5 span
i
5 045
s
a X\\ /O/—( lowest value of =0.38. The degree of exit velocity nonuniformity
£ 04 e was found to increase from this minimum for clocking values
S beyond\ ;=25 percent.
= - The reduction in velocity nonuniformity from 5 to 25 percent
’ clocking is most likely due to the improvements in shroud veloc-
ity deficit levels; for the 50 and 75-percent cases, however, the
03 e — impeller trailing edge wake zone became so predominant that the
0 5 10 15 20 25 30 35 40 45 50 55 60 e5 70 75 Velocity distortion was increased in spite of the improved shroud

Clocking Fraction | s) VelOCity prOf“es-. . . .
Impeller running line “loading” diagrams, or blade surface
Fig. 11 Radial velocity distortion parameter ~ (r) at trailing edge ~ isentropic relative Mach number plots comparing the conven-
+ 3 percent versus clocking fraction  (\g) tional, 0, 5, and 50 percent tandem-impeller cases are shown in

42 | Vol. 124, JANUARY 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



(b)

Pt/Pt,ref

1.2

1.1

Basaline Impeller

———-Splt Impeller - 0% Clocked
------- Split Impeller - 5% Clocked
—----Split Impeller - 50% Clocked

09

1.0 ?
M

08

07

0 20 40
% Span (Hub to Shroud)

-60.0

-65.0

60 80

——Baseline Impeller

—=——-Splt Impeller - 0% Clocked
------- Split Impeller - 5% Clocked
—----Split Impeller - 50% Clacked ||
= = = Diffuser Reference Angle

100

than for the in-line case. This increased loading likely results from
a combination of reduced trailing edge deviation and boundary
layer thickness due to an airfoil flap type of interaction. In the
As=5 percent case, the near, but offset location of the exducer
suction surface draws flow toward it, both energizing the bound-
ary layer and helping the suction surface flow to continue turning
approaching the trailing edge. Although the in-line configuration
also assisted in preventing boundary layer growth, the position of
the exducer suction surface did not result in a circumferential
suction component on the trailing edge flow, and hence, had a
lesser impact upon deviation. As a result of the reduced inducer
deviation in thexng=5 percent case, incidence at the exducer lead-
ing edge was found to be less than that of the in-line case.
Loading diagrams for th& ;=50 percent tandem-impeller case
show an observed loss in inducer blade-to-blade loading from 70
to 100 percent chord as compared to the 5 percent case. Because
the exducer suction surface was no longer in close proximity for
this case, the inducer suction surface boundary layer was able to
thicken near the T.E., resulting in a loss of aerodynamic loading.
In addition, the exducer leading edge incidence was observed to
be greater for the 50-percent case than for the in-line and
5-percent clocked cases. The increased incidence indicates that
either the exducer circumferential position is in a region of in-
creased inducer trailing edge deviation, or the increased inducer
boundary layer thickness has increased inducer deviation. The net
effect of this arrangement was higher loading in the front portion
of the exducer, while loading near the rear of the exducer was

diminished due to the larger wake zone discussed above.

The running line impeller exit flow is characterized in terms of
pitch-averaged exit total pressure and air-arigleprofiles at the
TE + 3 percent location in Figs. 18),(b). The hub-to-shroud
total pressure profiles for both the conventional impeller and the
in-line tandem-impeller cases indicated similarly shaped profiles,
both having a strong shroud total pressure deficit from approxi-
mately 65 to 100 percent span. The 5 and 50-percent tandem-
impeller cases were observed to have more pronounced “dips” in
the total pressure profiles at approximately 35—40 percent span,
but also showed significantly improved tip total pressure profiles.
The observed locations for the onset of the tip total pressure defi-
cits were at approximately 77 and 85 percent span for the 5 and
50-percent clocked cases, respectively. The profiles reflect signifi-
cantly stronger shroud boundary layer profiles as the inducer/
exducer clocking fraction is increased.

The effects of tandem-impeller clocking upon the exit s\l
distributions are illustrated in Fig. #3. A curve showing the
downstream diffuser reference angle distribution is also shown in
order to compare the effects upon incidence in the vaneless space
region, most importantly near the shroud. Near the shroud region,
Figs. 12a)—(c). These plots express the airfoil surface pressuiacidence was found to be more positive for the in-line tandem-
distributions in terms of an equivalent Mach number, and help tmpeller case than for the conventional case, which would tend
show the distributions of aerodynamic loading for the various deéne design more toward stalling. For the 5-percent case, however,
signs. Comparing the conventional impeller loading distributioriacidence in the shroud region was significantly reduced. In the
to those of the 0-percent tandem-impeller case clearly illustrategse of the 50-percent clocked design, tip swirl was reduced to the
that the tandem-impeller blade-to-blade loadings were much mqyeint that the shroud region incidence was negative. Overall, the
aggressive and had to be redistributed in order to compensate3qsercent clocked case was thought to have the most preferable
the lack of available loading area in the split-gap region. A subtlmpeller exit total pressure and swirl distributions of those shown
point, which is not fully understood, is the much larger local adn Fig. 13. Both the improved shroud boundary layer profile and
celeration about the leading edge of the conventional impellgihe reduced diffuser shroud incidence are very likely beneficial to
Because the inducer blade was designed using different metha@eiucing diffuser throat blockage, delaying the onset of separation
a possible explanation lies in the more elliptic inducer leading the diffuser, and hence, providing both additional diffuser re-
edge shape. Another observation that is immediately noticeableisrery and surge margin.
that the surface isentropic relative Mach number levels became
somewhat smaller as the clocking fraction was increased. Becayse .
the designs were compared at a constant value of exit correcl{:esﬂndus'on
flow, this phenomenon was simply the result of reduced inlet cor- A computational study of a retrofittable rear-stage, medium
rected flow due to reduced pressure ratio as a function of clockimgessure ratio tandem-bladed impeller was performed for various

A more detailed comparison of the loading diagrams for thieducer/exducer clocking configurations. The various tandem-
various tandem-impeller configurations reveals some subtle @fpeller configurations were also compared against a conven-
fects of airfoil clocking. In thex,=5 percent case, it was foundtional impeller design for the same intended application. The key
that the inducer trailing edge blade-to-blade loading was higheonclusions of this investigation are summarized as follows:
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Fig. 13 Hub-to-shroud profiles of pitch-averaged
pressure, and (b) swirl () at trailing edge + 3 percent

(a) total
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» Results of the study showed that inducer/exducer relative ciiAxs = tandem blade axial split gap
cumferential position, or, clocking, had a significant impact on « = absolute swirl angle relative to meridional plane
tandem-impeller performance. e = turbulent dissipation

 Values of impeller pressure ratio, temperature ratio, and isen- ¢ = radial flow angle on meridional plane
tropic efficiency were found to be greatest for the in-line tandem- p = density

impeller case and lowest for a clocking fraction of 50 percent of Cy actual

airfoil pitch. o = impeller slip factoro= Covon

* The maximum variation in predicted running-line impeller g, = tandem blade relative “clbcking” angle
efficiency for various tandem-impeller configurations was ap- A, = tandem blade inducer/exducer relative clocking angle

proximately 3.8 points. as fraction of blade pitclipositive quantities below 50
* When compared to the conventional impeller design, the percent refer to orientation in which exducer suction
tandem-impeller was found to be less efficient for all clocking surface is closest to inducer pressure-suiface
configurations. n = isentropic efficiency
* Asignificant degree of variation in impeller trailing edge slip » = turbulent dissipation normalized by turbulent kinetic
factor was also observed as a function of clocking; this was likely energy

the result of variation in both exducer blockage and loading. bscri
* Observation of the impeller trailing edge relative velocitySu scripts

fields showed a shroud/suction surface wake zone which increased 1 = impeller inlet quantity

in size with increased clocking fraction. In spite of the growingactual = actual velocity component

trailing edge wake, radial velocity contours downstream of theideal = ideal velocity componentassuming no trailing edge

impeller showed a reduced shroud velocity deficit as clocking deviation
increased. m = meridional velocity component
« A statistical expression for the nonuniformity of the down- r = radial velocity component

stream radial velocity profiles quantitatively showed that distor- ref = reference quantity from design targets
tions in the impeller exit absolute velocity field could be signifi- rel = relative quantity(rotating frame of referenge
cantly reduced by an appropriately clocked tandem-impeller s = tandem-impeller split-gap quantity
arrangement versus a conventional design. t = total quantity

 Hub-to-shroud profiles of impeller downstream total pressure t-t = total-to-total ratio
and swirl indicated that a tandem-impeller configuration could u = tangential velocity component
significantly energize the shroud boundary layer and, in addition,
improve the diffuser vaneless space incidence matching. Acknowledgments
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Loeese = | The Application of Ultra High Lift
Blading in the BR715 LP Turbine

Manfred Horsman

Stefan Dressen The original LP turbine of the BR715 engine featured “High Lift" blading, which
achieved a 20-percent reduction in aerofoil numbers compared to blading with conven-
Rolls-Royce Deutschland, tional levels of lift, reported in Cobley et al. (1997). This paper describes the design and
D-15827 Dahlewitz, Germany test of a re-bladed LP turbine with new “Ultra High Lift” aerofoils, achieving a further

reduction of approximately 11 percent in aerofoil count and significant reductions in
turbine weight. The design is based on the successful cascade experiments of Howell

Neil Harvey et al. (2000) and Brunner et al. (2000). Unsteady wake-boundary layer interaction on

. these low-Reynolds-number aerofoils is of particular importance in their successful ap-

Simon Read plication. Test results show the LP turbine performance to be in line with expectation.
Measured aerofoil pressure distributions are presented and compared with the design

Turbine Systems, intent. Changes in the turbine characteristics relative to the original design are inter-
Rolls-Royce ple, preted by making reference to the detailed differences in the two aerofoil design styles.
Derby, United Kingdom [DOI: 10.1115/1.1415737
Introduction of moving bars and their wakes on the performance of LP turbine

. ades was performed by Schulte and Hodg®r10. They ar-
The BR715 21 klb. thrust engine powers the new B717-2 -
regional aircraft and is the latest in the BR700 engine series Ped that the becalmed regions behindke-generatgdurbulent

. L S ots, which propagate downstream on the aerofoil suction sur-
Gulfstream and Canadair executive jets. As part of achieving t R . : -
BR715 program, an advanced technology LP turlfffig. 1) was ﬁace, are capable of withstanding strong adverse pressure gradi

. 4 nts without separation. Their conclusion was that this effect is
designed by RR based on technology derived from the BR700 a . . ;
RR Trent engine programs and research work of Universities ﬁiponsmle for the loss reduction seen on such blades in unsteady

inflow conditions. Halstead et a[11] also investigated wake/

Germany and the UK. This design and its successful test, whi . . .
achieved a turbine efficiency more than 1 percent above bE|§ de interference and concluded that the location of spots coin

and a blade count reduction, are reported in Cobley dtlaknd ¢ dEd V]:”th riglons of ralsb?ddfree-str?m turlbulence d_ue to tne
Harvey et al[2]. wakes from the upstream blade rows. A complete overview on the

L ot . : opic of wake-blade interaction is given by Hodsd2,13. The
birig g%dggnoug?h%p;ii tretlaltg)neinngelr\];esi, tr?te &Vsi'gtgrﬂgth;é‘zi:z:éverall conclusion from all this research is that the key to achiev-
. g gnt. 9 iﬁ"g good aerodynamic performance is the control of boundary
levels of stage work in small engines as in larger ones resultsI . d - h foil surf in th
excessively heavy LP turbines with too many stages. Thus sta getr sgparat[on an ttransmon on these aerofoll surfaces in the
. . Steady environment.
pressure ratios and Mach numb@l) levels are higher for the . . .
BR700 series of engines compared to the Trent. Given the impcr)ég garsghp?r?ﬁit?fsw:e”é gﬁgclgt\:\ig 'geahlcsagsépler‘ Cvc\)lirphplgmﬁ?tary
tance of weight in such machines, work has continued on reduci 9n-sp P

aerofoil count even further while trying to mitigate any loss oPﬁed wakepwas conducted by Rolls-Royce Deutschland in Ger-

performance. The latter arises because there is a strong trader-rrg:)itny and Rolls-Royce pic in the UK. The experiments focused on
between LP turbine efficiency and engine fuel burn the optimization of the two-dimensional aerodynamics of aero-

Since the aspect ratios of the LP Turbine blading for the BR7 gils that had lift coefficients that were approximately 15 percent

are between 4 and 5, the losses are largely two-dimensional illgher than those of high lift blading.
origin. Thus successfully achieving reduced aerofoil count is
largely an exercise of optimizing the two-dimensional aerodynam-
ics. A considerable amount of research work has been carried out
in the past, to support this optimization procédsscribed in the
next section This research effort finally resulted in a new “ultra
high lift” aerofoil design with lift coefficients being approxi-
mately 11 percent higher than those of the original BR715; see
Fig. 2.

Cascade Research

The first comprehensive statement on high lift, low-Reynolds-
number blading was made by Hourmouziaf83. Extensive re-
search undertaken subsequently such as that by Hodson et al.
[4,5], Banieghbal et al[6], and Curtis et al[7] showed that for
such blading consideration of the unsteady effects in the engine
(in particular wake interaction with downstream blade rpvgs
indispensable. Further fundamental investigations into the effects

Contributed by the International Gas Turbine Institute and presented at the 46th
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, —
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbine
Institute February 2001. Paper No. 2001-GT-436. Review Chair: R. Natole. Fig. 1 BR715 GA
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Fig. 2 Lift coefficients versus Mach number of several LP

Turbines . . .
For unsteady inflow, i.e., with presence of wakes, a loss reduc-

tion over the entire Reynolds number range of both cascades is
bvious. The Reynolds dependency of the loss is mitigated but

carried out at the University of German Armed Forces Munic! il V's'b.le n t_he results. Furthermore, it can b(_e seen that the
intersection point of the total pressure loss distributions of both

(Brunner et al[14]). Figure 3 shows this facility, which enables gcades moves to a higher outlet Reynolds number of about

. . . C
aerofoils to be tested at engine representative Mach number . .
well as Reynolds numbers and at nondimensional wake passingen +22:000 for unsteady flow. Despite the sharp loss increase
. . . he cascade BUHL), which is still visible for unsteady inflow,
frequencies slightly below engine values.
the total pressure loss for both cascades are clearly below the

In the following, the results from the Munich Test facility will - .
be discussed. The results of the wake-traverses of turbine casc%@ rlc))eprrl?;igsgeady flow losses over the entire outlet Reynolds

A (high lift) and B (ultra high lift) at steady and unsteady inlet
flow conditions are shown in Fig. 4 at an exit Mach number of Low-Speed Cascade. In the low-speed cascade test facility at
0.7. Profile B(UHL) had a 15-percent higher lift coefficient thanthe Whittle Laboratory, engine representative Reynolds numbers
Profile A (HL). The figure draws out discrepancies between casnd wake passing frequencies are achieved, but not of course
cade A and B concerning total pressure losses at various outgdich numbers. Despite this latter limitation, this style of testing
Reynolds numbers (Bg=70,000 to 300,000at steady and un- has allowed a novel set of parametric investigations to be under-
steady(Sr=0.79 inlet flow conditions. taken (Howell [15], Howell et al. [16], and Hodson[13]).

To start with, the steady inlet flow conditions will be consid-The moving bar linear cascade facility of Cambridge is shown in
ered, where a strong Reynolds dependency is visible. With deig. 5.
creasing outlet Reynolds number the total pressure losses of botlThe basic trends of the low-speed test results obtained at the
cascades are increased. Turbine cascad€UBIL) showing University of Cambridge are similar to the ones discovered in the
smaller total pressure losses at outlet Reynolds-numbers higpesviously mentioned cascade experiments. Figure 6 shows the
than Re,=105,000, exhibits a very sharp loss increase at an ouesults of the Cambridge work where two UHL profiles U1 and
let Reynolds number of Bg=70,000. The latter is because a2 were investigated, providing 15 percent higher lift with respect
strong separation in the trailing edge region of the suction side a high lift profileH. The profiles were designed based on simi-
occurs, whereas cascade (Aigh lift design still shows a re- Jar design goals as the high-speed ones, although not directly
attaching laminar separation bubble. From a design point of viesgaled from the latter. Again, significant Re-dependency even with
it is important to notice that the total pressure losses of both dear passing is to be seen from the variation of the total pressure
sign styles, high lift and ultra high lift, are almost equal at desiglvss for both profiles investigated. The relative total pressure
point conditions of both cascades (e 100,000).

High-Speed Cascade. High-speed cascade tests have bee

Flow
’ Moving Bars T
Fig. 3 Munich bar passing cascade [14] Fig. 5 Cambridge bar passing cascade [16]
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losses are given for a number of reduced frequencies. All total Normalized Axial Chord

pressure loss values are made nondimensional by the loss of the ) ) o

datum profile(H), which was measured at a Reynolds number ¢f9: 7 Comparison of conventional, high lift, and UHL Mach
130,000 and a reduced frequency of 0.78. The losses generated#jPer distributions  (normalized )

profile U2 are considerably higher than those of the other profiles,

even when wakes are present. To illustrate this, the losses p
duced for steady-state inflow conditions were seven times higl
than the losses of the datum profile for unsteady inflow conc
tions. This is due to the elevated level of deceleration caused
the suppressed trailing edge velocity of profile U2. Profile U
produces losses that are also very high for steady inflow con
tions. However, when wakes are present, the losses achieve a [
that is more comparable to that of the datum profile. It has to |
pointed out that both profiles U1 and U2 have 15 percent more |
than profile H. With increasing Reynolds numbers, the perfo
mance of the ultra high lift profiles improves significantly, be
cause the separation bubble losses are being reduced. At
=170,000, the losses are roughly the same as for the dat
profile. Generally speaking, the results of this low-speed test &
less promising results than the Munich high-speed tests. The I¢
increase because of change from HL to UHL in high speed
roughly 11 percentRe=100,000, while the loss increase in the

low-speed test at design conditions is about 20 percent for the !

profile and almost 75 percent for the U2 profile. Here, it is indi-

cated that some loss of performance occurs even with best of the Fig. 8 Photograph of a segment of NGV2
UHL profiles (the U1 profile.

Aerodynamic Redesign erations. In addition the aerofoils were made thinner to enable
) ~even greater weight reductions. The net volumetric reduction of
Before the results of this cascade research could be appliedrg blading was 20 percent on average. Thinner blading, of course,
an engine design with confidence, further validation, in the forgves rise to the concern that this might incur increased secondary
of a high-speed cold flow turbine rig test, was required. Thgows; see Breaf17]. To mitigate this risk, some of the blading
BR715 LP turbine was chosen for this task, since a rig test of ifgas thickened on the pressure surface near the end walls, see
engine parts had previously been used to validate the original higyden et al[18].
lift concept. The first stage of the LP turbine had been optimized Generally the vortex design was similar to that of the original
mechanically for the engine, and this meant that for practical pysR715, with some local adjustments to incorporate the UHL pro-
poses the validation of the UHL technology could be demofies into the existing annulus. The three-dimensional design, tan-
strated only in a redesign of the blading of stages 2 and 3. gential lean, and axial sweep is very similar to the BR715, fol-
The two-dimensional aerodynamic design was based on tgying the design criteria and philosophy described in Scrivener
previous cascade research. The evolution of blade surface presgiirg). [19]. Figure 8 depicts some of the three-dimensional fea-
distribution, going from conventional via high lift to the ultra hightyres incorporated into the design, such as orthogonal design, tan-
lift loading style, is depicted in Fig. 7. It can be seen that a coRgential leans, and axial sweeps.
siderable amount of load was put to the front part of the aerofall
suction side and rear part of the pressure side, while maintaini . L
the amount of aft loading known to be favorable for the high Ii1‘ﬂ%Id Flow Rig Test Validation
profiles. For this validation of the UHL blading, the turbine rig test
The new design style resulted in a reduction in the aerofditcorporated extensive instrumentation; see Fig. 9. Beside static
count of approximately 11 percent in stages 2 and 3, because pmssure tappings at outer and inner annulus, and vane platforms,
all of the UHL benefits(i.e., the 15 percent incregseould be the instrumentation included L/E pressure and temperature mea-
transferred to the engine application because of multistage consdfing devices on all nozzle guide vane blade rows and the outlet
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Fig. 9 Schematic sketch of the rig test setup

guide vanes(OGV) and pressure and temperature rakes at theFigure 10 shows the variation of measured LPT efficiency at
intake section of the LPT Rig and behind the OGV. Yaw probesngine design work and design speed against average blade row
were installed in the parallel du¢intake), behind NGV 1, OGV Reynolds numbeti.e., with altitude. At design point(35,000 fi

and exit duct to allow for radial and area traverga®ssure, flow this discrepancy is approximately0.5 percent in turbine effi-
angle. A telemetry system allowed the measurement of the stalifency between the original High Lift design and the new UHL
pressure distribution on the Rotor 1 aerofoil. Two vanes of stagejésign. From the figure, it can be seen that at sea level condition,
and one vane of stage 3 were equipped with surface hot-film @z UHL efficiency is within the efficiency level of the high lift
rays, the results of which are reported in Howell et{aD]. The | pT cyrently in the production engines. However, for decreasing

turbin_e torque was measured with a torquemeter placed betW@?é}/nolds numbers, the drop of efficiency is worse for UHL com-
the drive shaft and water bake. pared to the original design.

The test was carried out at the Institut fLuftfahrtantriebe of g i in line with the findings of the cascade research work
the University of Stuttgart. The test program included Reynolqﬁ ntioned in the previous section, where a stronger Reynolds

number variation for hot-film measurements and the measurement ' -~ coendency was discovered for the UHL profiles com-
of an altitude characteristic line. Performance working lines were P y P

measured for 140, 120, 100, 90, 80, and 60 perdétd. De- P2red 0 the th'kgh "f? tprosf's'eosdo’\'fct’”ethe'e$’ tge net drop '“te”"
tailed area flow-field measurements were carried out at desi@'ﬁ.nc.y r(t).Tf a e-obl o h ’ crwjet IS al ou '2 percent.
speed with nominal and-15 deg pre-swirl vanéPSV) setting. IS 15 still favorable when compared {o values ok percen

The test setup and the facility enabled a high measurement achlpted by A;.“Pi@l] fofr c;]ther, large I?'err? lgas turb.ings. lThe or]igi-

racy, capable of resolving small changes in overall turbine effid! target efficiency of the BR715 high lift LPT is included for

ciency to a very high degregetter than 0.4 percent comparison and shows that the UHL has achieved an aerodynamic
efficiency which is still about+0.5 percent above this target

Results value.

Overall Performance. The overall performance of the LP 1Wo-Dimensional Aerodynamics. Considerable data have
Turbine was measured to a very high degree of accuracy. EV#EN taken from the aerofoil pressure tappings at a number of
more important, a true back-to-back comparison is provided beenditions. Only some of the data, taken at the design condition,
cause exactly the same test setup was used as for the highdf Presented here. This has been compared with CFD calcula-
investigations reported by Harvé¢g]. This enabled a straightfor- tions; see Figs. 11 and 12. The CFD code utilized for this inves-
ward comparison of the high lift and the UHL LP Turbine withtigation is a full Navier-Stokes codeteady, three-dimensional
regard to turbine performance. using structured grids and an explicit time marching technique

with second-order accuracy. From the comparison of CFD results
and experimental data, the following can be noted:

1 The basic two-dimensional aerodynamics is well captured by
the CFD prediction(used in design process and re-run for exact
rig conditions tested

2 The pressure distributions of the aerofoil sections appear
slightly more front loaded than originally intended.

3 Apart from this, the measured midheight pressure distribu-
tions are largely as designed. The effects of pressure side separa-
tion bubbles are visible in Figs. (d) and 12, but their blockage is
small and so they do not alter the pressure distribution on the
suction side.

4 On the suction surface, there is no visible evidence in the
time-averaged pressure distributions of the presence of the back
surface separation bubble. It seems to have been completely sup-

1% Turbing Ehciancy

= High Lilt .

wS000 i -
Target EMcancy

Turbine Efficssnsy [%]

Fla=100000 P30

L .

048 0B 10 12 14 1.E ia 2.0 22 2.4

Mommalized Reynokds-Mumbsar

Fig. 10 Turbine efficiency versus normalized Reynolds num-
ber for HL and UHL blading
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pressed by wake passing. This is in line with the findings of Har-
vey et al.[2].

5 The CFD prediction seems to under estimate the off-loading
at hub section of NGV2 caused by the secondary flazesnpare
Fig. 11(a)).
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Fig. 11 Static pressure readings from surface tapping versus
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height, and (c) 90 percent height

Fig. 13 Off-design performance of high lift versus ultra high
lift LPT (100 and 120 percent N/Nd)

Static Pressure (psi)

LHL

-
Off-Design Behavior. Figure 13 compares the characteristics
of the BR715 HL and UHL LP turbines at 100 and 120-percent
design speeds. It shows the variation of the measured LPT effi-
ciency against specific work for each of these “speed lines,” at th
sea level condition. Significant performance improvement at ov
speed for both designs is visible from Fig. 13. This is in fact n
surprising as higher speéfbr given work reduces stage loading.
[Eventually the speed is high enough to give negative inciden8
onto the blading sufficient to causes large pressure side separag
which cause the performance to deteriorate agdime surprising
result is that the UHL overspeed seems to gain even more e
ciency than HL. There are two possible explanations:

Fig. 14 Midheight sections of HL and UHL designs

imensional, at the design point. The two-dimensional behavior
dpay be more like Brunner's cascade result, i.e., not largely in-
creased, but the three-dimensional loss has been, not surprisingly,
E/en the higher lift coefficients. Thus, as the blading goes to
Sgative incidence and the stage loading decreases, the three-
imensional loss is reduced more in the UHL design than in the
HL one.

2 The UHL blading runs with lower wake passing frequencies
(11 percent down simply because the blade count is reduced by

1 The UHL Turbine has achieved a significant change in titeat amount The cascade tests at Muni¢Brunner[14]), indi-
balance of losses between two-dimensional and threeated a significant effect of the wake passing frequency on loss. It
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Separation
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Migration of
flow to end walls

;% ——_ _ Pressure

Side
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tive ones are shown in Fig. (&b). This shows a visualization of

the pressure side flow of the NGV2 and NGV3, respectively, as
calculated by CFD obtained by tracking particle paths initiated on
the early pressure side. As can be seen, the flow in the separation
bubble experiences significant radial migration which is indicative
of increased loss.

Conclusions

A new UHL LP Turbine blading design philosophy has been
developed from an extensive research program and applied to a
redesign of the BR715 LPT.

Low and high-speed cascade tests showed that a UHL design
with minimum loss increase is possible. However, some of the
designs tested showed very poor performance, which implies that
the risk of getting it wrong is there.

With the full-scale LP Turbine rig test comparable LPT effi-
ciencies were found for the sea level condition. However, lower
LPT efficiencies were discovered at the design point of the turbine
(0.5 percent at cruigghan for the datum, high lift design.

This performance is still better than the original target of the
BR715. In addition the performance fall-off with altitude is still
good by industry standards.

Important data have been obtained giving the LP turbine better
informed cost/weight/performance trade-offs.

Further work is needed to identify the sources of the increased
loss in the UHL design at low Reynolds number. In particular the
loss split between two-dimensional and three-dimensional ele-
ments needs to be quantified. However, analysis so far indicates
that in the future more emphasis should be placed on reducing
secondary losses in LP turbinéssen with their high aspect ratio
blading and on some means of substituting for the “lost” wake

Migration of interaction(due to the lower wake passing frequencies of the UHL
flow o end blading.
walls
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Nomenclature
HUB C, = axial velocity, m/s
f = frequency, Hz
h = aerofoil height, m
Fig. 15 Visualization of the pressure side flow of: (a) NGV2 | = chord length, m
and (b) NGV3 of the BR715 UHL Rig based on 3D-CFD N = shaft speed, 1/min
solutions p, pt = static pressure, totdstagnatioh pressure, psi
t = pitch, time, m, s
Tt = total (stagnatioh temperature, K
may be that the UHL blading is below the optimum passing fre- 14 = turbulence intensity, percent
quencies(for minimum los$ and that at 120 percent speed it is W = Velocity, m/s .
closer to optimum. Thus, it improves more than the HL design. X — ¢oordinate along axial chord length, m
y = coordinate normal to blade surface, m
Performance: Three-Dimensional Behavior. As stated pre- B = circumferential(pitchwise flow angle, deg
viously, the UHL blading has achieved significant weight savings & = boundary layer thickness, m
beyond those simply from reduced blade count, by thinning the p = density, kg/m
aerofoils. Figure 14 compares the NGV2 mid height sections of o = loss coefficient(pt;—pt,)/(pt;—p2)

the datum(high lift) and UHL designs illustrating this. Recent
research(Brear[17,22,23) has shown that pressure side separ
tion bubbles contribute to additional losses, both two-dimensional 1,2
and three-dimensional. These thin UHL profiles are more prone to2,,
such pressure side separations, and this will have contributed toax

the loss of performance of the UHL turbine relative to the high lift b
datum. c
More work is needed to quantify these effects, but the qualita- d
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6[S_ubscripts and Superscripts

inlet and outlet flow conditions
downstream conditions for isentropic flow
axial

bar

cascade

design
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Clocking Effects in a 1.5 Stage
Axial Turbine—Steady and
Unsteady Experimental
Investigations Supported by
u.reinmditer § Numerical Simulations

B. Stephan
The interaction between rotor and stator airfoils in a multistage turbomachine causes an
S. Schmidt inherently unsteady flow field. In addition, different relative circumferential positions of
several stator rows and rotor rows, respectively, have an influence on the flow behavior in
R. Niehuis terms of loss generation, energy transport and secondary flow. The objective of the pre-
sented study is to investigate the effects of stator airfoil clocking on the performance of a
Institut fir Strahlantriebe und 1-1/2 stage axial cold air turbine. The investigated axial turbine consists of two identical
Turboarbeitsmaschinen, stators. The low aspect ratio of the blades and their prismatic design leads to a three-
RWTH Aachen, University of Technology, dimensional outlet flow with a high degree of secondary flow phenomena. Nevertheless,
D-52062 Aachen, Germany the small axial gaps between the blade rows are responsible for strong potential flow
interaction with the radial wake regions in the measurement planes. Consequently, parts
of the wakes of the first stator are clearly detected in the rotor outlet flow. To give an
overview of the time-averaged flow field, measurements with pneumatic probes are con-
ducted behind each blade row at ten different clocking-positions of the second stator.
Further, an optimized clocking position was found due to a minimum in pressure loss
behind the second stator. The unsteady measurements are carried out with hot-wire probes
for three selected stator-stator positions. Animations of selected flow properties show the
influence of different circumferential positions of the second stator on the unsteady flow
behavior and secondary flow field. In addition and compared with experimental results
three-dimensional unsteady viscous flow computations are performed.
[DOI: 10.1115/1.1425811

Introduction numerical simulations presented in this paper, is based on the idea
Rotor-stator interaction in turbomachines causes inherently _Erdos_[9], who pro_posed to stqre the solution at the perlodlc
steady effects based on the interaction of adjacent blade rows. q&indaries at every time step during a blade passage period and to

potential flow and wake interaction are the main responsible timés€ them as boundary conditions for the succeeding period.
dependent phenomena with a three-dimensional-character. In adl terms of turbomachinery, clocking or indexing describes dif-
dition, vortex shedding, shock/boundary layer interaction, arf@rent circumferential positions of consecutive stator/rotor blade
flutter have to be considered. Many researchers investigatedr@ws. In the last years, numerous experimental and numerical
these different kinds of flow behavior by measurements and nstudies have shown that airfoil-clocking is another tool to increase
merical simulations in axial compressor and turbine stages to dkre efficiency of compressor and turbine stages in a moderate way.
termine and to understand the loss mechani@rs, Sharm@l], It is well known that in all these research activities the maximum
Hodson[2], Halstead 3]). in efficiency occurs when the wake of the first stator vanes im-

The most complex step of flow simulation in turbomachines iinges on the leading edge of the downstream stator. In contrast to
the prediction of the real flow in stages and multistage machinggigt, the lowest efficiency could be found when the first stator
To improve the flow prediction in multistage turbomachines, thgaxe segments reaches the mid-region of the second stator blade
influence of unsteady effects on loss production due to rOtor'StaEissage.

|nteract|or_1, blade flutter, and turbulence level have to be cons “Huber [10] measured an increase in efficiency of about 0.8
ered. During the last years several methods were proposed for the

calculation of the unsteady three-dimensional viscous flow in mdpereent in a two-stage twrbine for an optimized circumferential

tistage turbomachines. One approach is to use a ratio of snigsition of the second stator blade row. The numerical simulation
integers as an approximation to the pitch ratio and perform sim@y Griffin [11] predicted at mid-span for the same turbine the
lations with multiple blade passagésg., Rai and Madavajd], Measured maximum efficiency clocking positions correctly. Eulitz
Dawes[5], Arnone and Pacciaig]). Another approach was de- [12] made nur_nerical'clocking investigations in a 1 1/_2-stage low
veloped by Gileg7] who handles the problem of periodic boundpressure turbine which lead to the same results. Time accurate
ary treatment for any pitch ratio by performing time transformaaumerical studies by Dornejd3] in a 1 1/2-stage high pressure
tions and using different time steps for the stator and rotourbine observe the maximum efficiency when the first stage stator
domains(see also Jun8]). The method, which is used for thewake is aligned with the leading edge of the second stator. In this
case, the maximum in unsteady surface pressure fluctuations ap-

Contributed by the International Gas Turbine Institute and presented at the 4?@6’(!’ on the second stator. CiZfT[dSl 15 show in a numerical
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleal '

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turb§\ﬁ']d.y_ of a‘three'Stage tgrblne that nIOt only st‘ator (.:IQCk'ng. but, in
Institute February 2001. Paper No. 2001-GT-304. Review Chair: R. Natole. addition with rotor clocking, a twice increase in efficiency is pre-
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dicted. Another time-accurate numerical study for this turbinflumerical Scheme and Computational Grids

shows an increase in the amplitude of unsteady pressure when th"Iaime-marching numerical methods for solutions of the Euler

efficiency increases by second stator clocking. and the Navier-Stokes equations have been highly developed and

In contrast to the experimental work of Walraev¢8, 17 and have gained remarkable popularity in solving steady flow prob-
computational work of Volmaf18], the presented work focuses ms (e.g., Denton[21], Dawes[22]). A basic and obvious re-

. ) . . . |
Stator was clocked ééi‘f?e%eeéf'?i'réﬂL?%Z?eHEQY?SQJE&SGE°X‘%2§9iremem for a time-marching method to be used for unsteady
sive measurements are performed using steady and unsteady rﬁﬁgs is that the numerical scheme should be time-accurate and

- - uld allow numerical time steps up to a physically motivated
surement techniques behind the rotor and second stator. In addle e X . !
tion with experimental investigations, three-dimensional unsteagqagn'tUde' Due to the long physical periods of rotor-stator inter-

viscous flow computations are performed which confirm the maj ?(IIO'I’I phﬁnomen_%land the_ Ilgltat:(onhs of expll_C|t|s<_:hemes con-
effects of clocking. cerning the possible magnitude of the numerical time step, an

implicit scheme for the numerical simulation is recommended.
The presented numerical method is based on the recent work of
. . Brouillet [23] and uses a second order time-accurate implicit dis-
Experimental Setup and Instrumentation cretization scheme. It is based on the Fauvre-averaged Navier-
Experimental data behind the first stator, the rotor, and the s&gokes equations along with a Low-Reynolds-Number turbu-
ond stator were acquiredh ia 1 1/2-stage axial turbine shown inlence model by Chieri24]. The procedure consists of a cell-
Fig. 1. A “Traupel profile” is used for both stator@Jtz [19]). centered finite-volume scheme and uses a higher order upwind
Profile geometry, number of blades, and stagger angle are idehirsed approximation of the inviscid fluxes with an approximate
cal for the first and second stator. For the rotor blades a modifig#emann solver. The viscous fluxes are discretized according to
VKI-profile is used. An outlet guide vane takes out the swirl prothe scheme developed by Chakravarf$]. For a detailed de-
vided by the second stator. Each stator and the rotor consistséfiption of the numerical algorithm see Volmgt8,2q and
untwisted blades. The stator vanes are stacked at the trailing edg@uillet [23].
the rotor blades are stacked at the center line of gravity. For tur-The implicit algorithm solves for the conserved quantiti@s
bine geometry and design data see Table 1. assuming the flux baland@ugmented by source terins to be
The results presented in this paper have been acquired at khewn at the new time leved+1:
design point of the turbine, at a rotational speed of 3500 rpm, and

a massflow rate of 7.2 kg/s. The shaft speed variation was less Q" -qQ" +FQ™Y)=G(Q" 1Y) =0 1)
than 0.2 percent. The turbine inlet conditions were maintained at At

To=308 K=0.5 K andp,,=155,000 Pa. The inlet total pressure ) . . )

varies slightly due to the running in an open loop. The corresponding non-linear system of equations with unknown

Steady flow field properties behind both stators and the rot@”"* are solved by several Newton iteratiopis
were measured with pneumatic five-hole-probes with NTC-
temperature-sensors 8 mm behind the blade rows. Both unsteady _G(Qn+1<p>)_(Qn+1<P+1>_Qn+1(P))= _G(Qn+1<p>) @)
and steady flow properties were gained at equal positions in the dQ
turbine. The unsteady flow measurements were conducted with

triple-hot-wire-probes. The used hot-wire data acquisition and re-Each Newton iteration is solved by a block Gauss-Seidel itera-
duction is briefly described in Steph&20]. tive algorithm involving LU inversions of the local>X77 blocks.

As mentioned above, second order time accuracy is achieved by
using a three point formulation:

§ Qn+l_Qn_ 1 Qn_anl

1 first stator 5 second stator (1) (3)
2 outer casing 6 revolving rings 2 At 2 At
3 probe 7 outlet guide vane
4 rotor The multistage simulations have been performed by using
5N | phase-shifted periodic boundary conditions for the single blade
”| f@| LT channel calculations. Therefore a flow variable at the upper and
N = lower periodic boundary have to satisfy the phase-shifted periodic
| |§ condition:
.-;/‘ Q(X1<P|t):Q(X7(P_A(Ppitchb1t_AT) (4)
AN
Ay Q(x,@,1)=Q(X, @+ Agpitcnp t+AT=T) (5)
Fig. 1 Turbine test facility whereAT is defined by the time a blade needs to assume at time

t+ AT the same state as its circumferential neighbor at tiued

Ty, represents the blade passing time period of a blade row re-
Table 1 Turbine geometry and design data ferred to its neighboring blade row.
At the sliding blade row interface between the adjacent blade

Fs'tr:ttof(nﬁasfsg)”d (F\{/?é?)r rows relative motion is taken into account by using a partial sur-
face concept. This implies that at each time step the sets of con-
Tip diameter 600 mm 600 mm tacting cells are determined and that the partial cell faces and
'l;'ggsg'gg”ﬁé%ht 4%% mm 42% mm fluxes are computed and assembled to yield a fully conservative
Rotational speed 3500 rpm flux balance for each cell located at the sliding interface.

Radial gap 0.4 mm The computational grids for the numerical simulations were
Q%Jdegtnharﬂgehr/s 0.:;357 049117 generated with an elliptic grid generator. For each blade row, an
: - O-type grid is used to discretize the flow field of the rotor-stator
E;(t)c\,t,] gﬂg:jam 47.6 rznoméég deg 418 mg(m)(%gg deg configuration. Inside the rotor tip clearance region, an embedded
Relative flow angle8 49.3 deg 151.2 deg O-type grid with a singular center line is placed into the primary

grid. Table 2 shows the number of grid nodes in each blade row.
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Table 2 Grid characteristics shifted values unshifted values

0.845

Row Grid iXjxk Number of nodes s
1 First stator 14%37X40 214,600 0843 B o b o] 2 £ 6°
2 Rotor 165<37x40 244,200 i 2|, 4 2 6t
2 Clearance 1681910 31,350 - R F Y sad AT YA Y
3 Second stator 15837x40 229,400 = & b /\[ ¢ /Y H \
84 A7 =67 A
5 b o D TAY '
0.838 ' ’ ’ £ . L e \{
0.837
Clocking Test Series o ,
0.835 | - 7 7y s

The second stator is clocked in steps of 1 deg in a range of c... PHI [deg] ~ PHifdeg]
stator pitch(Fig. 2) to receive steady data for 10 different stator- . ) . . .
stator positions. Three discrete stator-stator positidrdeg, 7 deg ~'9: 3b r']\."e(?sﬁred rad;all);' averaged dimensionless static pres-
and 9 deg were selected to carry out measurements of the up-re eenn the rotor for five stator-stator positions
steady flow field whereas five clocking positiofsdeg, 1 deg, 3
deg, 5 deg and 7 degre computed in unsteady stage simulations.

In the following text, the circumferential shift of the two statorscan be clearly observed in the shifted radially averaged values. An
is denoted as “clocking angle”. With the expression a “clockingpbvious “moving” influence of the first stator cannot be detected
angle of 3 deg” the stator-stator position as shown in Fig. 2 can bethe presentation of this parameter.
determined. Relative to the trailing edge of a stator blade theln contrast to Fig. 3 the graphs of Mach-numlfgig. 4) show
probes were positioned at 25 different circumferential positiorfscommon minimum in the unshifted radially averaged distribu-
and 25 radial positiongbetween 0.07 and 0.93 relative spabhe tion for all investigated clocking angles in the range between 0
measurement planes covered the whole passage between adjadegi ¢<3 deg. This minimum moves with different extent in the
blades. shifted values from right to left and corresponds to the first stator

As it was described above, all flow field measurements wevéke.
carried out at fixed places relative to the first stator, while the Total pressure loss is defined as:

second stator was clocked. Behind the rotor, the strong upstream =
g up Pri—1(r) —py(r,e)

potential disturbances from the downstream second stator are L(r, @)= I (6)
shifted in circumferential direction relative to the measurement Pti — Pi

plane. In consequence, the assumed weak influence of the Wherep, _, marks the averaged value of the three highest values
stream first stator is very difficult to observe. of the i-plane at each radiu€Hi3-method, Robert§27], 1988.

In order to analyze the results received from different statofhe thermodynamic efficiency and entropy production are calcu-

stator positions, a kind of a filter post-processing has to be cogted from the circumferentially averaged pressure and tempera-
ducted for the pneumatic and time-averaged data: The measuig@ measurements as follows:

data were shifted according to the clocked second stator in the

sense that the position of the second stator trailing edge is identi- Tis(r)

cal for all second stator positions. For this algorithm the reference 1.0-—=

clocking position is 9 deg. Applying this filter, the effects gener- — Tho

ated in the second stator appear at the same position, but flow 7i(r)= Pea(r)\ 7~V 7
phenomena which have their origin in the first stator change their ( t= )

circumferential position in the contour plots and radial averaged Pto

plots. Figure 3 demonstrates this behavior clearly. The dimension-y| graphs presented in this paper are views in the upstream

less static pressure is shown behind the rotor as radial averaggd tion. The definition used for the measured secondary flow

values for five selected clocking positions. The circumferentighior is given by Stephd20]. Unsteady results are presented b
averaged data are not affected from this shifting routine. The rig?g J y Stephaiz0) y p 4

) X owing secondary flow fields and selected flow quantities at dif-
plot shows the unshifted values, the left plot the shifted ones. TRgen rotor positions relative to the first stator. Vector plots of the
number symbols refer to the adjusted clocking angle. rotor exit flow and the second stator exit flow are shown at four

The formation of the pressure field in front of the second statQfterent stator-rotor positions. Each data set is numbered with an

index which can be seen in the figures as “Timelnd€k’). Table
3 shows the reference between “Timelndex” and rotor position.

shifted values unshifted values
9
8 = Minimum due to Minimum due to the
g 0178 the 2" stator LE T
5 —l PEN ILVEN T Al
4 017 = F/’ﬁj 40 ’:s//(
3 %% O P e [T L
1 e n:&l Pl k:% A/& M 8, ﬁ\; /:}Qr‘
0 :,155 Fr/ \2/{ & 7 \H‘ \5‘6\6‘5({6— §o W \s\a/H
3 g 8 F 8 g
0.15 - - 20
0.145 |~
Oty 4 2 4 4 g 4 é
PHI [deg] PHI [deg]

Fig. 4 Measured radially averaged Mach-number behind the
Fig. 2 Investigated clocking positions rotor for five stator-stator positions
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Table 3 Reference of “Timelndex” and rotor movement

1* stator wake
structure

TI Movement TI Movement
1 0.0% 33 50.0%
17 25.0% 49 75.0%

*Rotor movement in percent of rotor pitch starting at a point of reference

Animations were made additionally to the graphs from the sc
lar and vector flow properties due to a better analysis of the tim
dependent flow behavior and transportation processes.

lower rotor
passage vortex

Experimental and Numerical Results

Turbine inlet flow, rotor inlet flow, and first stator outlet flow
are not discussed in this publication. This information can k
found at Walraeveng28], Reinmdler [29] and Stephaf20], who
also discussed flow phenomena in relation to other topics. But t
strong upstream influence of the moving rotor, as it was calculat
by Volmar[18] and measured by Walraeve#8], should be kept
in mind during the discussion of results gained behind the rot
below.

Flow behind the rotor.  Selected flow properties, obtained
from pneumatic measurements, are presented as circumferenti
or radially averaged values or as contour-plots.

In Fig. 5, shifted distributions of the local Mach-number ar
presented in contour-plots for all ten investigated stator clockir
positions. The flow field exhibits remarkable differences in th
level of Mach-number. The wake of the first stator can be detect
as a bowed ribbon of low valugdotted line$ from hub to casing /
(Ma<0.15, except for the region at 80 percent h/H. It move:j |
from right to left with increasing clocking angle. As it was showr! | 18
in Fig. 3, for shifted values behind the rotor, the upstream presst!
influence of the downstream second stator appears at a cons'-._
circumferential position between 2 deg and 0 deg. °

Consequently, the cutted wake of the first stator interac
mainly with this pressure field for clocking angles O deg, 1 det
and 2 deg, where higher circumferential gradients of Macl
number can be detected. At clocking angles of 5 deg and 6 dt
the plots show a more homogeneous Mach-number distributic
where the first stator wake segments reach the mid-region of 1
second stator blade passage. The printed vectors in Fig. 5 exh
the time averaged secondary flow field, calculated from data = = - :
the measurements with pneumatic five hole-probes. Neverthele o ool ok
in the lower part below mid-span, the influence of the passing
rotor passage vortex can be clearly identified in the absolute fraffig. 5 Mach-number-distribution behind the rotor for ten
of reference. In the pneumatic time-averaged data this vortex &icking positions with secondary flow field, pneumatic mea-
pears as a circumferentially stretched section at constant radii.surements, shifted values

The local values of shifted total pressure behind the rotor are
plotted in Fig. 6. The appearance of the first stator wake is distin-
guishable at the pressure drop in the same marked region as in
Fig. 5. The local maximum in total pressure occurs in the middle
of the measurement plane when the wake structure of the fitstirs correspond to high entropy values, the blue contours repre-
stator moves out of the influence zone of the static pressure fislent low values. While the first stator wake enters the rotor
of the downstream stator to rotor movement. The contour-plots fpassage, it is accelerated in axial direction in the mid-pitch region
clocking angles 2 deg through 5 deg show this behavior. between neighboring blades. Further downstream in the first stator

Another phenomenon resulting from the first stator wake can beake, low energy material is transported from the pressure to the
seen in Figs. 5 and 6 on the left hand side of the marked regisaction side in the rotor passage, so that the highest entropy values
near to the hub. The Mach-number and the dimensionless totaise close to the suction side near the rotor blade surface. On the
pressure increase and in the secondary flow field, the low rofmessure side of the rotor blade the wake structure decreases in
passage vortex outlet zone is disturbed. An explanation for theatropy intensity due to transient effects. Passing the rotor, the
deviation can be given with the analysis of unsteady data in thigake forms a bowed contour, which adapts at the cutted ends to
measurement plane. the profile boundary layer and further downstream to the rotor

Both experimental data and numerical simulations show thagke. The pressure gradient in circumferential direction and the
the clear and distinct wake, detectable behind the first stattmegative jet” (Meyer[30]) mechanism are the main sources for
changes its shape during its passage through the rotor. Figurthid behavior. A detailed view of the contours reveals that the
gives a view on the wake transport at three different radial posirake changes its structure with the radius. At the rotor inlet near
tions at the same time-step in entropy-distributions. The red cafre hub and casing the wake width increases due to the endwall

leading edge 2™
stator
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WH=16% hWH=51% h/H = 82%

Fig. 7 Predicted entropy-contours, at 16 percent, 51 percent
and 82 percent h /H, 0 deg clocking angle

planes. Near the hub and casing, the structure of the wake differs
significantly from the “pure” wake formation at mid-span.

The unsteady turbulence level behind the rotor is dominated by
the rotor wake, where the measured turbulence intensity is shown
at mid-span versus time in Fig. 8. The 256 time indices are rep-

Mach-number minimum region
due to the 1* stator wake
Rotor wake

pressure side \

200

Rotor wake
suction side [

E
Clocking
angle of 4°

100 =

Static pressure maximum
region due to the 2™ stator LE

ptipto
[-]

0.860
0.858
0.856
0.854
0.852
0.850
0.848

200 =

clocking - angle 8° clocking - angle 9° = 3:8
- I 6.0
= —l
Fig. 6 p./p-distribution behind the rotor for ten clocking po- *0 .
sitions, pneumatic measurements, shifted values 100 Clocking

_angle of 9°

losses of the first stator. Subsequently, at the rotor outlet the we
structure exhibits higher entropy values. Altogether, there a
three first stator wakes inside the rotor passage.

Due to the fact that this test rig is equipped with a low aSpeﬁg. 8 Measured turbulence intensity versus time (four peri-

ratio blading, secondary flow can be detected in a wide range fryfis ) at mid-span, clocking angle 4 deg and 9 deg, behind rotor,
casing and hub, respectively, near to mid-span in all measuremgrghifted values
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Clocking angle of Measurement plane
70

-—  Rotor rotation

Time dependent absolute dir-
ection of movement of the 1%
stator wake

Fig. 10 Predicted entropy contours at hub region (16 percent
h/H) at a discrete time step, CFD simulation, clocking angle of 0
deg

Additionally, both parameters give an impression of the inten-
sity of the vortex systems in the same manner. It can be stated that
the dominating structure is generated by the secondary flow field
of the rotor, especially the strong hub passage vortex which ap-
pears in an extent zone on the suction side of the rotor blade.
Vortex systems originating from the upstream stator are difficult to
detect. Only a detailed view from the animafioof this unsteady
data enables the passage vortex to be observed near the hub. It can
be detected on the right hand side of the first stator outlet zone at
certain rotor-stator positiong.e. Tl 33.

This behavior can be explained with the bowed wake structure
inside the rotor passage which includes the vortical systems of the
first stator. As Walraeven28] mentioned, these systems are at-
tached to the suction side of the first stator wake when passing the

o T eme v e i rotor passage. They reach the measurement plane first. CFD simu-
1" stator wake |, 2" stator LE = — — Rotor wake lations confirm this behavior, e.g., see Fig. 10, where the red color
outlet zone represent high entropy levels and blue color low entropy levels.

As one can see in Fig. 9, the vortices coupled with the rotor
movement are of the same shape and differ only slightly for the
varied clocking angles; i.e., it seems that the position of the sec-
ond stator leading edge does not influence the detected vortex
structures. Focusing on Tl 33, a disturbance zone appears at the
same time the structure of the rotor hub passage vortex loses its
resenting four rotor periods measured for a clocking angle ofshape and intensity. The vortex is split in two in the same direc-
deg and 9 deg. Ribbons of high turbulence level represent then as the rotating vortices. At this rotor-stator, the wake of the
passing rotor wake. These regions are not of uniform strengmpVing rotor is located near the hub in the outlet zone of the first
they change their width with dependency on the circumferentigiator.

position of the wake. In the two plots, the minimum in Mach- ;

number caused by the first stator wakee Fig. 4 and the maxi- Flow behind the second stator.
mum in static pressure due to the leading edge of the second st

(s%e ::ig. 3?”3 markgd. N kes th t first stat K tected by the analysis of numerical simulations.
b gweend WO passing rofOL.Wﬁ es be lcu Irst sta %r Wake CaNgaping the second stator the measured radially averaged Mach-
e detected as a region of higher turbulence up to percentn'ﬂmber(Fig. 11 shows a nearly uniform shape for all clocking

blothk_contour-plots_rp]/\_/ith slightl)l/ incr%aged vags for (tjhg 3 de, gles. The stator wake is situated at a circumferential position of
clocking position. This zone Is located betwee@ deg and 5 deg _ 3" yoq in the shifted data referring to the reference clocking
in the circumferential direction and depends not on the C|°Ck'r!9ng|e of 9 deg

angle. In addition to that, an expanded region of higher turbulenceomy at the suction sidép=—2 deg can a saddle be detected

due to the first stator wake appears on the suction side of the rolok differences in relation to clocking effects are not visible. In the

wake. This phenomenon corresponds to the predicted relatiygapisieq values, the influence of the relative movement of the
mammum_(gre_en coloyin the entropy distribution inside the rotor second stator at the measurement plane is obviously the main
passage in Fig. 7 near mid-span. characteristic

Figure 9 shows vector-plots of the unsteady secondary floWpe 1egits of the radially time-averaged secondary vorticity are

field behind the rotor at four discrete stator-rotor-stator positiogshown in Fig. 12. They exhibit large differences for the data at
for tt_hr_;ee _(I:_Ik?cklngkangfletﬁ, coTblr)eoII with éh_e p;ﬁram_eter Sfecontqi?fr%cking angle of 4 deg to the others. For all clocking angles, the

vorticity. /The wake ot € Tolor IS leaned In the circumterentiay, iq,| systems are located nearly at the same passage height and
direction to the suction side of the rotor blade. For a better orien-

tation, the detected rotor tralllng edge and the location of the *Remark: The authors used animations of various parameters for the unsteady

|?ading Edge of the second Stat.OI’ are labeled. Furthgrmore, ﬁbﬁ analysis, but it is very difficult to give an active impression of unsteady flow
fixed zone is marked where the first stator wake periodic appeagenomena with the help of print media.

Fig. 9 Secondary vorticity with secondary flow field calcu-
lated from time-accurate measurements, three clocking angles,
four rotor-stator positions, unshifted values

Inside the passage of the
second stator, no measured data referring to stator indexing are
AWilable. Flow phenomena like wake transport, etc., can be de-
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Fig. 11 Radially averaged Mach-number behind the second
stator, five clocking angles, pneumatic measurements, shifted
and unshifted values
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Fig. 12 Measured radially time-averaged secondary vorticity
behind second stator, three clocking angles (4 deg, 7 deg, 9
deg)

Divided suction side
part of the 1% stator

Divided pressure
side part of the 1™
stator wake

Fig. 13 Predicted entropy contours at mid-span for a distinct
stator-rotor position, 0 deg clocking angle

the strongest systems appear for 4 deg clocking angle at mid-s) s
and below. It is believed that in this case the vortex systems of tne

4°clocking angle 9° clocking angle

Turbulence intensity [%]

- 2™ stator

0 2 ; 0 - 2
Phi [deg] Phi [deg]
Fig. 14 Turbulence intensity and abs. velocity (4 periods ) ver-
sus time at clocking angles 4 deg and 9 deg behind the second
stator, unshifted values, mid-span

CFD simulationgFig. 13 show that this upstream influence is
detected for a clocking angle of 0 deg within the last third of the
rotor passage. The interaction ends in a cutted first stator wake
where one part is still located on the suction side of the rotor blade
while the other part is appended to the pressure side of the adja-
cent blade. Both parts are then attached to the rotor wakes.

In Fig. 14, the measured time-accurate turbulence level and
absolute velocity are presented at mid-span as contour-plots ver-
sus time. Near the suction side of the second stator trailing edge,
the turbulence level increases for both adjusted clocking angles
due to the interaction of the rotor wake with the second stator
suction side boundary layer. As stated for the time dependent
contour-plots of the secondary flow field, a higher turbulence level
from the suction side up to half pitch in the circumferential direc-
tion to the pressure side corresponds to strong vortex systems.
These regions of high turbulence are independent of the clocking
angle; only the turbulence levels of the right contour-gtdock-

0.3 300

250

0

PHI [deg]

first stator—including its wake structure—reach the second sta{ 15 Total pressure loss of the second stator at five clock-
passage with a decrease in interaction with the leading edge of th§ angles, radially and circumferentially averaged, shifted

second stator or, more exactly, with its static pressure field.
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clocking angle

Fig. 16 Relative efficiency versus clocking angle, comparison
with numerical results, mid-span

ing angle of 9 degexhibit a slight drop. The marked minima in
the velocity contours for both cases follow the regions of hig

turbulence.

Total pressure lossEq. 6 is an applicable parameter to de-t
scribe the effects due to the stator indexing. The radially an

field in the measurement plane behind the rotor and to identify the
downstream influence of the first stator. In addition, time-accurate
numerical simulations of five selected stator-stator positions are
made, which give a closer look to the flow physics inside the rotor
and second stator passage due to stator indexing.

Behind the rotor, the influence of the first stator wake is de-
tected by the locally shifted parameters total pressure and Mach-
number. It is shown that the wake radially varies in the circum-
ferential direction. The influence of the theoretical potential
upstream effect is clearly observed in the static pressure distribu-
tions of the different clocking angles. The numerical study reveals
that this effect leads to a strong influence of the first stator wake
inside the rear end of the rotor passage in the hub region. The
impact of the first stator wake on the potential field of the second
stator is shifted due to clocking in circumferential direction. This
leads to a redistribution of turbulence intensity and absolute ve-
locity behind the second stator. Furthermore, in the outlet of the
second stator, strong changes in the secondary vorticity due to
stator clocking exist.

Measurements show an optimized clocking position at 0 deg
clocking angle due to the calculated integral total to total effi-
ciency. This corresponds to measurements behind the rotor where
the bowed first stator wake region at 0 deg clocking is nearly in
line with the influence of the leading edge of the second stator.
The comparison between the numerical and the experimental re-
sults exhibits a similar “optimized” second stator clocking posi-
tion. In the same way, the position of minimum efficiency is ob-
erved when the bowed region is located between the neighboring
econd stator blades.

Further details of numerical simulations should explain the in-
ﬁraction mechanisms between the upstream first stator wake and

e clocked second stator.

circumferentially mass-averaged shifted values are given in Fig.
15. Naturally, the wake is characterized by strong losses. The
radially averaged shifted values are nearly identical in the wakéomenclature

region, whereas in the center of the measurement plane slight . _
differences can be detected. The plot with circumferentially aver-

aged values reveal three maximums in the radial distribution
the data. At the casing, the main pressure loss occurs due to

velocity in the absolute frame of reference
= vector of flux balance

= vector of source terms

= span

of

interaction of the rotor upper passage vortex with the upper sec- .
ond stator passage vortex. At mid-span losses for the clocking K
angles 9 deg to 4 deg are enlarged. Near fhibl=20 percen,
the clocking angles 8 deg, 9 deg, and 0 deg distinguish from the
remaining with an increase of loss. A possible interpretation is a
different interaction between effects of the first stator wake, this
includes vortical systems, and the inlet region of the second stator.
The thermodynamic total-to-total efficiency was calculated

from Eq. 7. Due to the fact that the precision of the temperature
measurements strongly influences the calculated efficiency level,
only the variations ofy (Eq. 8 for all clocking angles are com-
pared at mid-span with numerical resulisg. 16).

— n
L/
Nrel= 7 ) 7/i* = n ZL 7 (8)

The qualitative variation of the relative efficiency versus the
clocking angle is very similar to that observed in the unsteady
stage simulations. In both distributions, the maximum can be N
found between clocking angle 7 deg and 0 deg and the minimum
between clocking angle 2 deg and 5 deg. The maximum variation ¢
of efficiency can be observed for the measurements of about

SNORWMRIXEC~—d0n - >

= measuring plane

= turbulent kinetic energy

Ma =

Mach-number

time index

pressure

vector of conserved quantities
radial direction

= chord length, Newton iteration
= temperature, time

= pitch, time

circumferential velocity

velocity in the relative frame of reference

axial direction

pitchwise flow anglgabs. framg

pitchwise flow anglgrel. frameg

spanwise flow angle, ratio of specific heats {(c,)

= turbulent dissipation rate

loss coefficient
efficiency

stagger angle
circumferential direction

= vorticity

A 761, ma=1.0 percent and for the numerical simulations of abougubscripts

A nrel,max:Oj percent. b
i i,j,k
Conclusions Jrel

Steady and unsteady flow field measurements are performed t
behind each blade row for ten circumferential positions of the 0
second stator in a 1 1/2-stage axial turbine. A method is presented 2
to distinguish the second stator upstream influence from the flow 3
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blade

grid indices

relative

total

first stator inlet

rotor exit, second stator inlet
second stator exit

JANUARY 2002, Vol. 124 / 59

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm
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n = time level [12] Eulitz, F., Engel, K., and Gebing, H., 1996, “Numerical Investigation of the
p = Newton iteration Clocking Effects in a Multistage Turbine,” ASME Paper No. 96-GT-26, Bir-
R ; ; ; mingham, UK.
.radla”y or C|rcumferentlally averaged [13] Dorney, D. J., and Sharma, O. P., 1998, “Turbine Performance Increases
= = mtegral average Through Airfoil Clocking,” International Journal of Turbo and Jet Enginks,
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Abbreviations [14] Cizmas, P., and Dorney, D. J., 1998, “Parallel Computing of Turbine Blade
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iotele Marsoncin Clocking in a Three-Stage
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University of Florence, A quasi-three-dimensional, blade-to-blade, time-accurate, viscous solver was used for a
50139 Firenze, ltaly three-stage LP turbine study. Due to the low Reynolds number, transitional computations
were performed. Unsteady analyses were then carried out by varying the circumferential

relative position of consecutive vanes and blade rows to study the effects of clocking on

Claudia Schipani the turbine’s performance. A clocking strategy developed in order to limit the number of
configurations to be analyzed is discussed. The optimum analytically-determined clocking
Ennio Spano position is illustrated for two different operating conditions, referred to as cruise and
takeoff. The effects of clocking on wake interaction mechanisms and unsteady blade
Fiat Avio S.p.A.—Direzione Tecnica, loadings is presented and discussed. For low Reynolds number turbine flows, the impor-
10127 Torino, Italy tance of taking transition into account in clocking analysis is demonstrated by a compari-

son with a fully turbulent approacHDOI: 10.1115/1.1425810

Introduction the estimated efficiency variation was only 0.5 percent. Cizmas

The presence of unstationary flows in axial turbines is rimariffjmd Dorney[6] investigated the effects dtill clocking (.., si-
P y P |¥|ultaneously clocking stator and rotor rows a three-stage

due to relative motion between stator and rotor rows. This relati%?eam turbine. They found that the clocking of the second stage
motion generates viscous and potential interactions bf_stween OWves larger e'fficiency variations than the clocking of the third
When considering more than one stagg, the conyectlon of wa ﬁge and that the benefit of rotor row clocking was approxima-
for several blade chords downstream is responsible for complﬁ%ﬂy twice that of stator clocking.
wake and blade interactions. Interactions between nonadjaCeNfpe nsteady transitional behavior of blade boundary layers is
blade rows become significant and wake interaction, in particulgf, 5\n to have an important impact on multistage low-pressure
is a great contributor to unsteadiness on the blades. turbine performance. Modern trends in turbomachinery design
Recently, great attention has been paid to airfetlexingor |50k at blade load increase as a promising solution for component
clockingin multistage turbomachinery. Such a technique operatgsyyction. Several author&f. Curtis et al.[10], Cobley et al.
on the relative circumferential positions of fixed and rotatingll]) have shown hovhigh-lift airfoils can be operated with ac-
blade rows in consecutive stages, and aims at performance ¥Bptaple losses by taking advantage of wake-induced transition
provement. In particular, both ex_perlmen(ale., Sharma et al. gffects in LPT low Reynolds number flow@anieghbal et al.
[1], Huber et al[2]) and numericali.e., Dorney and Sharm(@], [12] Halstead et al[13], Schulte and Hodsofil4]). The next
Eulitz et al.[4], Griffin et al.[5], Cizmas and Dorne}6], Dorney  generation of LP turbine stages will probably rely on such a con-
et al.[7]) investigations have shown how the time-averaged tugept to reduce the number of blades. In such a scenario, the clock-
bomachine efficiency varies periodically with stator and rotghg analysis of a multistage low pressure turbine requires transi-
clocking positions. _ _ » tional computations. To this end a simple transition model was
The axial and circumferential relative position of the rows, tomcluded in the numerical procedure. Two different flow condi-
gether with the blade count ratio between consecutive fixed aﬂGnS, one Corresponding wuise and the other tmakeoffopera.
rotating rows, impact on the flow field unsteadiness induced n of the turbine, were analyzed. The Reynolds number was low
the wake interactions, and consequently on the performance. Fbehoth of the two studied cases and transitional calculations were
amplitude of efficiency variation depends primarily on the bladeompared to fully turbulent ones to check for the impact of tran-
count ratio of consecutive stator and rotor rows. It has been degition modeling on clocking effects.
onstrated that larger efficiency benefits can be achieved if thiswhen dealing with clocking optimization analysis with more
ratio is near 1:1, while practically no effect can be detected if it iian two stages, the first issue to address is how to limit the
far from unity. number of configurations to investigate. Five different locations of
For compressors, the effects of airfoil clocking have been preirfoils over one pitch are considered sufficiently accurate in order
dicted by Gundy-Burlet and Dorng3,9]. The numerical results to appreciate clocking effecfd,6]. With three stages, the total
for a 2.5-stage compressor showed efficiency variations betwasuimber of possible configurations to be investigated is given by
0.5 percent and 0.8 percent as a function of stator clocking pog6x25=625. In such a circumstance, design of experiment
tion. Dorney et al[7] have shown that wake effects related tqDOE) techniques can help to reduce the number of cases to run.
clocking contain a steady component and an unsteady one whigbwever, the periodic type with multiple peaks in the response
both impact on the losses. surface methodolog§RSM) made the DOE approach not straight-
The experimental results reported by Huber ef2jfor a two- forward to apply. For these reasons, an indexing strategy was
stage HP turbine showed a 0.8-percent efficiency variation duedefined which allows one to analyze fewer configurations to find
clocking of the second stage stator. A two-dimensional numeridile optimum tangential blade positions in terms of turbine effi-
analysis at midspan performed by Griffin et f8] for the same ciency.
turbine, correctly predicted the optimum clocking positions but
Computational Procedure

Contributed by the International Gas Turbine Institute and presented at the 46th ; _
International Gas Turbine and Aeroengine Congress and Exhibition, New Orlea The time-accurate release of the TRAF co@enone et al.

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbﬁrts]) was used in the present work. The unsteady, quasi-three-
Institute February 2001. Paper No. 2001-GT-303. Review Chair: R. Natole. dimensional Reynolds Averaged Navier-Stokes equations are writ-
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ten in conservative form in a curvilinear, body-fitted coordinate y(s)=1—exd —No(Re(s) — RE(S) gan?] (5)

system and solved for density, absolute momentum components in N . . A
the axial and tangential directions, and total energy. Is used for the distribution of intermittency, whete is the non-

dimensional spot production rate, Re(s the local Reynolds

Numerical Scheme. The space discretization is based on aumber, and the subscrigtart indicates the onset of transition.
cell centered finite volume scheme. The artificial dissipatiomhe spot production rate is computed using the correlation pro-
model used in this paper is basically the one originally introducesbsed, for zero pressure gradient, by Maj2é]. As far as the
by Jameson, Schmidt, and Turkdl6]. In order to minimize the intermittency distribution is concerned, when laminar separation
amount of artificial diffusion inside the shear layers, the eigemccurs, a pointwise transition is assumed at the separation onset
value scaling of Martinelli and James@h7] and Swanson and location. More details on the transition model implementation can
Turkel [18] was implemented to weigh these terifes. Arnone be found in Arnone et a[.27].
and Swansorj19]). The system of governing equations is ad-
vanced in time using an explicit four-stage Runge-Kutta scherfhe Three-Stage Turbine
[19].

Residual smoothing, local time-stepping, and multigrid are e
ployed to speed up convergence to the steady-state solution. shrouded rotors and relatively high aspect ratios. Detailed geo-

time step is locally computed on the basis of the maximum allow-etrical data are protected by Fiat Avio and can not be made

able Courant number, typically 5.0, and accounts for both convees ! - .
tive and diffusive limitationg19]. available. For such configurations, the effects of secondary flows

A ‘dual tme stepping methodJamesoni20) Arone ana P20® Peen ound o nfene gute  smal acton of e span
Pacciani[21]) is used to perform time accurate calculations. B ' y ’

. . . . S o-dimensional for a large portion of the blade height.
mtroduc_lng the dual time stepping concept, the sol_ut|on_ IS a 'ISince the chord-basengegnolds number is of the%rder of a few
vanced in nonphysical time, and acceleration strategies, like IO(ﬁ‘r’bndred thousand focruise operating point and increases by a
time stepping, implicit res_ldual smoothing, ar_1d multlg_rlddlng a%actor of 3-4 duringakeoff the transitional behavior of the blade
used to speed up the residual to zero to satisfy the tlme-accu@ﬁface boundary layers was expected to be a major feature of the

equations. flowfield. The inlet freestream turbulence level for the transition

B e o e, il ross I e Set a © prcent o bt he cpersing conciions
' g, P he midspan section of the turbine was then selected for the

and temperature are imposed at the inlet. At the outlet static pr%\n'alysis and the streamtube thickness and radius distributions

sure is assigned. . i ) X .
The desc?ibed method has recently been used by the authorgv?cge established on the basis of steady, three-dimensional, vis-

; . cous, multirow calculationge.g., Arnone and Benvenyi28]).
compute natural unsteady phenoméina, shock buffeting, wake 3 . . .
sheddind 21]) and rotor:stator interaction in turbine and comprewH type grids(177x73, Fig. 2 were chosen for the analysis.

sor stages and it has indicated substantial reduction in the com jth an H-type structure it is relatively easy to control the unifor-
tational effort with respect to classical explicit schenfdsnone Ity an_d density pf the grld_beforg the blade passage to prevent an
et al.[22]) excessive smearing of the incoming wakes. In order to reduce the

Transition and Turbulence Model. A two-layer algebraic
model based on the mixing length concéptnone and Pacciani
[23]) was used for turbulence closure.

In transitional flows, an effective viscosity is defined as

_The turbine being studied features typical aspects of the current
ﬁéign practices of aircraft engine LP bladésg. 1), with

Meft= Ty py 1) | mean

wherep, andu, are the molecular and turbulent contributions ani radius
v is the intermittency function. According to Abu Ghannam ani
Shaw[24], the location of transition onset is determined by thi PP i

following condition: -
flow -~

Rey=Rey start @ -

where Rg is the Reynolds number based on the momentum thic
ness. Its value at the start of transitiongRg; is a function of the i ) o )
turbulence intensityTu, and the Thwaites’ pressure gradient pa- Fig. 1 LP turbine meridional section
rameteri g .

In this study, a local formulation of the turbulence intensity
(Zerkle and Lonsbury25])

ug
Tu=Tu;- — 3)
ue
is used. Transition is allowed to begin if ReRe; g @and the
acceleration factor:

K:l.%:ﬁ (4)
Y"uZ ds Re

e

is less than the limit value of 3078, The latter condition is also
used to force relaminarization in the turbulent part of the flow.
laminar separation occurs, transition is assumed to start at
separation onset location.

Downstream of the onset of transition the expression proposed
by Mayle [26] Fig. 2 H-type grid for the midspan section
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Rotor Passing Periods Once determined, the optimum positions for the 4th vane and
blade are kept fixed and the 5th stage is then indexed. In such way,
Fig. 3 Evolution of the nondimensional lift coefficient ampli- only 49 of the 625 initial different configurations have to be taken
tude harmonics into account.
Clocking Analysis at Cruise Conditions
mesh skewness, the grids are of the non-periodic tjjpe Ar- Efficiency Variations. In this investigation the total-to-total
none et al[15]). Based on past experiences on grid dependencegfficiency is defined as
rotor-stator interaction analyséérnone and Pacciari2l]), the T
selected grid size was considered to be adequate for the purposes R
of this study. Tu ©)

The vane/blade count ratios were equal for all the stages and
very close to one. In order to end up with reasonable memory and p
computer time requirements, approximate stage configurations, in- t
cluding one vane and one rotor, were considered. In particular, thee average efficiency is calculated using the mass-average of the
rotor pitches were slightly modified to match an exact 1:1 vanéime-averaged total pressure and total temperature. Clocking ef-
blade count ratio. Actually, the pitch alteration of rotor blade rowcts are evidenced by turbine efficiency variation with respect to
was of the order of 0.2 percent and, based on experiggieit the average valua 7= »n— 175, .
was considered negligible. The effect of 4th-stage clocking on turbine efficiency is shown

The nondimensional blade lift coefficient based on pressure diB-Fig. 6 as a function of stator and rotor tangential positions. It is
tribution was used to monitor unsteadiness. Starting from an inkorthwhile to notice that the efficiency benefits coming from
tial steady-state solution, up to 20 rotor passing periods wegkocking the blades are quantitatively similar to those resulting
needed to obtain a periodic solution. Figure 3 shows the evolutifi@m clocking the vanes. Such a circumstance indicates hful a
of the nondimensional lift coefficient amplitude for the first fouclocking strategy is needed to obtain the maximum benefit from
Fourier harmonics over 30 periods. indexing effects. As far as the 5th stage is concerned, efficiency

gains are still comparable for stator and rotor clockiRgy. 7). It

should be observed that while the efficiency variation due to 5th-
Indexing Strategy stage clocking is comparable with that obtained from the 4th
tage, care should be taken in evaluating the relative benefits on

maximum turbine efficiency value. For the case in consider-

indexing of a stage has little influence on the optimum clockingyi,, “the total turbine efficiency variation after the 4th stage in-
positions and efficiency values of the upstream stages. Suc &ing is given by

circumstance seems consistent with the weak potential interac-
tions expected for the turbine under investigation. In fact, Mach Tt max.ati—~ 7t,min,ati=0.50 percent
numbers in the LPT are relatively loyof the order of 0.3-0)4

and the axial gap between consecutive blade rows is relatively
large. On the contrary, the entropy contours of Fig. 4 show si
nificant wake interactions between coupled blade rows. In light

such considerations, the row indexing was carried out stage M May

Pt2

It has been observed in all the performed computations that

stage starting from a full clocking of the 4th stage. In this phas 0.4 1
the circumferential position of the 4th-stage airfoils was varie 0.3
while keeping all the other rows in their reference positi¢see 7
Fig. 5). 0.1 1
0 .
-0.1 o
-0.2
-0.3 A
-04 A
b
0
"0
pitch % 100
Fig. 4 Instantaneous entropy contours Fig. 6 Efficiency variations due to clocking stage 4
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Fig. 7 Efficiency variations due to clocking stage 5

and the same difference, referred to the 5th one, is even highe

7t,max,5th 7t,min,5th— 0.60 percent

On the other hand, it should be noticed that the difference betwe
maximum efficiencies after the successive clocking of the tw

stages yields a value of

7t,max,5th 77t, max,4th— 0.18 percent

(d) t/T=0.6
N~
5 leading edge
g 02 04 06 08 1
S relative pitch PS

() t/T=0.8

(f) time-averaged

Fig. 8 Instantaneous entropy contours during one period
(mmax), and time-averaged total pressure pitchwise distribution
in front of the 4th stator
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Fig. 9 Instantaneous entropy contours during one period
(mmin), @and time-averaged total pressure pitchwise distribution
in front of the 4th stator

This shows how the performance improvement coming from the
5th stage indexing, while still appreciable, is actually more than
halved with respect to the previous stage contribution. Such an
observation suggests a criterion to evaluate benefits from the in-
dexing of successive airfoil rows in a multistage turbomachine.
After having clocked a generic stage, a key parameter to assess
the effective machine efficiency gain coming from successive
stage indexing is given by the difference between maximum effi-
ciencies relative to the two sequential clocking operations.

The lower contribution produced by the indexing of the 5th
stage is consistent with the indexing strategy we adopted. While
clocking the 4th stage, the 5th-stage bladings were kept fixed in
their reference position. As a consequence, the 4th stage was
clocked both with respect to the 3rd and the 5th stages at the same
time, thus producing a more significant impact. Before choosing
the indexing strategy, tests were performed maintaining the rela-
tive tangential positions between the 4th and 5th-stage blades
while clocking the 4th stage. In this case, the contribution given
by each stage clocking operation was of the same order of mag-
nitude. However, the total gain in turbine efficiency, as well as the
optimum blade positions predicted by the two strategies, was
roughly the same.

The total predicted efficiency variation for the turbine is given
by

Mt,max_ 7t,min— 0.68 percent

and it should be pointed out that such an estimate is actually safe.
The clocking strategy described was used to find the maximum
efficiency position and the minimum one was determined as the
worst among the 49 analyzed configurations, without a systematic
search. An absolute efficiency minimum prediction would require
the application of the clocking strategy by starting from the 4th
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computed minimum efficiency is probably overestimated. 06 b 05 ha

Effects on Wake Trajectories. Clocking effects seem to be 05

directly linked to wake trajectories. Numerical results obtained b
many authors with different numerical methods and turbulenc %30.4
models suggest that the maximum efficiencies can be achiev )

when the wake generated by a stator/rotor blade impinges on | 03 o2

leading edge of the next stator/rotor blade. Lower performant 4, 01

would correspond to a wake trajectory crossing the next statc 00 02 04 x/c°'6 08 10 00 02 °‘4x,c°‘6 08 10
rotor vane[2—6). (c) 5t stator (d) 5t rotor

The wake from a stator blade is convected downstream, ana
is chopped into discrete spots by the leading edge of the rotatipl . 11 Unsteady pressure coefficient distributions and time-
blades, and then approaches the next stator row. Such mechanighiaged load
is well evidenced by the entropy contours of Figs. 8 and 9, which
refer to the maximum and minimum efficiency configurations

respectively. T, . um peak in total pressure is located just on the stator leadin
_The stator wake path is visible in the first 1.5 stage reported ?blge iﬁ the maximu?n efficiency configurjation and about midpitchg

Figs. 8 and 9 fo_r the maximum and minimum efficiency conflgui-rl the minimum efficiency one.

rations, respectively. The instantaneous entropy contours sho ssuming that performance improvements by clocking are due

how each stator wake segment, while convected through the rofgry, - siator/rotor wake tangential position with respect to the

vane, is distorted and stretched as a consequence of the Velo§ﬁ¥cessive stator/rotor blade, in three dimensions, this position

gradient between pressure and suction side. The stator wake segy a1y along the blade height due to blade twist and nonradial
ment(shown by black arrows in Figs. 8 andlifnpinges the blade tacking, giving different contributions. Three-dimensional effects

leading edge for the maximum efficiency configuration an re then expected to be importahtuber et al[2]).

is convected along the mid-vane path in the minimum one. The ;o e 10 compares the predicted efficiency variation obtained
same situation has been observed in the rotor/rotor wake intergga~ the quasi-three-dimensional and with a fully three-

tion and it appears very similar to the ones described by the othg,ensional unsteady viscous analysis. Maximum and minimum

researchers. - - . . ‘
: . . efficiency positions agree quite well, while the amplitude appears
It is worthwhile to notice that entropy contours can be ver yp gree g P PP

heloful wh . K hs b ve bl o be slightly overestimated by the quasi-three-dimensional
elpful when targeting wake paths between consecutive proach. Such considerations can be valid for stages character-
rows but the information they provide can be considered on

s . - ed by a relative high blade aspect ratio, while for low values of
qualitative. In the time-averaged flow field, stator wakes path y g b

. . . aln afig parameter the fully three-dimensional flow field should be
pear as continuous low energy stripes, and their tangential lo%’nsidered

tion, compared to the successive stator leading edge, varies as

. . ) > - Rore multistage configurations should be analyzed before a
f_unqtlon_ of_the_cwcumferentlal position. Thus, to gain more qua jeneral conclusion about the link between clocking effects and
titative indications on wake trajectories, one can, for exampl

/ . " . - Wwake trajectories can be drawn.
compare traverses taken at different axial positions in the inter- J

blade gap. Figures(B and 9f) report total pressure variation Effects on Blade Loading. The unsteady pressure amplitude
traverses in front of the 4th stator for the maximum and minimumistribution was used to compare the unsteadiness levels on the
efficiency configurations. The wake energy defect and its differeblades in different configurations. The unsteady pressure coeffi-
tangential position in the two cases is clearly evidenced. The mimient is defined by
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wherep,in andpya, are the minimum and maximum values of the (0)‘3‘
instantaneous pressure registered during four periods. 0'2

Unsteady pressure coefficient and time-averaged pressure ( 0:1
tributions on the 4th and 5th-stage bladings are shown in Fig.
for the maximum and minimum efficiency configurations respecg.1
tively. As can be noticed, the maximum efficiency configuration i-Q,2
characterized by higher unsteady pressure coefficient values in -0.3
leading edge region. -0.4

High levels of unsteadiness in this region could be related to tt
stator wake segment impinging on the blade leading edge in ma
mum efficiency configurations, as discussed in the previous st
section. As far as the blade loading distribution is concerned,
can be noticed that, in all bladings but the 4th rotor, the maximui
efficiency configuration shows higher surface pressure levels
both suction and pressure sides, as compared to the minimi
efficiency one. Both circumstances, the one concerning the u
steady pressure coefficients and the one concerning the load
distributions, have also been noticed by other autlices Dorney
and Sharm43], Griffin et al.[5]). Assuming similar distributions
of dissipation coefficient§Denton[29]) in the blade boundary
layer for the two configurations, lower viscous losses are consi
tent with higher surface pressure levels. Total pressure loss
would in fact be proportional to the cube of the boundary laye
edge velocity, and would be lower in this case. This fact is com-g
sistent with the turbine efficiency variations and it is suspected ' 4
be related to the clocking effects. 0.

3
2
Reynolds Number Effects 1
The clocking analysis was repeated for a higher Reynolds nur_ (1)
ber, corresponding ttakeoffconditions. Turbine efficiency varia- _ '2
tion maps, for thecruise and takeoffconditions, are compared in _g'
Fig. 12. The proposed clocking strategy, applied to the 4th and 5_0:4
stages, provided the same maximum and minimum turbine ef
ciency configurations detected for tleuise condition. Differ-
ences arise in the total efficiency variation which turned out to k
lower for the higher Reynolds number condition. An explanatio
for that can be found in the wake-induced transitional patterr
associated with the clocked wake segmehtalstead et al.30]).
Time-distance diagrams of intermittency and nondimension
wall shear stress reported in Fig. 13 demonstrate how the sim|
model described above allows to predict a time-varying trans
tional pattern, with purely laminar regions embedded between i
termittent stripes. In such diagrams, which refer to a generic p-
sition of the 4th statofArnone et al.[27]), a transitional stripe,
induced by the upstream stator, is visible between two successive
rotor wake paths. Fig. 1
At a low Reynolds number, when the blade boundary layer is
laminar over most of the suction surface, the changes in wake-
induced transitional paths due to clocking may have a major im-
pact. To gain more insight into this phenomenon, one should i
vestigate the Reynolds number effect on clocked wake-bla
interaction.

Nn_

time /
wake passing period

Clocking With Fully Turbulent Flow

Efficiency variations are related to wake-blade interaction, ar
unsteady transition is expected to impact on both optimum cloc
ing position and efficiency level. It was then decided to assess 1
influence of transition simulation on the results of clocking opti :
mization. To this end, the whole analysis was repeated for t|
cruisecondition with the transition model toggled off, thus assurr,
ing fully turbulent flow from the blade leading edges.

Comparisons between transitional and fully turbulent comput
tions are shown in Table 1. It can be noticed that significant dis-
crepancies exist between the two predictions both for the maxi-
mum and the minimum efficiency configurations. On the othetig. 1

hand, with different Reynolds numbers, and consequently diffatendimensional wall shear stress
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0 4

pitch %

(b) takeoff

2 Turbine efficiency variations after 5th-stage clocking

time /

wake passing period

3.E-03
2.86-03
2.56-03
2.2€-03
1.96-03
1.66-03
4 1.3e-03 B
9.86-04
6.8E-04
3.76-04
6.96-05
0.00
LE

3 Distance-time diagrams of intermittency

(left) and
(right ) for the 4th stator
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Table 1 Predicted clocking positions PS = pressure surface
Re = Reynolds number

I | Adsq | ARy [ Adss | Adrs ] s = curvilinear abscissa along the blade surface
SS = suction surface
Nt,maz 20% 0% 60% 0% T = temperature
Ne,min 80% 40% 0% 0% Tu = turbulence intensity
- u = velocity
.. n = total-to-total efficiency
(a) transitional flow y = intermittency function, specific heat ratio
Ny = pressure gradient parameter
m = dynamic viscosity
I I A'z9541 AVR4 I Adss I AVrs J v = kinematic viscosity
o = turbulent spot propagation rate
M, maxz 0% 40% 40% 40% 9 = boundary layer momentum thickness, tangential angle
Ne,min | 40% 60% 0% 0% Subscripts

1 = inlet

2 = outlet

av = averaged

e = boundary layer edge

max = maximum value
ent unsteady transition patterns, the clocking optimization gave min = minimum value
the same results in terms of the shape of efficiency variation maps. ref = reference value
It can be concluded that transition plays a key role in clocking start = transition onset
optimization for low Reynolds number flows. The assumption of t = turbulent, total value, turbine
fully turbulent flow leads to the prediction of optimum configura-
tion which may be different from the one determined by a more
physically realistic transitional flow.

(b) fully turbulent flow
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Wake—Wake Interaction and Its
Potential for Clocking in a
Transonic High-Pressure Turbine

Two-dimensional unsteady NawvieStokes calculations of a transonic single-stage high-
pressure turbine were carried out with emphasis on the flow field behind the rotor. De-
tailed validation of the numerical procedure with experimental data showed excellent

Frank Hummel agreement in both time-averaged and time-resolved flow quantities. The numerical

Institute of Propulsion Technology, timestep as well as the grid resolution allowed the prediction of thertéa vortex streets
German Aerospace Genter (DLR), of both stator and rotor. Therefore, the influence of the vorticity shed from the stator on
Gottingen, Germany the vortex street of the rotor is detectable. It was found that certain vortices in the rotor

wake are enhanced while others are diminished by passing stator wake segments. A
schematic of this process is presented. In the relative frame of reference, the rotor is
operating in a transonic flow field with shocks at the suction side trailing edge. These
shocks interact with both rotor and stator wakes. It was found that a shock modulation
occurs in time and space due to the stator wake passing. In the absolute frame of refer-
ence behind the rotor, a 50-percent variation in shock strength is observed according to
the circumferential or clocking position. Furthermore, a substantial weakening of the
rotor suction side trailing edge shock in flow direction is detected in an unsteady flow
simulation when compared to a steady-state calculation, which is caused by convection of
upstream stator wake segments. The physics of the aforementioned unsteady phenomena
as well as their influence on design are discuss¢@Ol: 10.1115/1.1415036

1 Introduction pressure variations in the wake. The overall efficiency gain of the

. . . . madified HPT and the LPT vane wa<).6 percent compared with
The aerodynamic design of modern aircraft engines has reacq original configuration

a state where most manufacturers will not fund major researc ithin a current research project at DLR—-Bogen, the influ-

projects for impr_oving aircraft efficiency, according to Wis|ég. ence of a single-stage highly loaddd>4:0) transonic 'HPT onan

However, reducing the number of blades or even stages WhileT yane is investigated numerically and experimentally. In order

keeping Fhe efﬂqency at a constant high level is still an issue f@g5 analyze in detail the unsteady flow field behind such a turbine,

new engine design. two-dimensional Navier—Stokes simulations of a similar transonic
Modern high-pressure turbing$iPT) operate in a transonic HPT at midspan were carried out. The stage used by Tiedemann

flow regime. In aircraft engines they are made up of either one and Kost[3] for a rotor boundary layer investigation was chosen

two stages. The two-stage configuration is longer and heavier, ot this analysis because of the excellent database existing

has a higher efficiency and operates in high-subsonic to lowat DLR.

transonic flow environment. The one-stage configuration is

smaller and lighter, but the flow regime is transonic with distin% Turbine Stage

trailing edge shocks on all blades. Further details about advdn- 9

tages and disadvantages of both variants of HPTs are discussed m’l Geometry_ The investigated turbine stage was tested at
Ahmad and MirzamoghadafZ]. the “Windtunnel for Rotating Cascade(RGG)” at DLR—
Although Tiedemann and Ko$8] state that from a boundary Gattingen. The RGG is a continuously running, closed-circuit
layer point of view, an increased blade load seems possible withindtunnel. Further details of the facility are given by Tiedemann
out a major disadvantage in efficiency, there is little publisheahd Kost{3]. The stage was designed by Alfa Romeo Avio within
work on interaction of shocks from a high-pressure turbine roter European turbine project. It is a state-of-the-art, full-size aero-
with an adjacent second stator. This second stator can be eitheegine HPT. Characteristic geometric information is supplied in
the high-pressure turbine itself, or the inlet guide véreT vang  Table 1. Figure 1 shows the stage at midspan and the positions of
of the following low-pressure turbine. The rotating shocks cakulite fast-response pressure transducers on the rotor blades,
cause periodic flow separatiofig] and induce unsteady bladeWhich will be used for validation purposes in this investigation.
loadings to be accounted for in forced response analysis. The trigger position is marked by a line that represents the relative
Jennions and Adamczyl] describe an experimental investi-PoSition of the rotor at time=0.
gation where the difference in efficiency between an isolated LP ; :
vane and the same vane behind a transonic HPT rotor can beST % Two different axial gapgAx/c,y=0.38 and 0.4Pbetween

much as 5.6 percent. The authors blame the unsteady shock dtor and rotor were investigated. The tip clearance of the rotor
tem behind the HPT rotor for the higher losses. In order to redu ades is assumed to be negligible due to an abrasion casing liner.

. ) Therefore secondary flow is unlikely to influence the midspan
the Iosrsllncrease due to the. shocks, Jenmqns and.Adamczyk. &Ction analyzed here and a two-dimensional numerical approach
a modified rotor blade, which shows minimum circumferentig] ; give a good representation of the midspan flow field
In addition to the Kulite fast pressure transducers, the rotor

Contributed by the International Gas Turbine Institute and presented at the 4 ; ; : ;
International Gas Turbine and Aeroengine Congress and Exhibition, New OrIc—:-agBl'mdary Iayer was Inves“gated by Tiedemann and Kﬂsﬁsmg

S, . .
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbﬁ@t'f”m gages and the unsteady rotor flow field was measured by
Institute February 2001. Paper No. 2001-GT-302. Review Chair: R. Natole. Kost et al.[6] using a Laser-2-Focug.2F)-velocimeter.

The vanes are equipped with a pressure side coolant ejection
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Table 1 Geometric parameters of the turbine blade rows The reduced frequency for the rotor flow field, affected by the

I Stator l Rotor stator wakes, is defined as
axial chord cae 29.86 mm| 27.45 mm fsCaxr
tip radius 274.00 mm | 274.00 mm Q=— )
hub radius (inlet) 238.84 mm | 238.00 mm
hub radius (exit) 238.84 mm | 235.31 mm wheref is the stator wake passing frequency in the relative frame

— of reference andi is the mean axial velocity in the rotor, which
atSPCCt ranol(mlet) 5(1);(1) 3 3;(7)1 5 represents the convective velocity of the stator wakes. The two
Stagger ang' . : time scales, stator pitcty and rotor pitcht, , will be used when
number of blades 43 64 presenting time-dependent data. They are defined as

trailing edge diameter d 1.18 mm 0.9 mm

60 60
"o e @

43 vanes 64 blades .
- 3 Numerical Method

1 For the numerical computations, the parallelized multi-block
™ e / = Navier—Stokes Code “TRACE—U" of the DLR Institute for Pro-
/ pulsion Technology was used. The program is based on the two-
o dimensional Reynolds-averaged Navier—Stokes equations for a
- e compressible ideal gas. A source term is added to account for
N, 7 varying stream-tube thickness. Turbulence is treated by an eddy-
b f viscosity transport model according to Spalart and Allmaras,
i LY 7 which has been split up by Eulitz et 4l7] into a two-layer for-
| Tralingedge % | . mulation. The transition point is specified separately on the pres-
coclantgjecion. LA sure and the suction side by the user. The discretization is of
Y ‘ second order, both in time and space. Time integration is done by
Vi s, i a four-stage Runge—Kutta scheme. Further details about the nu-
! o= = ot / merical model are presented by Eulitz etfd] and Eulitz and
i s Kauilte position Engel[9]. Nonreflecting boundary_ conditions are employed at in-
: . let and outlet boundaries according to Acton and Cafdill] as
A well as the time-accurate coupling of moving and nonmoving grid
: ; interfaces by the sheared-cell technique according to Glligs
. ] ; . . The vane/blade number ratio of 43/64 is close to 2/3; therefore,
\I,:\,Il%h ﬁigg’éfiisfﬁg‘;'giﬁg?éﬁgdat midspan - (axial gap 0.8 Caxs) g pitches of the blade rows can be adjusted to match the ratio of
2/3. For the calculations presented, the rotor geometry was ad-
justed, because under design conditions the vane was supposed to
pe choked, and therefore the mass flow through the stage is less
sitive to the rotor pitch.
del ithin the computational domain, two vanes and three blades

termined within+0.3 K, the rotor speed is accurate to withiri, /€ represented by a total of 100,000 mesh points. The vane sur-

rpm. The Mach number value in Table 2 was determined by a{AC€ contains 241 points, the Plade surface 316. The grid topology
eraging L2F measurements. The Reynolds numbes Rebased S of HOH-type, the value o™ for the first grid line above the
on stator exit conditions and stator chord, whilg,Ris based on Wall is 1.0-2.0 for the vanes and 0.5-1.0 for the blades. Stator
rotor exit conditions in the relative frame of reference and rotgtades with full trailing edges were chosen for the computation.
chord. Note that the cascade measurements of Kapteijn ¢12].dem-
Tests were conducted with a design coolant ejection of 3 pé)(n_s_trated that there i_s no significant_ dif_ference between the full
cent of the main mass flow at the stator trailing edge and withotiling edge stator without coolant ejection and the stator with a
coolant ejection. No noticeable changes in the unsteady rotor fi§@olant slot on the pressure side with coolant ejection. Further-
field or the unsteady boundary layer behavior were observed #58ore, Tiedemanfid] showed that the stator trailing edge cooling

tween the different tesisee Tiedemann and Kog] for details. thha:ed r(;(tt)osiggg(;ant effect on transition and pressure distribution on
rotor .

The trailing edges of the vanes and blades are resolved by 50
mesh points. For both axial gaps between stator and rotor
(Ax/c,ys=0.38 and 0.4Pan identical mesh structure was used.

2.2 Test Parameters. The operating parameters of the stag
are given in Table 2. The error margins of the pressures are in
order of 0.1 percent of the measured value, temperatures are

Table 2 Operating parameters of the turbine stage

inlet total temperature Ty [K] | 3i1.2 The resulting grid is show in Fig. 2.
inlet total pressure py [kPa] 131.7 At the inlet boundary total pressure, total temperature and flow
relative rotor exit Mach number Ma.,s 0.940 angle and at the exit boundary the static pressure is prescribed
absolute stator exit Reynolds number Reyz 0.866 - 10° according to Table 2. The inlet turbulence is fixed by a free-stream
relative rotor exit Reynolds number Rews 0.396 - 10° val_ue for the eddy-vis_cosity ofug /y=1x10"4. Transition

: - 5 points for the pressure sides of both vane and blade were set at the
absolute stator inlet angle ay 0’00 trailing edges. The transition point for the vane suction side was
relative rotor exit angle B3 —56.5 set at peak suction. On the blade suction side, the transition point
rotor speed N [1/min] | 7894 was set at the end of a shock-boundary interaction zone according
rotor exit total temperature Ty [K] 243.0 to hot-film data of Tiedemann and Kof3], i.e., x/C,y,=0.76.
TOtor exit total pressure pog /py 0.380 The stream tube thickness was evaluated according to mass flow
TOOT EXit StAtic Prossure Pos /Py 0.316 rates computed from the L2F data. The unsteady flow field was

recorded 128 times in one period. One simulation period is the
reduced frequency {2 123 time one rotor blade needs to pass two stator vanes. The sampling
70 / Vol. 124, JANUARY 2002 Transactions of the ASME
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Fig. 3 Comparison of the time-averaged rotor blade isentropic
surface Mach numbers from computation with values from the
L2F measurements (obtained by extrapolating to the blade
):‘s‘xg&}‘\\\\‘l‘“l A surface )

S

RN
[

The agreement between the pressure fluctuations in experiment
and simulation regarding amplitude and phase is good at all six
measurement positions. Within the calculated pressure fluctua-
tions, two distinct superposed frequency bands are observed; the
ey - lower one is connected to the stator wake passing, the higher one

it
/////;Z' /

e is caused by the stator vortex street. The experimental data do not

Fig. 2 Computational grid, entire domain, and details of vane
and blade trailing edges

Kulite SS
wc,, =005

Calculation Kulite PS
- - u - - Experiment wc,,=0.01

frequency for the simulation is 363.57 kHz. The unsteady stay
simulation was run for 12 simulation periods before recording trz
unsteady flow field.

CITEE NI

10
a 0Fa

4 Validation of the Numerical Method

Figure 3 shows the comparison between time-averaged surf: ¥ p 5
. . . N Stator Pitches
isentropic Mach numbers from computation and experiment. Tl

experimental data are obtained by extrapolating L2F measu
ments onto the blade surface. Details about the measurements
the extrapolation are discussed by Kost e{@]. The experimen-

tal data shown were taken with the stator trailing edge cooling sl
ejecting ac,,=3 percent mass flow. Because all L2F data Wer§
measured for the small axial gap af/c,ys=0.38, the results
from the calculation shown in Fig. 3 are also from the small ga
simulation.

The good overall agreement of simulation and experiment
the rotor blade Mach number distribution underlines the sme
influence of the stator trailing edge cooling, omitted in the simt
lation, on the operating point of the rotor. The slightly lower Macl
numbers in the simulation a#/c,,,=0.1 on the suction side in-
dicate a small discrepancy in the incidence angle.

Figure 4 shows the comparison between the measured and
culated pressure fluctuations at the six measurement positions
the rotor surface, which are marked in Fig. 1 as Kulite position
The experimental data was ensemble-averaged; details about
data processing are given by Tiedemann and Kbt3k Since the ; 1
experimental pressure fluctuations were recorded for the large
axial gap configurationx/c,y s=0.49) only, the pressure fluc- fig. 4 Measured and calculated pressure fluctuations at the
tuations from the simulation in Fig. 4 are also for the large gaptor blade surfaces (gap 0.49c,y s; SS=suction side, PS
case. =pressure side )
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20p Kulta PS | sixth through ninth harmonic of the blade passing frequeBc¥
18f nd kHz) for this case; so again, there is good agreement with Sondak
E and Dorney’s stage simulations.
S sf With a circumferentially averaged stator exit velocity Of
2 ok =280 m/s computed from the simulated flow field and the trailing
gm_ edge diameter from Table 1, the Strouhal number
Zosf] fd
: 02 Sr= U (3
0.0,
° “Froquency fiz] *% “Froquency ittz] for a frequency band of=50-75 kHz lies between S$0.2 and
20 Kultte SS 20¢ xumeps  0.3. Heinemann and Befisch[15] found exactly the same spec-
18 xlc,, =026 1k ¥e,,7036  trum for isolated turbine cascades in an experimental study.
s s A vortex street causes not only pressure fluctuation, but also
im §m_ total temperature distor_tions in the wake qf a blunt body, discov-
310 & ol ered by_ Eckert and Weidd 6]. The connection between pressure
E ' fluctuations and total temperature distortions becomes apparent
:""’ ;&“' when looking at the well-known first law of thermodynamics for
08 05K an adiabatic flow of a perfect g@$7]
0.2 0.2
o0 o0 Dh° DT 14p
b memngymﬂﬂz} 0 N 50Frmzuencgvmlkﬂﬂ 0 D_ =CPor=o @
t Dt p dt
j: 52":-%31 f: ﬂﬂ%% Kurosaka et al[18] describe that the pressure fluctuations, of a
vortex street lead to a total temperature distribution, where on the
s §'5 outside part of a vortex street toward the main flow, the total
%"" = temperature is higher than in the main flow, and on the inside of
§1°‘ %‘»" the vortex street toward the centerline of the wake, the total tem-
f 50-8 perature is lower than in the main flow.
<osf 0s Figure 6 shows the calculated vorticity and total temperature
o_z-l 02 distribution behind the vane at an instant in time. The vorticity is
o i s 5 ool il g " defined as
Frequency [ktz] Frequency (kHz] P
Fig. 5 Calculated frequency spectra of pressure fluctuations CT9x gy ®)
at the rotor blade surfaces (SS=suction side, PS =pressure L ) ) )
side) The vorticity is negative shed from the vane suction side, and

positive from the pressure side. The vorticity distribution shows
that the suction side boundary layer is about twice as thick at the
trailing edge as the pressure side boundary layer. However, the

show the higher frequency band because the cut-off frequency@ftices shed from the pressure side are much stronger than from
the data processing of 45 kHz was too low for resolving the highlf}€ suction side due to the steeper velocity gradients normal to the
frequency band. wall at the pressure side trailing edge.

A comparison of the calculations presented here with the time-!n Fi9- 6, the center of one vortex in the pressure side branch of
dependent flow field in the rotor passage measured with the L vortex street is marked in the vorticity distribution as well as

velocimeter gives a similarly good agreement as discussed |5\ythe total temperature distribution. The total temperature distri-
Kost et al.[6]. bation shows the distinct increased total temperature on the out-

side and the decreased total temperature on the inside portion of

the marked vortex compared to the total temperature of the main

flow. The increase in total temperature on the outside portion of
5 Results and Discussion the vortices at the marked vortex positionA§ %=+ 14K, the

- decrease on the inside portion of the vorticeA = — 9 K from
5.1 Stator Vortex Street. As indicated by the pressure fluc- e main flow value off®=311K. Carscallen et a[19] found

tuations on the rotor blade, the stator vortex street is stron qﬂ' . . ;
influencing the rotor inlet flow field. Figure 5 shows the Fourieg’ﬁg)e”mema”y for a vane cascade with an exit Mach number of

decomposition of the pressure fluctuations on the rotor blades =0.95T% an increase OAT.O.: +8K and a decrea&_‘,e T
terms of amplitude frequency spectra. For all six positions, tTe._.16 K at 5.76 times the trailing e.dge. d|am.eter behlnq the vane
vane passing frequency of 5.66 kHz and its first and second h§filing edge. The marked vortex in Fig. 6 is geometrically ap-
monic are recognizable at the bottom end of the frequenci@&ox'mately at .that position. DeSp't‘? a small dlscrepanqy In posi-
shown. A second area of amplitude peaks lies around 50—-75 KpL and negative amp"‘”?'e' there is good agreement in the total
for all six positions and is related to the stator vortex street. T| gmperature fluctuation with Carscallef®9] work.

vortex street causes a broad spectrum and not a distinct frequenc$.2 Rotor Vortex Street and Wake-Wake Interactions.
which is in good agreement to the observations of Sondak amtle vorticity and total temperature distribution in the relative
Dorney[14]. The reason for this effect is the modulation of thdrame of reference within and behind the rotor are shown in Figs.
time-periodic flow separation at the stator trailing edge by thigand 8. The time-dependent flow field behind the rotor is much
unsteady pressure field of the blades rotating behind the statonre complex than behind the stator because of the time-periodic
Therefore, the stator vortex street will adopt higher harmonics sfator wake passing. The stator wakes are chopped by the rotor
the blade passing frequency. Sondak and Dofridy found that leading edge and convected through the rotor; details of this pro-
the stator vortex street in their stage simulation had an amplitudess are given by Hodson and Davj26].

peak between the sixth and ninth harmonic of the blade passindrhe rotor vortex street differs from the stator vortex street close
frequency. All six positions in Fig. 5 show amplitude peaks in th® the blade trailing edge. The vorticity shed by the rotor departs
frequency band between 50-75 kHz, which corresponds to tfiem the blade trailing edge in a smooth way until the wake in-
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terferes with the rotor trailing edge shocks, which act as an inst Axlc,, 0.3
bility on the wake causing the evolution of the vortex street. Th 1o unsioady calculetion 10
reason for this difference in the structure of the vortex street is tl ————— staady calculation
supersonic flow regime at the rotor trailing edge compared to tl
high subsonic flow field at the stator trailing edge. NE&H gives ¢ .,
experimental evidence of this structural change in the develog
ment of a vortex street by a series of Schlieren pictures of a blug
body for exit Mach numbers ranging from M#®.925 to 1.05. §
Two stator wake segments are marked in Fig. 7 and can %8}
identified by coupled fields of counterrotating vorticity. Outside
the blade boundary layers these stator wake segments are ¢
vected through the rotor passage at the local free-stream veloc 44 — PR 07 1 N
Von Karman [22] found that the convective speed of the vorte: Vo, T e,
centers in an incompressible and frictionless flow is given by

e
o

Veloclty U/(xRT?)'?
(-4
®

s

Fig. 11 Comparison of rotor wake decay for steady and time-
us=U—fl (6)  averaged unsteady simulation at two axial positions behind the
whereU is the free-stream velocity,the frequency of the vortex fotor trailing edge (U= u®+v?, in relative frame of reference )
shedding, and is the distance between two vortices in the same
vortex street branctshed from the suction or pressure side of the

trailing edge. Disregarding compressibility effects, E@) shows  stryctures on each side of the jet center. The blade vortex streets
that the vortices depart from the blade trailing edge with a smallgfe represented by lanes of vortices with alternating sense of ro-
convective velocity than the main stream, which convects the Station. Vortices that gain in strength are marked by -, the
tor wake segments. Therefore, the stator wake segments showgd@s that reduce in strength by a * The vortices that meet in
F|g 7 move paSt the VOl’tiC_eS of the rotor vortex streets with dAe contact area between the vortex and the negativ@]ja'he
approximate relative velocity ofl=135m/s(f~75kHz, 1~2  yortexlike unsteady velocity structure connected withaite en-
xd;) according to Eq(6). o hanced if their unsteady velocity vectors along the contact area are
While passing the vortices within the rotor vortex street, thg, the same direction. If both vectors are in the opposite direction,
vorticity of the stator wake segment modulates the vortices intgen the von Keman vortex is diminished in strength. This modu-
way that some are enhanced while others are diminished. In orgigfon by increasing and decreasing certain vortices will certainly
to gain further understanding of this process, Fig. 8 shows théxd to a destabilization of the vortex street and an increased mix-
total temperature distribution in the relative frame of reference. |Rg of the rotor wakes.
the near field close to the rotor trailing edge, the energy separationrhe rotor wake decay is shown in Fig. 11 by looking at the
according to Eq(4) is observable. As shown for the stator vortex,elocity profiles in the relative frame of reference at two different
street, one would expect a decrease in vorticity and total tempeggqal positions behind the rotor. At both positions, the velocity
ture extrema due to wake mixing and dissipation with increasingofiles for a steady-state and the time-averaged velocity from an
distance from the rotor trailing edge. The total temperature dist{insteady calculation are compared in order to analyze the influ-
bution in Fig. 8 shows a different behavior in the vicinity of thesnce of time-periodic stator wake passing on the rotor wakes. The
stator wake segment titled “Stator-Wake 2.” On the edge of thahock and wake positions are marked for both axial positions.
stator wake segment, two vortices in different blade wakes areat the axial positionAx/c,, = 0.3 behind the rotor trailing
marked according to the vorticity distribution. The total temperasqge, there is little discrepancy between steady and unsteady cal-
ture distribution shows that the vortices marked have higher toi@l|ation observable; therefore, close to the rotor trailing edge the
temperature peaks than vortices within the same vortex strgefuence of the passing stator wakes on the rotor wakes is small.
which are closer to the blade trailing edges. These vortices CgRe depth of the rotor wake in the unsteady calculation is smaller
only be enhanced by the passing stator wake segments.  than in the steady calculation, indicating that the wake mixing is
~ Figure 10 shows a schematic explanation of the wake—wakgonger in the stator wake-affected unsteady calculation. At the
interaction process by suggesting a superposition of unsteady ¥gsal positionAx/c,, , = 0.95, behind the rotor trailing edge, there
locity components caused by both stator and rotor wakes. In terigs, large difference in the velocity profiles of steady and unsteady
of unsteady velocity, the stator wake segment causes the weliculation observed. The difference is based on the rotor trailing
known negative jet structur20] with counterrotating vortexlike edge shock, which seems to have disappeared in the time-
averaged unsteady calculation. The rotor wakes have similar
depths in steady and time-averaged unsteady calculation, but they
are broader in the unsteady results, indicating a stronger wake
mixing due to the unsteady stator wake passing.
Rotor @ @ @ @ Despite the slightly increased wake decay in the unsteady simu-
;:"“"9 @ @ @ Ratop Waks lation, the dominant impact of the stator wake passing seems to be
e on the rotor trailing edge shocks, which will be analyzed in the

- Main Flow Direction

¥ 7 next section.
3 ~———————~ Stator Wake
O 5.3 Rotor Trailing Edge Shocks. Figure 9 shows space-
/f/ O time diagrams of the eddy viscosity and the static pressure at an
An R s / axial position ofAx/c,y,=0.4 behind the rotor trailing edge in
Rotor the absolute frame of reference. Th&,,, axis corresponds to
Tralllng@ @ @ @ @ @ @ Rotor Wake the circumferential direction. The time is given in rotor pitches
Edge according to Eq(2).
The axial distance oAx=c,,,=0.4 from the rotor trailing

+ Increased Vortex edge chosen for this analysis is typical of axial gaps in high-
__ Decreased Vortex pressure turbines. Within the eddy-viscosity distribution, a rotor
wake and a stator wake were marked according to their compara-
Fig. 10 Schematic of wake—wake interaction behind the rotor, tively higher values of eddy viscosity. The rotor wakes move in
relative frame of reference time toward they/c,, direction because the rotor is rotating in
74 | Vol. 124, JANUARY 2002 Transactions of the ASME
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Fig. 12 Clocking potential for reduction of shock strength be-
hind the rotor

Fig. 13 Static pressure field at an instant in time, showing the
unsteadiness of the rotor trailing edge shocks
that direction. The stator wakes exit the rotor in the absolute frame
of reference at all times at the same circumferential position.
The space—time diagram of the static pressure in Fig. 9 shows

the rotor suction side trailing edge shocks as lines of high pressure . -
parallel to the rotor wake paths. Rotor wake and shock paths &@C€SS between the single rotor wake passages, each rotor trailing

parallel because both rotate with the same speed in the absofftg€ Shock is modulated in three different phases on its way from
frame of reference. For the axial distance shown, the rotor trailijge Plade trailing edge to the outflow boundary of the computa-
edge shocks and the suction side edge of the rotor wakes coincifg!@l domain. This leads to a shearing or splitting of the shocks at
While the shocks are rotating in the absolute frame of referencel Poundary lines of the rotor wake passages, which are given by
modulation in shock strength according to the circumferential p§2€ rotor blade wakes. The splitting of the shocks within the rotor
sition is observed. The modulation in the space—time diagram'}@Kes induced by the stator wake segments causes a significant
parallel to the stator wake path, so it can be assumed that {duction in shock strength observed at those circumferential po-
stator wakes cause the circumferential variation in shock streng®fions where the stator wake segments pass periodically.
The difference between maximum static pressure after angt the outflow boundary of the computational domain, the

minimum static pressure ahead of the sh(jdp/p‘f, pf; see shock modulation has reached an amplitude where it is no longer

Table 2 was chosen as an indicator for the shock strength a séllce-ted""bIe in a time-averaged velocity profile of an unsteady cal-

: : ..o culation, as shown in Fig. 11 at the axial positidx/c,y,
ond stator behind the HPT rotor might encounter. A variation IF;0.95. The steady-state calculation in that figure does not account

0__
shock_streng?h fronAp/pl—0.051—O.1_02 or 50 percef‘? occurs a?or time-periodic stator-wake effects, and therefore the shock is
the axial position ofAx/c,, = 0.4 behind the rotor trailing edge. ), clearly detectable in the velocity profiles.

Thehpos;tions. of the extrema lare marked inhFig. 9. f th To reduce the impact of the rotor trailing edge shocks on a
Therefore, it seems possible to reduce the impact of the rotgt, nstream stator for future highly loaded HPT/LPT designs, the
trailing edge shocks of a highly loaded HPT on a second stator

. k \ i > tor/stator blade count ratio should be suitable for clocking ap-
clocking the second stator. From a designer’s point of view it

ially i ina h h 21 of the shock h ications. If the second stator is placed with its leading edge at
especially interesting how the potential of the shock strength figfas axial position where rotor wake and rotor trailing edge shock

duction varies with axial distance. The clocking-potential in terMgeract, it should be possible to reduce the strength of the rotor
of shock redugtlon will be d_ls_cussed by looking at the dolfferencgmckS by as much as 50 percent by selecting an ideal clocking
between maximum and minimum shock strengtih §{p7) max position.
—(Ap/P)min) in circumferential direction at a fixed axial position. Future work will be concentrated on the influence of a second
Figure 12 shows the potential for a reduction of shock strengitane on the effects mentioned here as well as the three-
by clocking as a function of the axial position behind the rotodimensional influences of a highly loaded HPT rotor on an LPT
The rotor trailing edge is located atc,y = 1.0. vane.
Two relative maxima of the shock strength clocking potential
occur atx/c,, ,=1.35 and 1.8. Both axial positions connected to
these maxima are characterized by an interaction of the rotor trail-
ing edge shocks, the rotor wakes of the next or a third bla%e C USi
(overlapping zone 2in the circumferential direction, and the sta- onclusions
tor wake segments. The reason for this weakening of the rotorThe two-dimensional unsteady flow field behind a transonic
trailing edge shocks at the mentioned axial locations for certasingle HPT stage at midspan has been numerically investigated.
circumferential positions is a splitting of the shocks due to statdie simulation showed excellent agreement to experimental data
wake-induced shock motions in the relative frame of referencefor time-averaged and time-dependent flow quantities. The vortex
Figure 13 shows the static pressure field of the calculated HBWeets of both stator and rotor were resolved in the calculated
stage at an instant in time. The wake paths of the blades di@v field. A significant influence of the vorticity shed by the
indicated by dashed lines. The blade wakes split the relative fl@tator on the vortices within the rotor wake is described and ana-
field behind the rotor into several passages. Within each rotgzed. A modulation of the rotor trailing edge shock system is
wake passage, stator wake segments are convected throughotteerved in the absolute frame of reference. A maximum reduc-
rotor modulating the flow field and forcing the rotor trailing edgéion in shock strength of 50 percent was found by varying the
shocks forward and backward while passing. The current directiarial distance and the circumferential position behind the rotor in
of that shock motion is indicated in Fig. 13 for all three shockthe absolute frame of reference. A guideline for positioning a sec-
depicted and all three rotor wake passages that lie within the coomd stator behind the transonic HPT rotor to minimize the shock
putational domain. Due to phase differences in the modulatistrength is provided.
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= convective velocity
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The Fluid Dynamics of LPT
Blade Separation Control
Using Pulsed Jets

The effects of pulsed vortex generator jets on a naturally separating low-pressure turbine
boundary layer have been investigated experimentally. Blade Reynolds numbers in the
linear turbine cascade match those for high-altitude aircraft engines and industrial tur-

Jeffrey P. Bons bine engines with elevated turbine inlet temperatures. The vortex generator jets (30 deg
Air Force Institute of Technology, pitch and 90 deg skew angle) are pulsed over a wide range of frequency at constant
Wright-Patterson AFB, OH 45433 amplitude and selected duty cycles. The resulting wake loss coefficient versus pulsing

frequency data add to previously presented work by the authors documenting the loss
dependency on amplitude and duty cycle. As in the previous studies, vortex generator jets

Rolf Sondergaard are shown to be highly effective in controlling laminar boundary layer separation. This is
. . found to be true at dimensionless forcing frequencfes) well below unity and with low
Richard B. Rivir (10 percent) duty cycles. This unexpected low-frequency effectiveness is due to the rela-

tively long relaxation time of the boundary layer as it resumes its separated state. Exten-
Air Force Research Laboratory, sive phase-locked velocity measurements taken in the blade wake dt@iOF1 with 50

Wright-Patterson AFB, OH 45433 percent duty cycle (a condition at which the flow is essentially quasi-steady) document the
ejection of bound vorticity associated with a low-momentum fluid packet at the beginning
of each jet pulse. Once this initial fluid event has swept down the suction surface of the
blade, a reduced wake signature indicates the presence of an attached boundary layer
until just after the jet termination. The boundary layer subsequently relaxes back to its
naturally separated state. This relaxation occurs on a timescale which is five to six times
longer than the original attachment due to the starting vortex. Phase-locked boundary
layer measurements taken at various stations along the blade chord illustrate this slow
relaxation phenomenon. This behavior suggests that some economy of jet flow may be
possible by optimizing the pulse duty cycle and frequency for a particular application. At
higher pulsing frequencies, for which the flow is fully dynamic, the boundary layer is
dominated by periodic shedding and separation bubble migration, never recovering its
fully separated (uncontrolled) stat¢DOI: 10.1115/1.1425392

Introduction nolds numbers. As such, flow control techniques which can be

. . . . . ractically implemented on a separating turbine blade are of cur-
During high-altitude cruise, the operating Reynolds numb Lnt inter)ést P P 9

(based on axial chord and inlet veloditipr the low-pressure tur- Boundary layer separation control in diffusing flows under
bine (LPT) in an aircraft gas turbine engine can drop belowressure conditions similar to the aft portion of a turbine blade has
25,000. This low Reynolds number condition is particularly acutgeen studied in the laboratory for many years. Lin e{%).pre-

in the class of small gas turbine engines typically used or plannsented results from a number of passive and active strategies em-
for use in many high-altitude air vehicles. At these low Reynoldgloyed with varying degrees of success to a turbulent boundary
numbers, the boundary layers on the LPT blades are largely lad@yer flowing over a backward-facing, curved ramp. Of the two
nar, even in the presence of freestream turbulence, making thel@sses, active techniques have the advantage that they can be shut

susceptible to flow separation near the aft portion of the bla ff when not required for flow control. This is especially desirable

suction surface, with associated loss increase and performal e turplne blade application, since any passive technlquelwhlch
s effective at low Reynolds number may increase the blade’s drag

) . i
drop. Numerous industry reports have document_ed |ncrea5§éialty and surface thermal loading at higheaonseparating
separation and secondary flow losses when operating at turbi&nolds numbers. Of the active strategies studied by Lin et al.,
inlet Reynolds numbers below 100,008harma et al[1], and only vortex generator jeté/GJs had a significant effect on re-
Matsunuma et al[2,3]). Though the exact Reynolds number atjucing diffuser separation.

which separation related losses become significant is machine spe/GJs are typically configured with a low pitch angl@0—45
cific, the increased loss inevitably translates to a significant déeg and aggressive skew and5—-90 degto the near wall flow
crease in turbine efficiency at these operating conditionea- direction (see detail in Fig. 2 for the VGJ configuration in this
sured values have been as much as a six-point loss in comporfgH#Y- Here, pitch angle is defined as the angle the jet makes with

efficiency for the AE3007HHelton [4]], a small high-altitude the local surface and skew angle is defined as the angle of the

enging. Altering the blade shape to avoid this low Reynolds nunProjection of the jet on the surface relative to the local freestream

ber separation broblem is not desirable since such a modificatfjirecnon' In this skew configuration, the VGJ creates a horseshoe
per separation p . . . . ktex pair with one very strong leg accompanied by a weak leg
is likely to impair the engine operation at highgfesign Rey- of opposite sign. The result is a single, dominant, slowly decaying
streamwise vortex downstream rather than the two relatively weak

Contributed by the International Gas Turbine Institute and presented at the 4 _ ; ; : -
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleagtaunter rotating horseshoe vortices generated by a jet with 0 deg

Louisiana, June 4—7, 2001. Manuscript received by the International Gas Turbﬁ%ew or a symmetric, p.aSSiver boundary layer obstruction. It has
Institute February 2001. Paper No. 2001-GT-190. Review Chair: R. Natole. been shown both experimentalligompton and Johnstdit]) and
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computationally(Henry and Pearceyr]) that this single-sign vor-
tex energizes the separating boundary layer by effectively brin
ing high-momentum freestream fluid down near the wall.
Nonsteady pulsing has been combined with jet injection to it
hibit separation of wall-bounded flows in a number of applice
tions. Chang et al.8] employed pulsed, norm#&90 deg pitch, 0
deg skew slot injection to inhibit laminar separation over an air-
foil at high angle of attack. In the post-stall airfoil, forcing was
most effective when applied at 1 percent chord and at dimensic
less forcing frequenciesH("=fc/U,,) from 2 to 8. More recent
applications of pulsed, normal jet injection include the use ¢
synthetic(zero net mass flyxjets to promote flow reattachment
over a thick airfoil (Amitay et al. [9]) and the application of
pulsed upper surface blowing to control dynamic stall on a simi
lated helicopter rotofWeaver et al[10]). In the computational
arena, Wu et al[11] have documented the roll-up of the pulsec
jets into large vortices which entrain higher momentum mair

Pressure Tap

Plenum g rface Static
Pressure Taps

VGJ Holes

Feeder Holes

stream fluid down near the wall. Pulsed, streamviseeg pitch. &
0 deg skewijet injection(from a backward facing slot or stepas VGJ Hole
also been successfully employed by Seifert ef ] and Kwong V’;\Q
and Dowling[13].
In addition to the normal and streamwise pulsed jet injectio 30° PitcN \\\

experiments mentioned above, three studies have investigated
combination of unsteady forcing with skew&WGJ) injection.
McManus et al[14] and Raghunathan et 4fL5] have both em-
ployed pulsed VGJs to effectively control separation in two-. . .
dimensional diffusers. The authors have also previously reportf'is:I .rjtiorI? uﬁf:eg{g;nﬁlﬁﬂﬁ gaegg”%try’ inset showing VGJ con-
their successful application of pulsed VGJs to LPT blade separa-
tion control (Bons et al.[16]). It was the encouraging results of
this study which lead to the current work. This report documents
the fluid dynamics associated with the implementation of pulsed
VGJs on the suction surface of a prototypical LPT blade profil§ign. The cascade has a solidigxial chord to blade spacingf

The effects of jet pulsing frequency are addressed in detail.  1.13, an inlet flow angle of 55 degneasured from the plane of
the cascade and a design exit angle of 30 deg.

. - For this study, all eight blades in the cascade were manufac-
Experimental Facility tured with a hollow cavity running their full span and covering the
The linear turbine cascade facility used for this study is deegion from 40 percent to 90 percent axial ch@Fily. 2). Fittings
scribed in detail in Sondergaard et [dl7] and Bons et a[16], so at the lower end of each blade allow for pressurized feed air for
only a brief description will be provided here. The open-looghe VGJs and cavity static pressure measurement. A valve located
induction wind tunnel which houses the cascade draws air througpstream of the feed port allows control of the mass flow rate into
the bell-mouth inlet equipped with flow straighteners and into thée blade cavity. A high-speed solenoid valve is located just down-
0.85 m tallx1.22 m wide test section at up to 80 ni{Eig. 1). stream of this control valve. The solenoid is controlled by a Gen-
Flow velocity uniformity across Blades 3—7 is within2 percent eral Valve Inc. lota One pulse driver which has a frequency range
at a Reynolds number of 25,000, with an inlet turbulence level éfom 0.1 Hz to 250 Hz with a minimum “open” pulse duration of
less than 1 percent. The linear cascade consists of eight 0.88ess than 1 ms. Air exhausts from this valve into a manifold and
span by 0.18 m axial chord®) blades fabricated from molded then into the eight copper feed tubes running the span of each
polyurethane resin. The two-dimensional blade shape studiedblade inside the cavities. Holes spaced every 2.54 cm along the
the Pratt & Whitney “PakB” research design, which is a Mackcopper tubes produce an even distribution of airflow to the VGJs.
number scaled version of a typical highly loaded LPT blade ddhe 1-mm-diad) cylindrical VGJ holes have a 30-deg pitch angle
and a 90-deg skew angle. They are spaced evedyaldng the
center 0.46 m of each blade span. For this study, rows of VGJ
holes at 63 percer@, were used. In preliminary testing of the full
cascade, it was noted that pulsing on the full set of eight blades
— yielded comparable results to operating with just the three center
SRR blades(when taking measurements over the centermost hlade
Thus, to allow a greater range of blowing ratio, only the three
center blades were controlled for all the data reported in this
study. When not in use, the holes were covered withuBOthick
Blade - tape to eliminate any effect of the holes on boundary layer
Tailboard L transition. _ _ _ _ _
9\\ R Test Blade To determine the mean jet blowing ratio, the average static
{ L SN, W\ pressure of each blade cavity was monitored during tunnel opera-
\ 7 N 3 Endblade tion. This pressure was then correlated to the average jet exit
: velocity, which had been measured at the hole exit plane with a

Angle

From Bell Mouth

Turbulence Generat

To Motor \

. N sub-miniature hot-film probe prior to blade installation in the cas-
G N O\ cade. This measurement was made outside the cascade tunnel with
- i N the jets injecting into stagnant air. The mean jet blowing ré@ip
Blade 2 was computed as the ratio of the average jet exit velocity to the

local freestream velocity as calculated from the local pressure
Fig. 1 Low-speed linear cascade test facility coefficient pje/poca=1). While making the jet exit velocity
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measurements, it was noted that with multiple blades fed from theobe at midspan. Uncertainties in the pressure measurement
same high speed solenoid valve, jet exit velocity profiles begantranslated to an uncertainty af8 percent in the loss coefficient
resemble more of a sinusoid rather than the typical square wavdattRe=25,000. A small National Aperture micro-traverse system,
frequencies above 50 HF¥("=1.6). mounted inside the test sectidbut outside the outer tailboard

The dimensionless forcing frequendy, is used in this report Was used to make boundary layer profile measurements at several
to relate the current work to the external airfoil flow control studchordwise locations on the center bla@@ade 5. A standard
ies published in the open literature. Rather than employ the cofingle hot-wire probe was mounted on the micro-traverse to mea-
mon definition based on airfoil chord and freestream velocitgure mean and fluctuating velocity components. When compared
however, the=* here uses the surface distance from the injectid® & co-located pitot-static probe velocity measurement, the veloc-
site to the trailing edge and a local mid_passage Ve|0city. Tm eror n the hOt'ere and Subtmlnlature hOt-fIlm pl’ObeS was
shortened distance (0.22) was deemed more relevant in thewithin =2 percent at flow rates of interest. Phase-locked wake and
current application since it represents the approximate lengthscafindary layer velocity data were acquired using a timing pulse
of the separation zone where eddies or unsteady waves wouldfgn the lota One pulse driver to trigger the acquisition process.
present. This formulation is consistent with the slotted flap blow2hase-average data presented in this report consisted of ensembles
ing work of Seifert et al[12] where the relevant distance was thef between 3Qat low frequenciesand 200(at high frequencigs

quarter-chord aft flap. Weaver et 4L0] also employed arF*  cycles.

lengthscale less than the blade chord in their helicopter rotor dy-

namic stall control study. The augmented velocity scale 1;)5 Results and Discussion

accounts for the substantial fluid acceleration that takes place

through the PakB turbine cascade. Whether the boundary layer i®revious Work. The low Reynolds number separation char-
attached or separated, the mid-passage velocity at the VGJ injagteristics of the PakB blade profile have been documented in
tion site is just under twice the cascade inlet velocity. Since thigevious studiegBons et al.[18], and Sondergaard et dl17]).
location is near the passage throat, there is then a modest diffusidgure 3 shows they;,; versus Re data for this cascade at two
(~10 percentto the blade trailing edge. By employing a velocityfreestream turbulence levels. Also shown is a Navier-Stokes CFD
scale equal to the average value over the separated Edmapre calculation using the two-qlimensional Vane Blade Interaction
accurately represents the ratio of the VGJ forcing frequency to th¥éBl) code developed by Allison Engine Company under contract
frequency at which fluid events will be convected down the blade the US Air Force. VBI is an unsteady Reynolds Averaged
surface by the freestream flow. Navier-Stokes code employing the algebraic Baldwin-Lomax

Another parameter in common use in the jet-boundary layBpundary layer turbulence model, which assumes zero freestream
control arena is the momentum coefficient,, defined as the turbulence. Data in this report were taken a&f28,000 with low
ratio of injected momentum to the freestream dynamic pressutdrbulence, where the heavy separation losses are prominent in the
This parameter had its genesis in the application of twélata(but not in the VBI prediction At this Reynolds number,
dimensional slot blowing on external airfoils and can be written d¥undary layer data indicate that laminar separation occurs on the

follows: blade suction surface between 68 percent and 73 pe@&ent
Two previous control studies conducted by the authors in the
(slotwidth)pjetujzet same facility acted as the point of departure for the current study.
N (1)  specifically, Sondergaard et #lL.7] reported the effectiveness of
(chord Epwui steady blowing at various locations and blowing ra@sfor both

1 percent and 4 percent freestream turbulence. The steady data in
gIJ]g 4 is taken from this work and shows a broad range of steady
aontrol effectiveness with a minimuBibetween 1 and 1.6n this

and subsequent figures,,; is normalized byy;,,o, the value ob-

tained without any contr@l This minimumB was found to be a

stant density To be consistent with the reduce.d frequency forrm{/'\/eak function of injection location from 45 percent to 75 percent
lation above,B employs a local channel velocity{2U;y) rather C, - Over the range oB indicated in the figure, wake reduction is

than the cascade inlet velocity. One additional adaptation is rl%xlatively flat at 60 percent from the minimuBivalue up to the

quired for the comparison of the, calculated in this work with : — :
those in the open literature. This regards the area difference paaximum value tested¥=4). As a point of reference, B value

tween a two-dimensional sldivhich extends across the entire
airfoil span and three-dimensional-discrete hole injectiMGJ).

The blowing parameter, used in this and previous reports
LPT separation control, has its origins in turbine film cooling an
can be related te, in a straightforward mannec,,« B2 at con-

To generate an “equivalent” slot area for the circular VGJ holes ¢  °7 o - ey o o
a pitch of 10, one can proceed as follows: = l L
0.6 g S Tu=1%
slotwidth  (slotwidth)(slotspan §
hord  (chord(airfoilspan Fos| WP
o p & | o VBIPrediction
__“equivalentslot-area” 504 A, &\ﬁ\

(0.72C,)* bladespan

(d) 2 bladespan
T

"\ 2/ (holepitchd  6.06¢ 104 )
"~ (0.7x,)(bladespan” )

gred

Loss Coefficient y
o
N
|
-y
Pt

o
i
1
|
h
/
o
i
1
!
|

Thus with equal jet and freestream densities=0.0012 Bz,

Bulk flow instrumentation consisted of flow thermocouples fo
inlet temperature measurement and an upstream pitot-static re
ence probe. To calculate the blade wake loss coefficient a K
probe was used to measure the total pressure O,6dbwnstream
of the trailing edgdsee Fig. 10 A Dantec 3-axis traverse locatedrig. 3 Loss coefficient y;, versus inlet Reynolds number;
atop the wind tunnel was used to traverse the blade wakes with the,=1 percent, Tu ;,=4 percent, and VBI prediction

] 25000 50000 75000 100000 125000
Axial Reynolds Number
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; ! i (B2max Se€ Fig. 5); data for pulsed blowing at 10 Hz  (F*

0 | | | =0.31); Re=25k
0 1 2 3 4
Mean Blowing Ratio (B) to ~0.2. This represents nearly an order of magnitude reduction in
required massflow for comparable separation control, a result seen

Fig. 4 Integrated wake loss coefficient () profiles normal- by McManus et al[14] in two-dimensional diffusers. Since in a

potential turbine application of this control strategy, VGJ air will
come from the compressor at a loss to the engine cycle, reducing
the required massflow by nearly an order of magnitude is signifi-
cant.
The remarkable success of pulsed versus steady VGJ control
leads to questions regarding the physical mechasiswhich are
of 2 at a VGJ hole pitch of 10 represents an application of Or2sponsible for the bulk effect of separation control. In their re-
percent of the cascade throughflow. The corresponding value pafrt, Bons et al. postulated that the startiagd perhaps ending
c, is 0.0048. As another point of reference, typical film coolingortex of the pulsed jet must be the mechanism responsible for
holes are designed to operate at approximaieh?. altering the boundary layer. This was based in part on the work of
The second study, using pulsed VGJs, was reported in Bodshari and McManu§20] which showed that the starting vortex
et al.[16]. The principle finding of this study is also illustrated inassociated with skewed jet injection generates much stronger
Fig. 4 alongside the steady VGJ results. The pulsed data is for dlfeamwise vorticity than steady blowing at the same jet injection
Hz square wave modulatigmo suction strokewith a 50-percent velocity. It is this streamwise vorticity in turn that is thought to be
duty cycle. This forcing frequency corresponds toRahof order responsible for entraining the high momentum freestream fluid
unity (0.31) and is 1/10 of the shear layer instabilitpeasured at down near the blade surface to effectively energize the separating
100 Hz in the separating boundary layefhe blade shedding boundary layer. To test this hypothesis, Bons et al. varied the
frequency(which is generally some fraction of the shear layepulse duty cycle at constant frequend@d Hz) and maximum jet
instability frequency was found to be an effective forcing fre-exit velocity (Bzmay, thus reducing the exit pulse to a narrow
quency in the computational study of Wu et [dl1], while others spike(Fig. 5). The result(Fig. 6) clearly showed that control was
(Seifert et al[12,19) have found success near the blade reducedfective down to 1 percent of the massflow required for steady
frequency {../c). For the pulsed data in Fig. 4, the averdge control at the samB,,, (or 0.002 percent of the cascade through-
over the cycle is used for comparison with the steady data. Witlew). In determining the correspondirgy, values for the data in
pulsing, the minimunB required for effective control is reducedFig. 6, the reduced net momentum over the shortened duty cycle
could be accounted for by multiplying,, by the duty cyclec,,
=0.0012Bz,,(duty cycle/100. This would give a range of 4.8
X 10 °<c,<4.8x10 2 for duty cycles of 1 to 100 percent, re-

B=0 versus mean blowing ratio
(F¥=0.31) and 50 per-
=25k and 63 per-

ized by loss coefficient for
(B); data for pulsed blowing at 10 Hz
cent duty cycle versus steady blowing at Re
cent C,

| spectively. As anticipated, the 1 percent duty cycle is equivalent to
g L/M an extremely lowc,, .
'5‘; 1 New Results. These encouraging results at low duty cycle
5 — 100% (steady) lead the authors to consider the following question. “If a narrow
s ] ‘9'5°:/° spike (1 percent duty cycleof injected fluid can control the bulk
3 i ifg; separation of a turbine airfoil, how often do these impulses need
a e 5% to occur for successful control?” Or, in other words, what is the
§ { % h 1% maximum allowable time between pulses that will still provide
2 ' time-averaged wake reduction? As a first step in answering this,
2ok wake loss data was taken at constant duty cycle and av@age
s q while decreasing the forcing frequency. This essentially increases
the time between pulse events while maintaining constant mass
°° 02 o4 e 0s ) flow over the forcing cycle. Figure 7 provides this data for two

duty cycles, 10 percent with averaBe=0.2 (c,=4.8X 10 %) and
50 percent with averagg=0.75(c,=1.4x 1073 from F*
=0.012 to 7.71.

Time / Forcing Period

Fig. 5 Instantaneous jet exit blowing ratios for various duty

cycles all at 10 Hz (F*=0.31); data taken with subminiature
hotfilm probe in VGJ exit at 63 percent  C,; Re=25k
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The data in Fig. 7 show a relatively flat effectiveness from
F*=7.7 down to a value of 0.1note the log frequency scale
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N

‘ . history so that the reader can readily associate fluid events in the

2 i [ wake to the starting and stopping of the jet pulse. The jet exit

2 1o uso%c;ulycycle velocity is normalized by its maximum value to permit plotting on

§ o8 ©10% Duty Cycla the same scale witl# . The plots also show threshold lines

3E ' - o) ! : corresponding to the uncontrolle@,.;; and the 64 for steady

B35, . f (B=2) control(2.1 and 0.8 cm respectivelyBoth blade wakes 5

§’§ o @] : and 6 are shown in the raster plots, thoughdhgintegration was

= ("] g 8 og. .. | g8 —o performed over wake 5 only.

% a Beginning with the lowesF * plot (Fig. 8a) with a cycle pe-

g o2 : riod of 2.5 9, the jet “on” cycle initiation immediately triggers a

2 | large oscillation in the wake deficit. In the first 0.11 sec after jet
o ‘ initiation, the unsteady deficit varies from over two times the un-

0.01 0.1 1 10

. controlled wake level down to negative wake values. This is fol-
+*

lowed by a gradual0.12 9 decrease in wake size to the controlled
Fig. 7 Normalized integrated wake loss coefficient (v /%) VAK€ value. Then, for the duration of the “on” cycle, the wake
versus dimensionless forcing frequency (F*) for two duty remains narrow and shifted to the léfoward the blade pressure
cycles and at constant mean blowing ratio  (B=0.2 for 10 per-  Side.
cent duty cycle and B=0.75 for 50 percent duty cycle ); Re=25k When the pulse terminates, there ensues a high frequer®y

Hz) damped oscillation with a meaffy; which is actually further

reduced from that of the “on” cycle. Not until approximately 0.45

s after the pulse termination does the wake gradualgr 0.14 $
Variations in vy, /vno OVer this range of * are within the mea- resume its uncontrolle@separatedlevel. Due to this lagged re-
surement uncertainty. This broéaearly two orders of magnitugle laxation of the boundary layer, the wake deficit spends only one
effectiveness range and low minimuB* contrast with pulsed third of the full cycle at the uncontrolled level. This added benefit
control results for external airfoils. Though the majority of referef pulsed control1.7 s of separation control for only 1.25 s of jet
ences report lift coefficient rather than wake parameters, somgplication=32 percent bonysis one of nature’s coveted syner-
data is available for comparison. Chang et[8] used leading gies and will be explored in more detail below. The identical
edge blowing over arr " range of 1 to 20 and observed re-  sequence of events is repeated in Figp) Showever sincé * has
ductions of roughly 35 percent over the range A" <10. These increased by a factor of 2.5, the next pulse arrives before the wake
reductions diminished slightly above F* of 10. Amitay et al. has time to relax back to its uncontrolled state. Due to the long
[9] provided mean wake data for two cadés’ =0.95 and 10 relaxation time, the wake never exhibits quasi-steady, uncon-
which can be integrated to produce a representation of the wak@lled behavior. The next higheBt" plot (8(c)) is at the thresh-
momentum deficitfye= /1 — (u/U)2dy. Their data show a drop old where yvake loss redupnon becamg !ndepgndent of reduced
uncontrolled case for the two dimensionless forcing frequencidgansient is buried in the 33-Hz termination oscillation. The
respectively. Both of these studies concentrated on the regimegsdual drop in momentum deficit following the startup transient
F*=1 based on indications that dimensionless forcing frequeRgver reaches the steady state value. In the final (Blaf), the
cies significantly less than one would not provide successful cosfartup transient comprises the entire cycle, though now at a con-
trol. This is consistent with Seifert et al.’s conclusipt] that siderably reduced amplitude. In essence, the flow in this case is
pulsed blowing is most effective when there are one or two pulgenstantly in an unsteady regime between the controlled and un-
disturbances on the airfoil surface at any given time. Seifert et gbntrolled states, never settling at either condition. At reduced
[12] focused on a narrow range Bf° (0.3 to 2 and observed a frequencies above 0.6@ot shown, the wake raster plots look
maximum beneficial effect in lift coefficient neBr" =0.75. Pres- essentially uniform over the pulsing cycle with only a slight per-
sure drag reductions in this frequency range varied from 5 percéntbation corresponding to the pulse initiati¢ti.should be noted
to 70 percent. that it is in this same higF © regime that the jet exit pulses take

Compared to these references, the PakB cascade pulsed \\gh more sinusoidal character rather than the square wave noted
control application shows a much broader range of utilfy )Y, in the Fig. 8 and Fig. 5 plots.
with nearly double the wakecf) reduction at comparable levels The benefit from inherent time lags in the boundary layer re-
of ¢, (the Chang et al. study usex), ranges of K10 % to 1  sponse becomes even more pronounced at lower duty cycles. Fig-
X102 and Amitay et al. reporteg,=2.3x10 % while Seifert ure 9 shows two raster plot§F*=0.012 and 0.031 with
et al. employed a fluctuating,=0.008 to 0.016 on top of a 4-percent and 10-percent duty cycle, respectively. In both these
steadyc,, ranging from 0 to 0.1 for their aft flap study cases the pulse is terminated well before the controlled wake loss
As is evident from Fig. 7, at dimensionless forcing frequenciggvel is reached. Yet in the lower frequency case, the wake re-

below the 0.1 cut-off, the 10-percent and 50-percent duty cyclgains at or near the controlled level for 0.36 s or 360 percent
data diverge. This suggests that the reduced control effectivengggger than the VGJ pulse length.1 9. Recalling the data in Fig.
at low F™ may be related to physical timescales of the flowfielg, which showed effectiveness down to 1 percent duty cycle, one
rather than simply the forcing dynamics. Following this line ofnight conclude that this benefit will continue to increase exponen-
reasoning, phase-locked velocity data were taken in the blagly with decreasing pulse duration. It seems that as long as there
wake at 0.6€, downstream of the trailing edge using a singlgs a startingjet “off” to jet “on” ) transition to trigger the ejection
hotwire. Figures @a—d) show phase-averaged color raster plots aff bound vorticity, the boundary layer will respond in a timescale
wake velocity distributions foF *=0.012, 0.031, 0.12, and 0.31unrelated to the length of the ensuing jet pulse. A potentially re-
all at 50 percent duty cycle. The plot to the left of eaeh raster lated phenomenon was discovered by Gharib €t2dl} regarding
plot shows the wake average momentum defigjt;, as a func- the vortex ring formation from a jet injected into an otherwise
tion of time as well as the VGJ jet time history. This phase-lockestagnant fluid. In their controlled water tank experiment, they
jet history was taken at the VGJ hole exit using a sub-miniatufeund that any additional injected jet fluid beyond a threshold
hot-film probe prior to blade installation in the cascade. A convefermation length resulted in no net increase to the resulting vortex
tive offset time of 0.065 gequal to the distance from the VGJring circulation. If such a minimum “formation number” exists
holes to the wake measurement position divided by the averdge the generation of streamwise vortices via skewed jet injection
channel velocity has been added to the hole exit velocity timén this cascade facility, it is probably below the physical limits of

Journal of Turbomachinery JANUARY 2002, Vol. 124 | 81

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



FE T

a3

L

ar

— Bsl

T o Setires
o

Ind o D!
i Lt impget ol
| f
23 |
L &2
a1 =
L L - I 0 Hift 3 el ) i MR
o i 2 3 q & 5 L 1 2 ] i 15 o
e Whgloriy & Toaln Jel Vekooty & Thein ¥ dalanee nem
(a) F' =0.012 {b) F* = 0.031

ABT———

na:

AL

Trma in weconds

s}

gl 1o s
q 1 3
Jei Welocty & Thets

Pz a s i 15 o=
o Welocicy & Thain y disiarce i cm

(c) E' =012 (d) F* = 0.31

Fig. 8 Each figure includes a streamwise velocity (m/s) raster plot (y versus t) of wakes 5 and 6 over one VGJ pulse period
(on the right ) and a time history of jet exit velocity ~ (with added time offset ) and @4 (on the left ); green lines indicate B=0 and
B=2 limits; data for F*=0.012 (a), 0.031 (b), F*=0.12 (c), and 0.31 (d), 50 percent duty cycle, and mean B=0.75

the current test apparatus. It can also be concluded from these dstal. data is that Fig. 8 represents the transients associated with a
that the critical segment of the pulse is the starting transition vesingle on-off cycle of the continuous pulsed control, while the
sus the ending. In all the examples noted, this initial “kick” domi-similar transients observed by Amitay et al. were associated with
nates the dynamic response of the blade, causing the waketfe onset and cessation of a multi-period high frequency sinu-
shrink dramatically, recovering only after the physical time conspidal flow control. When they dropped the reduced frequency of
stants have elapsed. o control fromF* =10 to 0.95, the wake exhibited large oscillations
_The data in Fig. 8 bear striking resemblance to the wake trage the forcing frequency, and they did not profit from the long
S'ent. hls_torles r(_aported in Amitay et 4B] for the initiation r?m_d transient relaxation times. These I6W oscillations were associ-
termination of high frequepc¥ meed contrdt (= 10). The ini- . ated with “a time-periodic shedding of a train of vortices that
tial large transient oscillatiofkick” ) at startup and the benefi- o <o ded tgpeak to peaklift coefficient fluctuations of up to
cial reduction in wake deficit at terminatiofwith subsequent 45 fth lift". As cited earlier. thi droB i
gradual relaxationare all noted by Amitay et al. and are nearly percent of the mean Iift". As cited earlier, this same drof in
identical to the behavior outlined in the foregoing. Using twor€sulted in a decrease?_ time-averaged wake rEdUCt'O'l from
component velocity measurements in the wake, Amitay et al. wefeer/ ueto=77 percent at="=10 to roughly 92 percent af
able to identify the shedding of vortex pairs of alternating sign a§095 Thls_ is clearly not a desirable condition and represents a
the airfoil adjusted to the higher lifattached flow condition at ~significant difference between the two sets of results. At the same
control initiation. It is this same shedding of vorticity that appear§* of 1, the turbine cascade wakes exhibit only minimal oscilla-
as the initial “kick” of the wake in Figs. 8—c). One significant tions associated with each starting transient and the wake loss
difference between the blade wake data in Fig. 8 and the Amitegduction is virtually independent of reduced frequeagnd re-

82 / Vol. 124, JANUARY 2002 Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



L R

Tirmes i SE2ins

Tirmes b tsooeeds
o
=

st ol

¢ 1 : 3 a A 0 15 7 T 1 32 3 4 T
del'vpinody & Thaty ¥ AN 8 oM et ‘eioaty & Thew  dslaneE @ an
{a) F* = 0.012 at 4% duty cycle {b) F* = 0.031 at 10% duty cycle

Fig. 9 Each figure includes a streamwise velocity (m/s) raster plot (y versus t) of wakes 5 and 6 over one VGJ pulse period
(on the right ) and a time history of jet exit velocity ~ (with added time offset ) and @y (on the left ); green lines indicate B=0 & 2
limits; data for (a) FT=0.012, 4 percent duty cycle, and mean B=0.05 and (b) FT=0.031, 10 percent duty cycle, and mean
B=0.2

mains so down t& " =0.1). For some reason, the turbine cascadghown that the application of control on one blade in the cascade
does not require the “one to two events on the airfoil” that extersan significantly alter the lift distribution on adjacent blades. As
nal airfoil stall experiments require. Moreover, the blade sheddisgich, the simultaneous control of Blades 4 and 6 may have a
frequency does not appear to be a dominant factor in the forcibgneficial, synergistic effect on Blade 5, damping out large-scale
frequency optimization. This is likely due to the influence of adflow oscillations and preventing massive suction surface separa-
jacent blades in the cascade, which provide a stabilizing influentien at low dimensionless forcing frequencies.

on the boundary layer which is not present in single airfoil or As instructive as they are, these figures only document the bulk
diffuser configurations. Previous experiments by the authors hawenet effects of forcing on the blade wake performance. In order

Blade 4 Blade 6

VGI at 63%Cx

Measurement line for Wake
\ \ N 77%Cx Traverses (0.64%Cx) of

\ ) 81%Cx Figures 8 & 9

v 89%Cx
\ 42%Cx from Trailing Edge 97%Cx

\ 71%Cx from Trailing Edge
\
Fig. 10 Boundary layer measurement stations on Blade 5
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L Vepusetsoy , the cascade flowfield. The jet pulse time history is provided at the
| top of the figure for reference. The data in Fig. 11 is fof

| =0.012, meanB=0.05 (c#=7.6><10’5), and 4 percent duty

cycle.
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The first frame (= 0.01) is just prior to the pulse initiation. The
Fima =001 asconds 61-percent and 73-percent profiles appear attached, while all suc-
; ceeding profiles on the blade are separated. The two profiles fur-
thest downstream exhibit the broad separated wake deficit typical

for this Reynolds number. The next frame is taken immediately

following the jet injection {=0.04 s). The profile at 73 percent is
attached, while at 77 percent and 81 percent the flow is unstable.
i The shed vorticity has just passed the 81 percent station and is

14z R sitting in the 89 percent boundary layer trace. By 0.08 s the

: ] profiles at 81 percent and 89 percent are beginning to reattach.

§ The 73-percent and 77-percent profiles show a discontinuity in

L their attached profiles which is the actual location of the VGJ jet

wake (there is elevated turbulence at these locations indicating

' ‘ increased mixing The initial shed vortex is now off the blade and

14zt ey is convecting downstream, having swept the blade virtually clean

: ] of separated flow. By=0.13 s, the ejected vortex shows up as the

“kick” in the last wake profile while the flow over the blade is
already moving toward controlled status. The pulse has terminated
at this point, but the boundary layer traces barely acknowledge
this fact. Att=0.18s, the flow over the blade is fully attached.
The wake is smaller and more localized. The last boundary layer
trace(97 percentcontinues to exhibit random fluctuations corre-
sponding to separation migration and periodic shedding between
“ 0.18 s and 0.5 s. Beyond 0.5 s, gradual relaxation proceeds until
% t=0.6's where the separation bubble has again engulfed the pro-
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Zors) . |7 Sl i { file at 81 percent and 89 percent and has just reached 77 percent.
asf 81%, 1 After t=0.72 s, the profiles have all resumed thieir0.0 (fully
Q05 63% .
- J ) S

0 5 10 15 20 25

1 separatedcharacter.

3 w This sequence of snapshots clearly documents the salient flow
features highlighted previously in Figs. 8 and 9. The pulse initia-

01s % a9 ! 1a2% T ] tion triggers the formation of a large vortex, which convects down
otk T a1 . i the suction surface pulling with it the largely stagnant, separated
15 2‘0

Bk

Time = 0.18 seconds

. fluid there. Attached flow is then established and remains in place
for over three times the duration of the VGJ pulse. Instability
growth at the blade trailing edge then gradually claims more and
more real estate until the original separated blade condition is
reestablished.
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Time = 0.5 seconda
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14 T Conclusions

§ The fluid dynamics associated with the implementation of
. pulsed VGJs on the suction surface of a prototypical LPT blade
= = = o profile have been documented in detail using phase-locked wake
and boundary layer velocity measurements. The experiments were
Fig. 11 Snapshots of flow over blade suction surface for ~ F*  performed in a low-speed linear cascade using a typical high per-
=0.012 and 4 percent duty cycle (mean B=0.05); boundary = formance blade shape with documented separation limitations at
layer profile positions indicated in Fig. 10; jet exit time history low Reynolds numbers. Pulsed injection was employed over a
shown at top wide range of dimensionless forcing frequencies from 0.012 to
7.7, at constant mean blowing ratio and at two duty cy¢les
percent and 50 percenfThe following conclusions are submitted
to gain insight into the physical mechanisms which determine ti@sed on the data presented:
time constants and oscillations associated with the pulse transiPulsed VGJs dramatically reduce suction surface boundary
tions, detailed boundary layer measurements are required. To thiger separation at low Reynolds numbers. Reductions in wake
end, phase-locked single component velocity measurements wegses of up to 60 percent were measured. The bulk effect on
taken at successive stations along the blade suction surface fregparation is insensitive to frequency over the range of£6.1
61 percentC, to beyond the trailing edge. Figure 10 illustrates the<7.7.
measurement stations relative to the VGJ location on Blade 5. AsThe sequence of events affecting the success of control include
shown in the figure, the final downstream profile actually intean initial transient as vorticity is shed due to the increased blade
sects the wake measurement station at©,6downstream of the circulation followed by the “on”(or controlled wakgcycle and a
trailing edge. All measurement lines are parallel and at the saffireal relaxation period. The relaxation period is related to a physi-
spanwise location. Figure 11 shows a composite picture of all thal time scale of the flowfield and acts as an effective multiplier of
boundary layer traces at eight distinct phases of the pulse cydige beneficial jet influence. Because this relaxation time is essen-
The individual boundary layer profiles at each phase are staggetieadly a constant of the flow, reducing the pulse duty cycle can
in the streamwise direction to represent their relative position greatly increase the “free” benefits of pulsed control. This behav-
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ior indicates that some economy of jet flow is possible by optBubscripts

mizing the pulse duty cycle and frequency for a particular appli-

cation.

Finally, phase-locked boundary layer data clearly show that it is
the starting transient of the VGJ pulse that initiates the vortex eq|

shedding and thus determines the response of the blade.

... ma
These results lead the authors to conclude that the application
of pulsed VGJs for low Reynolds number separation control on T =

LPT blades shows great promise.
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Improved Prediction of
Turbomachinery Flows Using
Near-Wall Reynolds-Stress Model

G. A. Gerolymos

J. Neubauer In this paper an assessment of the improvement in the prediction of complex turboma-

chinery flows using a new near-wall Reynolds-stress model is attempted. The turbulence

V. C. Sharma closure used is a near-wall low-turbulence-Reynolds-number Reynolds-stress model, that
is independent of the distance-from-the-wall and of the normal-to-the-wall direction. The

l. Vallet model takes into account the Coriolis redistribution effect on the Reynolds-stresses. The

five mean flow equations and the seven turbulence model equations are solved using an
Université Pierre-et-Marie-Curie implicit coupled QAx3) upwind-biased solver. Results are compared with experimental
91405 Orsay, Paris Francé data for three turbomachinery configurations: the NTUA high subsonic annular cascade,
o the NASA37 rotor, and the RWTH 1 1/2 stage turbine. A detailed analysis of the flowfield
is given. It is seen that the new model that takes into account the Reynolds-stress anisot-
ropy substantially improves the agreement with experimental data, particularily for flows
with large separation, while being only 30 percent more expensive than-ttzerkodel
(thanks to an efficient implicit implementation). It is believed that further work on ad-
vanced turbulence models will substantially enhance the predictive capability of complex
turbulent flows in turbomachineryDOI: 10.1115/1.1426083

Introduction The Reynolds-stress mode(®SM) are seven-equation clo-
sures, solving six transport equations for the six components of
the symmetric Reynolds-stress tensor, and one scale-determining
equation[65—67. An additional interest of these models for tur-
bomachinery applications is that the transport equations for the
ﬂ%ynolds-stresses contain exact Coriolis redistribution terms,

d as a consequence take naturally into account the effect of

rthtion on turbulence. Recently, a Reynolds-stress closure for
compressible separated flows, that is independent of the distance-
from-the-wall and of the normal-to-the-wall direction, and that

1. Correct modeling of steady and unsteady multistage effedfgludes near-wall terms allowing integration to the wall, has
(11,17 been developecﬂ_68] and validated for a number of configura-

2. Inclusion of technological detai[d3—15, which is mainly tions [70,71]. This closure has also been extended to rotating
a multiblock structured or unstructured grid management i§ows [69]. ) ) o
sue The purpose of the present work is to examine the predictive

3. Turbulence and transition modelifit6—18 capability of this RSM closure for turbomachinery configura-

tions, and to assess potential improvements compared to two-

An examination of computational methodologies for steadyquation closures. Results are presented for three turbomachinery

and unsteady turbomachinery flowsable ) indicates that the configurations:

Boussinesq hypothesis of tensorial proportionality between the .

Reynolds-stresses and the mean flow rate-of-deformation tensot. The NTUA subsonic 1 <0.7) annular cascad@2-74, a
[16] is almost invariably used, the more advanced models stator with thin rotor-like profiles, subjected to inflow with

Computational Fluid Dynamic&CFD) coupled to turbomachin-
ery specific steady{1-3] and unsteady[4—6] models, and
supported by carefully planed experimeriz-9], has greatly
enhanced our understanding of the complex flow phenome
encountered in multistage turbomachingrd0,11. There are
three major research areas where progress is necessary
improving the predictive capability of computational
methodologies:

solving two transport equation@n equation for the turbulence important radial gradients and exhibiting a large separation
kinetic energy and an appropriate scale-determining equation  at the hub, that computations using the Launder-Shdrma
Although two-equation models give better results than  —e closure fail to predict.

mixing-length models(and are independent of grid topolggy 2. The NASA37 rotor a well-known turbomachinery test-case
they do not take into account the anisotropy of the Reynolds- [75-78, for which mixing-length and two-equation closures
stress tensor. More importantly they ignore the misalignment of  fail to correctly predict the nominal-speed operating line.
the Reynolds-stress tensor and the mean flow rate-of-deformatior8. The RWTH 1 1/2 stage turbing’9,80, for which results
tensor, which can be important in complex three-dimensional using the Launder-Sharmia—e closure show very good
separated flows. Numerous variants of two-equation models agreement with measurements.

exist, but globally results are very similar between variants.

In order to improve upon the two-equation family, it seems

necessary to use models that handle properly the Reynoldéirbulence Model

stress tensor anisotropy. To the authors knowledge such modelghe mean flow equations and the turbulence closure used in the
have not yet been evaluated for three-dimensional turbomachingfgsent work are described in detail by Gerolymos and Vallet
applications. [68,69, and are summarized in the following for completeness.
The transport equations for the mean-fl#gs.(1)—(3)), and the
Contributed by the International Gas Turbine Institute and presented at the 4%yno|ds-stresseﬁ£q. 4), are written in a Cartesian reference-

International Gas Turbine and Aeroengine Congress and Exhibition, New Orle : ; ; i ; _
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turglfrfeanle rotating with constaritime-independentrotational veloc

Institute February 2001. Paper No. 2001-GT-196. Review Chair: R. Natole. ity Q=0Q;¢

86 / Vol. 124, JANUARY 2002 Copyright © 2002 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Table 1 Turbulence models used in three-dimensional turbomachinery CFD

authors date closure model space time
Hah[19] 1986 2-eq ARSM20] O(Ax?) upwind implicit PB
Dawes[2,21,279 1987 0-eq ML[23] O(Ax?) centered implicit
Hah[24-26 1988 2-eq k—e [27] O(Ax?) upwind implicit PB
Adamczyk et al[28-30 1990 0-eq ML[23] O(Ax?) centered RK+IRS
Chima[31,32 1990 0-eq ML[23] O(Ax?) centered RK+IRS
Lakshminarayana et d133—-35 1992 2-eq k—e [27] O(Ax?) centered RK
Denton[3] 1992 0-eq ML[3] O(Ax?) centered explicit+ MLTGRD
Dawes[36,37] 1992 2-eq k—e [38] O(sz) centered RK+IRS
Hirsch et al.[39,40 1993 0-eq ML[23] O(Ax?) centered RK+IRS
Arnone[41-43 1993 0-eq ML[23] O(Ax?) centered RK+IRS+MLTGRD
Turner and Jenniongi4,45 1993 2-eq k—e WF [46] O(Ax?) centered RK

Vogel et al.[47,48 1997 2-eq k— w7 [49] O(Ax?) centered RK

Ameri et al.[50,5]] 1998 2-eq k— w7 [49] O(Ax?) centered RK+IRS+MLTGRD
Furukawa et al[52] 1998 0-eq ML[23] O(Ax3) upwind implicit

Rhie et al.[53,54] 1998 2-eq k—e WF [46] O(Ax?) centered implicit PB
Gerolymos and Vallef55-57 1998 2-eq k—e [58] O(Ax3) upwind implicit
Arima et al.[59] 1999 2-eq k—e [27] O(AX%) TVD implicit
Fritsch et al[60,61] 1999 2-eq k—¢& WF [46] O(Ax?) centered RK+IRS
Sayma et al[63] 2000 l-eq 1-e(64] O(Ax?) centered implicit
present 2000 7-eq RSI68,69 O(Ax3) upwind implicit

WF=wall-functions; IRS=implicit residual smoothing; PBpressure-based; RKRunge-Kutta; MLTGRDB=multigrid; ML =mixing-length; ARSM=algebraic Reynolds-
stress model; RSMReynolds-stress modelynstructured

dp  dpW,
o», _ 1
gt ax 1)
W, I e o a )
o +(?T(I[PWiWHFp5i|]+210«‘3ij|QjW|JFP(?T(i[*ZQ R ]*TXI[TH*PWi wi]=0 2
d (, 1 d - ( .1
- 2p2) _ = - 2p2
J— —_— p— +_ —_—
3t[p\h’w 2QR) p 3xl[le\htw 2QR”
A g N
_a—xl[Wi(Til_PWin)_(%+Ph wi)]
( awl\ 8 — !
=—|P—pet+p' —|+—[pw]1+(—péy+7y) —
k—pPeETP x, axl[PWI] (=P outTy) ax, 3)
S,
— " " "
A I A Mt +W"T'+ww>+p'(%+%—3% )
= " ) "S, ey ! y
T+3_)cl(pwiijl) dx; i jou UM dx;  ox; 3 dxg Y
convection C.. diffusion dij redistribution qSij
ij
—~— —~— —~—~ (9‘3[74 —~—~ (ﬂX/, ow” ow"
— — — j = i i j
T (—2p€unQwiw, —2p€;, Qwiw,)+ —PWQ'WE’TM—PW}’WE’TM) - ( T;’a_xl + T;la_)c,
Coriolis redistribution Gij —
production P;; dissipation pe;;
2w} —dp —dp —OT; —OTy
S i 2 ST IS il ot R il LB il
3P ax, 7 W’z?xj Wfﬁxi Wi x; Y x; 4)

pressure-dilatation density fluctuation effects K;

wheret is the time,x, the cartesian space coordinates in the relar ()%, the absolute velocity componenisthe densityp the
tive frame-of-references;; the third-order antisymmetric tensor pressure, 7j; the viscous stresses() Favre-averaging,(-)
[81], &; the Kronecker symbo[81], R the radius (distance nonweighted-averaging;”) Favre-fluctuations(- ') nonweighted-
from the axis of rotation: R2:[xi—|Q|‘2ijjQi][xi fluctuations,h, =h+1/2W;W; the total enthalpy of the relative
—|Q|’2ijjQi]), W; the relative velocity component¥; =W, mean flow(which is different from the Favre-averaged total en-
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Table 2 Anisotropy tensor invariants and model functions for the pressure-strain closure
(Eg. 8)

&=y *§5|j§ A=8;=0; Ac=ayayi; As=ayddi; A= 1*§(A27A3)
Ci=1+2.58AAY 1 e (Rer150%]

R
C,=min[1,0.75+ 1.3 maf0,A—0.55]JAIm®(.25.0.5-13 ma{OA—O_Sq)][ 1— ma>{0,1— S_Er) }
N _gradl, [[1—e Rer30] K32

e,=n;g= o= |:_,
O gradt|T 1+2\/—+2A16 T

2 I{[1-e" Reﬁo]
cV1V=o.8:{1— 3(Ci=1)|lgradiy; |‘1V——1+2A08
2 1 I{[1—e Rer3
Cy=mafe = oljgradiyy; 1y=1EC
3 6C, 1+ 1.8A7@064)

thalpy h, =h-+1/2W,W,+k=h,_+k), h the specific enthalpy, ¢i;—pai;=[d;—p(z;—358;2)]

k=1/2w/w] the turbulence-kinetic-energyw; the frame- ot SV +
independent velocity fluctuation®,=1/2P,, the turbulence ki- = bt bzt At a5 dye
netic energy productioriequal to the trace of the Reynolds- s—Clpsaij—Cz(Pij+§Gij—§5ijP”)

stresses production tensBy;), ande the dissipation-rate of the
turbulence kinetic energyequal to the trace of the Reynolds-
stresses dissipation-rate tensgy). The symbol {) is used to
denote a function of average quantities that is neither a Favre-

H!

2 3=
+Ci K [PWkW NiNmij — 7 PWW; NiN;

average nor a nonweighted average. The foregoing equations are -3 w”w”n n1+cY NN Sii — 2 biroNN:
exact Favre-Reynolds-averaged unclosed equations. 2 PWW ;] + C2l AN — 2 ik
ConvectionC;; , Coriolis redistributionG;; , and productiorP;; -3 ¢jk2nkni]_ $5,e (8)

are exact terms. In the present mof&8, 69j direct compressibil-

ity effects K;;, pressure-dilatation correlation, and pressuréFhe model coefficients;,C,,Cy 1',C¥) are functions of the an-

diffusion are neglected. The triple correlations are modeled fakotropy tensor A,,As,A) and of the turbulence-Reynolds-

lowing Hanjalic and Laundef82]. The major improvements in number Re (Table 2. The pseudonormal directionappearing in

the present model concern the pressure-strain redistribution terthe echo terms is given by the direction of the gradient of a func-

The pressure-strain redistribution terms augmented by the dissifian of turbulence length-scall; and of the anisotropy tensor

tion tensor anisotropj83] are split into the slow and rapid partsinvariants(Table 2.

and the corresponding echo-terms. The slow pgrt is modelled The dissipation-rate of the turbulence-kinetic-enetgig esti-

by a simple quasi-linear return-to-isotropy model whose coeffinated by solving a transport equation for the modified-

cient has been optimized by Launder and Shii@8] so as to dissipation-ratgd93] e* =¢— 2u(grad\/12)2 (v the kinematic vis-

account also for the anisotropic part of the dissipation teegor cosity). The wall boundary-condition is? =0, offering enhanced
—2/38j;e. The closure for the rapid terms uses an isotropizatiofumerical stability.

of-absolute-flow-production mod¢84—86. The echo terms are  The modelled Launder-Sharni&g] equation, with a tensorial

computed in the usual wdy7], but the unit pseudonormal direc- diffusion coefficienf90] is used

tion €,=n;€, is approximated by the gradient of a function of the ~ __

turbulence Iength scalg, of the anisotropy tensor invariants, and ~ dpe* R o i St K _—~—\ de*
of the Lumley flatness parametar[88], thus making the model oo - (Wipse®) 13q+C, o PWiW 9%y
independent of wall topology89]. The effect of the distance- . .
from-the-wall is included in the function8} andC% . The final € —&* KT oo,
model is cslpk k CSZP k P (V W) (9)
C,=0.18: C,,=144; C,=1.921-0.3 "%’ (10)
owy J— —
Kij=0; p 7—0; pW'=0; w/=0; S;=—(P—pe) The turbulent heat- qu>ph” " is closed by a simple gradient
' model[68]
(5) B
= MmC T Y o A
— phwi= Pr dx;’ Cp_y—le’ pr=CupnRe;
I | ==, OWIW (11)
dj=——| —pWiW; Wit % (6) , k2
— —3.4(1+0.02 R . —
C,=0.0 341+0.02RG)%, Re*r—;w*
. k| — aw”w[(’ L (yw wherec,, is the heat capacity at constant pressure,tRe turbu-
wiwiwy=—Cs—| wi'w/ ' +W}’wi’—' lent Prandtl numbefin the present work R=0.9 to obtain the
€ 2 2 correct recovery temperature for turbulent flow over an adiabatic
e wall), and R§ the turbulence Reynolds number based on the
Fwiw'—|; Ce=0.11 (7) modified dissipation [93] e*=g—2v(grad\k)?> (¢ being
IX| turbulence-kinetic energy dissipation, anthe kinematic viscos-
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ity). The thermodynamics of the working gas and the mean vis- Table 3 Configurations studied
cous stresses and heat-flux are approximated by standard closere

assumption$68,90,91 NTUA 1 NASA 37 RWTH 1
T3 Ryug (M) 0.244 0.175-0.194 0.245
o~ _ymlo ~ T Ts+273.15  Reagne (M) 0.324 0.237-0.258 0.3
p=pRyT=p——h; M=M(T)=,u273273 137 = x (m) 0.1 ~0.056 ~0.06
Y : Ts+T Re, ~10° 1.33-2.10x 10° 0.20-0.45x 10°
- Ng 19 36 36-41-36
. ~ w(T) ~ RPM 0 17188.7 3500
k=k(T)=Kky7s—[1+A (T—273.15] (12) m(kgs Y 13.2 19.2-20.9 8.2
H273 o1 0.988 1.95-2.15 11.2
~ ~ ~ ~ p, (Pa) 97000 101325 169500
— AW W, 20w ) — 4T T (K) 288.15 288.15 305.75
Ti= M ox + ox 3 ox Gij | di=— Ko (13) Ty 4 percent 3 percent 3 percent
i i ' i 8ie (M) 0.014 0.005 0.0025
where y is the isentropic exponenR, the gas-constanf the I, 0 %-825 0%05 00005
dynamic viscosity, andx the heat conductivity. For aiRy i_CASING( ) 0 0 0
=287.04Ms 2K, y=1.4, u,=17.11X10°Pas, k3 _. oASNe
=0.0242Wm*K™1, Ts=110.4K, andA,=0.00023 K L Ryug=flowpath radius at the hulRcasine=flowpath radius at the casing:=chord;

Re,=Reynolds-number based on inflow relative velocity, blade-chord, and viscosity
at inflow conditions; RPMrevolutions per minute;Ng=number of blades;

Numerics and Inflow Conditions m=massflow; m;_r=total-to-total pressure-ratio; py, =inflow total-pressure;
. : Ty=inflow  total-temperature; Tui:turbulence intensity at inflow;
The ComDUtatlonal method used is based on the solver dev§| =boundary-layer thickness at inflow on the hudb; =Coles parameter at

Oped by GerOIymOS and ValIéQO,QJ;!. Turbomachmery COMPU- jrfiow on the hub; & =boundary-layer thickness at inflow on the casing;

tations use multiblock structured grifl§5—57 which are gener- 1 =Coles parameter at inflow on the casing

ated biharmonically92]. The mean-flow and turbulence-transport

equations are written in thex{y,z) Cartesian rotatindgrelative

coordinates system, and are discretized in space, on a structured

multiblock grid, using a third-order upwind-biased MUSCL Annular Subsonic Cascade. The experimental set up is an

scheme with Van Leer flux-vector-splitting and Van Albada limitannular compressor cascade studied at the Laboratory of Thermal

ers, and the resulting semi-discrete scheme is integrated in tifi¢rbomachines of the National Technical University of Athens by

using a first-order implicit proceduri&5,90,93. The mean-flow Doukelis et al.[72-74. The measurements were taken at inlet

and turbulence-transport equations are integrated simultaneouM§ich numbers of~0.6. Although the experiment was initially

Source-termgcentrifugal, Coriolis, and RSMare treated explic- intended to investigate the effects of clearance between the blade-

itly. The local-time-step is based on a combined convedi@@u- tip and the hub, the reference case with clearafige=0 is a

rand and viscousvon Neumani criterion. The boundary condi- Very interesting test-case, because of the experimentally observed

tions which are applied both explicitly and implicitly, using alarge hub-corner-stall.

phantom-nodes-technique at grid interfaces, are described in detalPreliminaryk—e computations failed to predict the large sepa-

by Gerolymos et al[55]. ration region, and as a conseqguence gave very poor agreement
Inflow profiles of total-pressure, total-temperature an@ith measured outflow angles. The incoming flow is quite com-

Reynolds-stresses are obtained by fitting, near the hub and Eiex, because the swirl necessary to obtain the desired inlet flow-

casing, analytic boundary-layer profiles of velocity, temperatuggle was experimentally obtained by using a sdaid not sta-

and turbulence variables, in a manner similar to Gerolyf88 tor vanes. As a consequence inflow profiles of total-presspye

The velocity and temperature profiles are based on a van Driesid flow-anglea), contain important radial variationd=ig. 1).

[94] transformation of the Spalding profil®5], augmented by a The turbulence intensity at inflow was experimentally estimated at

Coles wake function[96]. Turbulence kinetic energy andthe high values of 3—4 percent. The valmgi=4 percent was

dissipation-rate are obtained by a local equilibrium hypothesig,plied as inflow condition in the computatiofEable 3.

Py=pe* (where the eddy viscosity is obtained using the Spalding Comparison of computed and measured pitchwise-averaged
profile [95] in the inner part, and Clauser’s eddy-viscog®y] in  quantities at inflow and outflow planéBig. 1) shows substantial
the outer part of the boundary-laygrghe Reynolds-stresses aregifferences between the present RSM and the Launder-SHarma
obtained using constant flat-plate boundary-layer structure valueg [58] predictions. These computations were run using_grid
[98]. The basic initialization procedure is two-dimensional. It i$f 2.3 108 points (Table 4. This is a rather fine grid With"vt

applied in a frame-of-reference where the wall is fixed, and with 23,4 eyerywhere. At the inflow plangsituated 0.2 axial chords
coordinate-system aligned to the external flow-velocity. A full de

- ; : . xx downstream of the computational inflow plane where the in-
scription of the procedure for three-dimensional internal ﬂow#OW profiles are appliedit is seen that both models accurately

containing solid corners is given by Valle100], and has been gjmjate the radial distributions afy, andp;,,. They show, how-

applied to turbomachinery by TsanfE01]. ever, a difference in the turbulence profiles near the hub, due to a
different development from computational inflow downstream, the
Comparison With Measurements RSM computations predicting a lower level of turbulence near the
. . . hub (unfortunately no detailed measurementskgf were avail-
Configurations Studied. The proposed Reynolds-stress cloyp|a At the outflow the RSM computations correctly predict the
sure has been assessed through comparison with measuremgiarimentally measured high swirl near the hub. This swirl is
and with computational results using the Launder-Shakma  agsociated with a large hub-corner-stall, on the suction-side of the
closure[58], for three turbomachinery configuratiofi$able 3. pjades(Fig. 2). The Mach-number plots show the large separation
Fo_r the three cases a careful study of grid-conv_ergen(_:e of COMPYadicted by the RSM computations on the suction-¢fdg. 2).
tational results was undertakéfable 4. The nondimensional dis- The flow has to go around the separation bubble, and this results
tance from the wall of the first grid point nearest tonif, in high outflow swirl at the hulcorresponding to substantial un-
=An,u, v, (whereu, is the friction velocity,An,, the distance derturning at the hubin accordance with measuremeffg. 1).
from the wall, andy,, the kinematic viscosity at the walls an Thek—e computations substantially underestimate the separation
important parameter, which, for transonic flows with boundaryregion(Fig. 2), and as a consequence predict lower than measured
layer separation, should not exceed B30]. swirl at the exit of the cascad€ig. 1). These differences between

IcasinGg
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Table 4 Computational grid summary

UH 0 DH TC oz point$ n* +
Wg Wep
NTUA 1
grid B 17X47X 69 201x49X 69 51x51x 69 914 181 <0.7 <0.7
grid D 17X47x141 201x53x141 91x51x141 2269113 <0.7 <0.7
grid E 17x47x141 201x81x141 91x51x 141 3062661 <0.7 <0.7
NASA 37
grid B 49x41X 65 201x45X 65 81X61X 65 201x11x21 201x21x31 1149421 <0.3 <15
grid C 49x41x101 201x53x101 81x61x101 201X 17x31 201x21x41 1955 587 <0.3 <1.0
grid D 49x41x161 201x53x161 81x61X165 201x17x41 201x21x61 3067 042 <0.3 <0.5
RWTH_1
grid A 31x25X 51 181x31x 51 41x31x 51 181x21x21 181x21x31 1010772 <10. <5.0
grid B 31X31x 65 201x49X 65 41x41X 65 201x21x21 201x21x31 2265 346 <1.0 <15
grid C 31x31x 81 201x49x 81 41x41x 81 201x31x31 201X 26X46 2957 250 <1.0 <1.0
grid D 31x31x121 201x49x121 41x41x121 201x31x41 201X 26X61 4359 380 <1.0 <0.7

UH=upstream-H-gridaxialx tangentiak radia); O=blades-O-grid(around the bladeaway from blad&radia); DH=downstream-H-gridaxialxtangentiak radia); TC
=tip-clearance-O-gridaround the bladeaway from bladeradia); OZ=0-zoom-grid(around the bladeaway from bladeradia); 'without O-grid points overlapped by

the OZ-grid;n,, =n,, on the bladesn,, _=n,, on the flowpath

the two models are also seen in the plots of turbulence-kinetigas 69 radial surfaces, and satisfactafy (<0.7), both on the
energyk (Fig. 2), where one can also observe the larger wakegwpath walls and on the blades. Grid refinement strategy main-

predicted by the RSM computations. Comparison of computggineq the size of the first grid-cell away from the walls, by using
and measured total-pressm% distributions at cascade exFig. more points with a lower stretching near the walieometric

1) indicates good agreement. The RSM computations slightly,etching was invariably usd62]). Grid D of ~2.3x 10° points
overestimate losses near the hub. This, together with the slighlys ) 4 "o g stations, and slightly more blade-to-blade points
higher than measured values af,, suggest that the present . . .
model slightly overestimates the separated flow region, a probléf@bPle 4. Grid E of N_3X106 points has the same radial resolu-
attributed rather to delayed reattachment than to extensive sep&{l @s gridD, but a finer blade-to-blade gri@1 points from the
tion. It is indeed believed that the predicted separation is not té#ade surface to mid-passage, corresponding to 161 points from
thick, but that it does not end as abruptly as it should. one blade to its neighbprin order to examine the influence of

In order to assert grid independence of the results, computatidiiade-to-blade refinemeiiTable 4.
were run using different gridéTable 4. Grid B of ~10° points It should be noted that both the radial refineméntid_B to
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Fig. 1 Comparison of measured and computed (using the present RSM and the Launder-Sharma k—e [58]) pitchwise-
averaged flow-angle e, total-pressure Pty and turbulence-kinetic-energy ky for the NTUA 1 annular cascade (m
=13.2kgs™!; T,=4 percent; grid _D)
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Fig. 2 Comparison of Mach-number M and turbulence-kinetic-energy kK computed (using the present RSM and the Launder-
Sharma k—e [58]), at 25 percent span (m=13.2kgs ™%, T,=4 percent; grid _D)

grid D) and the blade-to-blade refinemegrid D to grid E) are  flow at nominal speednc,=20.93+0.14kgs*. The nominal
substantiakfactor 2. Both thek—& and the RSM computations tip.clearance-gap is 0.356 mfii5]. The measurements uncertain-
(Fig. 3 indicate that doubling the number of points radially €Nfies were reported by SudEr8]: massflown=0.3 kg s %; abso-

hances the prediction of the separation red@® deg ina), for o+ . + .
the k—e, and 4.5 deg inxy for the RSM. The blade-to-blade lute flow angle ay *1.0deg; total pressurptM_loo Pa; total

refinement(grid E) was investigated for both closuréBig. 3, temperaturel, +0.6 K.
and results are identical with the results of giid It is believed Computations by numerous authors
that grid D is adequate, although computations with an even fingt3,26,32,56,59,77,102,1Dp3ising a wide variety of turbulence
grid (radially) would be needed to demonstrate this assertion. fiodels and numerical methods, highlight the predictive CFD
should be noted that even the coarse @itRSM computations state-of-the-art for this configuration. A careful examination of the
are better than the fine grid k—e (Fig. 3), underlining the sub- computations indicates that, in the limit of grid-converged results,
stantial improvement in flow angle prediction by the RSM clopoth zero-equation and two-equation models overestimate the
sure. This improvement is associated with a better prediction @fiz|-to-total pressure ratiar;_7 as a function of massflown.
the separated flow structure. The zero-equation models overestimate_ by ~3 percent,
Transonic Compressor Rotor. The NASA 37 transonic rotor Whereas the two-equation models overestimaie r by ~1.5
[75—78 is a well known turbomachinery test-case. Experiment&®€ercenf103]. Grid convergence is important, as demonstrated by
data for the NASA37 transonic rotor were obtained at variougomparing the results using the-& model of Chien[27] ob-
measurement planes, using both LIMASER Doppler Velocim- tained by Hah and Loellbacf26] using ~1.9x 10° points grid
etry) and classical rake measurementsppf and T, (the aver- and by Arima et al[59] using ~0.6x 10° points. The latter grid
aging procedure-()y, is described in Davis et dl76]). This rotor was particularly coarse in the blade-to-blade direction, and as a
has 36 blades, nominal speed 17,188.7 RPM, and maximum masmsequence underestimated choke massiipyy (20.77 kg §*
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Fig. 3 Study of grid-convergence of computed (using the present RSM and the Launder-Sharma k—e [58]) pitchwise-
averaged flow-angle «,,, and total-pressure p¢,, at the exit of the NTUA _1 annular cascade (m=13.2kgs™%; T,=4 percent)

instead of the measured value of 20.93 k)swhich was cor- tic. The improvement of the agreement with measurements is sub-
rectly predicted by the fine grid computations by Hah and Loelstantial, compared to tHe— e results(Fig. 4). Examination of the
bach[26]. The associated increased blockage gave a seeminghanwise distribution of pitchwise-averaged total prespyreat

good prediction of pressure-ratio in the coarse grid computatiogstion 4, for various operating points shows that the improvement
[59], but the characteristic is translated towards lower massflQ@ mainly due to the accurate prediction between 40 percent and
(in terms of dimensionah), and the results are not representativgg percent spafFig. 4), where the RSM resullts closely follow the
of the grid-converged model performance. o experimental data, improving upon tke-& computations. There

If the form of the spanwise distribution of the pitchwise averis aiso noticeable improvement in predicting e deficit near
aged total pressurp; downstream of the rotor is considered : M ;

v . ) the hub(where the nonsimulated massflow leakage might account

there are two regions of discrepancy with measurementst 1oy the remaining discrepangyfor all operating pointgFig. 4).
local peak ofp,, near the casing, corresponding to a too Strongn, the other hand, the RSM model fails to correct the paragite

tip-clearance vortex, and 2 p;, deficit near the hulgthis deficit heak near the casing, indicating that the relaxation behavior of the
is attributed to both an underestimation of hub-corner stall by thgodel must be improved. Comparison of computed and measured
models[26] and to massflow leakage emanating from a small gagpanwise distributions of pitchwise-averaged absolute flow angle
between the stationary and rotating parts of the hub upstreamgjf at station 4 for the different operating poir(Sig. 4 shows
the rotor[13] which was not modelled in the computations good agreement between the two models and the experiment. The
Previous studies by the authdrS5,56 using the same grid- RSM results underestimaig, by ~1 deg, which is within mea-
generation methodolod¥?2] and the same numerical scheme, bu§urement accurady 8], whereas th&— ¢ results are very close to
with the Launder-Sharmé&—e turbulence mode[58], include the experimental data.
grid-convergence studies using 1, 2, and B’ points(Table 3, In order to understand the mechanism responsible for the im-
indicating that results with gri€ (2x 1¢° pointg are practically proved agreement with measurements, the isentropic Mach-
grid independent. Based on these results, all the computationsmber distributionsM ;¢ [69] at 70 percent spaiFig. 5 are
presented here were run on gidof ~3x 10° points(Table 3. examined. At operating point 1, the RSM results predict a flow at
The computational grid consists of an H-O-H grid with 161 radighe limit between started and unstarted reg[h@4], whereas the
stations. Tip clearance is discretized using an independent O-typees computations indicate that the flow is started, with a clearly
grid with 41 radial station§55,92. Comparison of the measuredvisible pressure-side shock-waf€ig. 5. On the suction-side the
characteristid 71_1 between stations 1 and 4 versug at nomi- RSM results predict a shock-wave locatiets percenty, further
nal speedFig. 4 with computations using the new RSM closureupstream compared to the- e computationgFig. 5. This point
[69] and the Launder-Sharnka- ¢ turbulence moddl58] indicate is choked, so that the correspondence between experiment and
that the RSM results follow closely the experimental characterisemputations is taken at the same pressure-fatid same mass-
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Fig. 4 Comparison of measured and computed  (using the present RSM and the Launder-Sharma  k—e [58]) radial distribu-
tions of pitchwise-averaged flow-angle a,v, and total-pressure p, , for various operating points at design-speed, for

NASA _37 rotor (m=20.85, 20.79, 20.65, 20.51, 20.12, 19.78, 19.36 kgs ~*; T,=3 percent; &7-=0.356 mm; grid _D)

flow), corresponding to different shock-structures in the two modboundary-layer interaction. Another improvement of the RSM clo-
els. For all the other operating points the flow is unstafi®#], sure is a more pronounced, peak very near the hulfrig. 4), for
with the RSM results predicting the suction-side shockwave sygy operating points, indicating a better prediction of hub second-
tematically ~5 percenty, (yy=axial chord upstream of thek ary flows.

—e¢& location. Similar conclusions are drawn at other spanwise

locations. It is plausible that the main improvement brought by the Turbine 1 1/2 Stage. Finally computations were run for a 1
RSM closure is an improved prediction of the limit betweed/2 stage axial flow turbine, experimentally investigated at the
started and unstarted flow, attributed to a better prediction bfstitut fur Strahlantriebe und Turboarbeitsmaschinen of the
blockage [78], because of a better prediction of shock-waveRWTH [79,8(. Steady three-dimensional multistage computa-
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Fig. 5 Computed (using the present RSM and the Launder-Sharma  k—g [58]) isentropic-Mach-number distributions at 70

percent span for various operating points at design-speed, for NASA _37 rotor (m=20.85, 20.79, 20.65, 20.51, 20.12, 19.78, 19.36
kgs™%; T,=3 percent, 67,=0.356 mm; grid D)
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Fig. 6 Measured and computed (using the present RSM and the Launder-Sharma  k— & [58]) radial distributions of pitchwise-
averaged total pressure P, and flow angle a,, for RWTH _1 turbine 1 1 /2 stage (m=8.23kgs™'; T,=3 percent; 67,=0.4mm;
grid D)
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Fig. 7 Computed entropy and turbulent kinetic energy plots at various axial planes in the rotor of the RWTH _1 turbine 1 1/2
stage (m=8.23kgs™'; T,=3 percent; &7-=0.4mm; RSM grid _D)
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tions for this configuratio(Table 3 have been compared with ment with measurements is quite good, for both turbulence mod-
measurements by Emunds et[dl05], who used a mixing-length els, except at-20 percent span, where a slight dipdg, , asso-
turbulence mode[23]. Volmar et al.[106] have performed un- ciated with an important dip irptM, is not correctly predicted.
steady computations with time-lagged pitchwise periodicity foemunds et al[105] argue that this location corresponds to the
this configuration, using &—e model[27]. Gallus et al[107] interaction between the nozzle-hub and the rotor-hub secondary
have performed both steady and unsteady computations, for thgtices.
stage without the outlet-guide-vane, using-as model[27]. The grid influence on results is illustrated by comparing the
In the present work we have performed steady-multistage cofgsults obtained using the different griEable 4 and the two
putations using four different grids of 1, 2.3, 3, and ¥’  turbulence models for the,, distribution at rotor exit(Fig. 8.
points (Table 4 with 51, 65, 81, and 121 radial stations, respecconcerning the RSM computations, it is seen that the coarsest
tively. The multistage method is based on a mixing-plane agrid A with 51 radial stations fails to predict correctly the struc-
proach between blade-rows, and is described in detail in Gerotyire of the secondary flows. It should be noted that this grid has
mos and Hanisch[57]. The meridional averages that are nacceptably high values of, =5—10(Table 4. The RSM com-
conserved across the interface are density, mass-weighted Vel ions on gricB with 65 radial stations and;,~ 3/2 (Table 4
g(_es,. static pressur(;, Reyr;]qldsbstresses, anq klr:qgtlc-zne ¥es a good job in predicting the structure of the secondary flows
; |SS|pat|0n-ra_1te{57]._T e matching between rows Is achieve us'verywhere, except near the casing where it fails to correctly de-
Ing overlappm_g grlds_that allow matching of bOth. _values andcribe the tip-leakage vortex, associated with thg-peak at 96
ng&uggggvg\gﬁﬁu%ag'teg: iﬂiéﬂgc%%g?erved quantities, ensu”Bgrcent spaiFig. 8). This is improved in+the RSM computations
Comparison of measured and computed pitchwise-averaged ?H-Qr'd—c V\.'h'Ch has 81 radial statlonﬂ_w<1_, and a finer gr_ld
tal pressurep, and absolute flow-angley, at various axial sta- within the tip-clearance-gagrable 4. This grid predicts the tip-
) . M . eakage vortexyy-peak at 96 percent span, but not the undulation
tions (Fig. 6) indicates that th_ere is close a_greenjent between t £90 percent span, corresponding to the interaction between tip-
RSM and thek—e computations on the fine gril (4.4x10° (jearance and the casing secondary vo(feg. 8. Finally, the
points. Agreement with measurements is good for the flow-anglggs computations on gri® with 121 radial stations predict cor-
ay , but the cqmputations slightly overestimate the total PressYctly the secondary flows. Examination of the & computations
Py, at rotor exit(plane 3, and as a consequence at the stage ek, grid B and gridD reveals the interesting feature that although
plane 3. This overestimation corresponds te-h5 percent un- both models give similar results on the fine giid the RSM
derestimation of turbine expansion ratio. computations are substantially better on the coarse Bjricom-
The form of the radial distribution qth is nonetheless very pared to thek—e computations on the same gr(Big. 8).
well predicted(Fig. 6). Volmar et al.[106] note that there are
some slight inconsistencies in the experimental dateasure-

ments were taken at different planes for slightly different values onclusions and Perspectives in Turbulence Modelling

m, and different values of inlet total pressuysg). In our compu-
0 Ig the present work a new near-wall low-turbulence-Reynolds-

tations the same problems were encountered. As there was som ;
uncertainty concerning massflow, it was preferred to run the COlw_meer Reynolds-stress mod&SM), that has been designed to

. S 1 - be completely independent of wall-topologgtistance-from-the-
putations at a _masstflcln\m 8.;3_kg 8785k|Igh7t|E/ higher t?anhthe wall and normal-to-the-wall orientationhas been evaluated by
average experimental masstiome,,=okgs =, S0 as 10 have comparison with experimental measurements, and with results us-
good agreement in rotor outflogplane 2 anglea,, (Fig. 6). This

) h ; ; X 20 ing the Launder-Sharmk—e¢ model, for three turbomachinery
resulted in the slight difference Py, level. This choice(instead configurations. To the authors knowledge, this is the first time that

of fitting p,,, with a corresponding discrepancy ;) was taken a full near-wall second-moment closure is applied to complex
because of our interest in the secondary flow phenomena at ratmee-dimensional turbomachinery configurations.

exit (Fig. 7). Each peak on the rotor-exity, (Fig. 6) distribution For the NTUA1 subsortic annular cascade, the RSM closure
can be identified with a secondary flow-peak in entropy anmbrrects the deficiency of tHe—e model, by predicting the large
turbulence-kinetic energy distributiofBig. 7). The overall agree- suction-side hub-corner-stall observed experimentally. This results
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ina Substantia”y improved prediction of cascade-exit f|ow-ang|e[6] He, L., 1992, “Method of Simulating Unsteady Turbomachinery Flows with

. . . P Multiple Perturbations,” AIAA J.,30, pp. 2730—2735.
distribution, resulting from a better prediction of the complex [7] Riel, W., and Evers, B., 1985, “Die Straing in mehrstufigen Turbinen mit

three-dimensional separate_d flow structure. langen Schaufeln bei Schwachlast- und Leerlaufbetrieb,” VGB Kraftwerk-
For the NASA37 transonic compressor rotor, the RSM closure  stechnik,65, pp. 1020-1026.

improves the massflow versus pressure-ratio operating-map pres] Leylek, J. H., and Wisler, D. C., 1991, “Mixing in Axial-Flow Compressors:

diction, by improving the prediction of the radial distribution of ﬁgﬁ&“ﬁi"?&b’iﬁgﬁh grfé"pﬁs';i‘feegsrokes Analyses and Experiments,”
total-pressure, through a better prediction of rotor-shockwaveg; suger. k. L, Chima, R. V., Strazisar, A. J., and Roberts, W. B., 1995, “The

structure(and of shock-wave/boundary-layer interacjioim par- Effect of Adding Roughness and Thickness to a Transonic Axial Compressor
ticular, the rotor spill-point(where the flow at the tip becomes Rotor,” ASME J. Turbomach.117, pp. 491-505.
unstartedlis correctly predicted. [10] Denton, J. D., 1993, “Loss Mechanisms in Turbomachines,” ASME J. Tur-

; . bomach.,115 pp. 621-656.
For the RWTHL1 1 1/2 stage axial flow turbine, both models [11] Adamczyk, J. J., 2000, “Aerodynamic Analysis of Multistage Turbomachinery

give good prediction of the flow, with the RSM model being Iess-" ~ Fiows in Support of Aerodynamic Design,” ASME J. Turbomact2?, pp.
grid-sensitive than th&—e model, an important advantage for 189-217.

industrial applications on relatively coarse grids. In this case thé-2] Sikowski, P. D., and Hall, K. C., 1998, *A Coupled Mode Analysis of Un-
k— & results on the fine grid are very satisfactory, because there js S1e2dy Multistage Flows in Turbomachinery,” ASME J. Turbomad&g pp.

. . 410-421.
no substantial flow separation. ] ] ) [13] Shabbir, A., Celestina, M. L., Adamczyk, J. J., and Strazisar, A. J., 1997, “The
Globally, the present RSM closure yields invariably better re-  Effect of Hub Leakage on 2 High Speed Axial Flow Compressor Rotors,”
sults than thé— e closure, especially when flow separation domi-  ASME Paper No. 97-GT-346.

; it i ; R ]14] Wellborn, S. R., and Okiishi, T. H., 1999, “The Influence of Shrouded Cavity
nates the flowfield. For flows with little separation, the improve Flows on Multistage Compressor Performance.” ASME J. Turbomac,

ment is marginal, but for all the configurations studied by the ;" 4g5_408.
authors results are invariably better with the RSM closure. Expg15] Wellborn, S. R., Tolchinsky, I., and Okiishi, T. H., 2000, “Modeling Shrouded
rience with the model shows that it is as robust askthe model, Stator Cavity Flows in Axial-Flow Compressors,” ASME J. Turbomadf22,

; A ; ; pp. 55—61.
.and (;omputlng time-requirements are Only 30 percent hlgher P {6] Lakshminarayana, B., 1986, “Turbulence Modeling for Complex Shear
iteration. When the RSM closure captures complex separated fl Flows,” AIAA J., 24, pp. 1900-1917.

structures, convergence may be slower so that a factor 1.5 7] Mayle, R. E., 1991, “The Role of Laminar-Turbulent Transition in Gas Tur-
overall computing-time requirements is estimated. bine Engines,” ASME J. Turbomachl13 pp. 509-537.
The basic drawback of the model, as established from CompaﬁLB] Bradshaw, P., 1996, “Turbulence Modeling with Application to Turbomachin-

. . . ery,” Prog. Aerosp. Sci.32, pp. 575-624.
sons with eXpe”mental data for basic ShOCkwave/boundary'lay?b] Hah, C., 1986, “A Numerical Modeling of Endwall and Tip-Clearance Flow of

interaction flows, is a too slow relaxation after the interaction, and ~ an Isolated Compressor Rotor,” ASME J. Eng. Gas Turbines Pdi@8;, pp.
a delayed reattachment. As a consequence, blockage is slightly 15-21. _ _ _ _
overpredicted. Furthermore, the model does not improve upon tfhePl Hah, C., 1987, “Calculation of 3-D Viscous Flows in Turbomachinery with an

- i N, . .. Implicit Relaxation Method,” J. Propul. Powes, pp. 415-422.
k—e results in the prediction of the tip-clearance vortex MIXiNG[21] pawes, W. N., 1987, *A Numerical Analysis of the 3-D Viscous Flow in a

with the main flow, but this is again a problem of too slow relax- Transonic Compressor Rotor and Comparison with Experiment,” ASME J.

ation (mainly observed in they, -peak near the casing for the Turbomach. 109, pp. 83-90.

M [22] Goyal, R. K., and Dawes, W. N., 1993, “A Comparison of the Measured and
N_ASA-37 rot_or casp In summar_y, the new model co_rrgctly pre- Predicted Flow Field in a Modern Fan-Bypass Configuration,” ASME J. Tur-
dicts separation, but should be improved in the prediction of reat- bomach. 115 pp. 273-282.

tachment. These are two different processes. The separation 128 Baldwin, B., and Lomax, H., 1978, “Thin-Layer Approximation and Separated
been controlled in the model by an improved quasi-linear mOd%gzq Algebraic Model for Separated Turbulent Flows,” AIAA Paper No. 78—-257.

. . . Hah, C., Bryans, A. C., Moussa, Z., and Tomsho, M. E., 1988, “Application of
of the rapld pressure-strain term. The control of reattachmant Viscous Flow Computations for the Aerodynamic Performance of a Backswept

dependently of separatipris currently under investigatiofim- Impeller at Various Operating Conditions,” ASME J. Turbomachl0, pp.
provede equation, or 2-scale model 303-311.
Despite the aforementioned drawbacks, the new RSM offefg3] Copenhaver, W. W., Hah, C., and Puterbaugh, S. L., 1993, “3-D Flow Phe-

. . . nomena in a Transonic, High-Throughflow, Axial-Flow Compressor Stage,”
more confidence in CFD results than 2-equation closures, and also agye 3. Turbomach.115 pg. 240—238. ’ ’

more possibilities for improvements, since it offers a better dee| Hah, C., and Loellbach, J., 1999, “Development of Hub Corner Stall and Its
scription of turbulence structure. It is believed that further valida-  Influence on the Performance of Axial Compressor Blade Rows,” ASME J.

i i Turbomach.121, pp. 67-77.
tion work, and further developmen'.[s. in such ad.vanced turbmen%%‘?] Chien, K. Y., 1982?“Predictions of Channel and Boundary-Layer Flows with
_Closures(as opposed to oversimplified 1'_equat'0n closrel a Low-Reynolds Number Turbulence Model,” AIAA 20, No. 1, pp. 33—-38.
improve the state-of-the-art of turbomachinery CFD. [28] Adamczyk, J. J., Celestina, M. L., Beach, T. A., and Barnett, M., 1990, “Simu-
lation of 3-D Viscous Flow within a Multistage Turbine,” ASME J. Turbom-
ach.,112, pp. 370-376.
[29] Mulac, R. A., and Adamczyk, J. J., 1992, “The Numerical Simulation of a
ACknOW|edgmentS High-Speed Axial Flow Compressor,” ASME J. Turbomachl4 pp. 517—
: . 527.

_The computations presented were run at the Institut pour lgy Jon o 5 3. Celestina, M. L., and Greitzer, E. M., 1993, “The Role of Tip
Developpement des Ressources en Informatique Scientififse Clearance in High-Speed Fan Stall,” ASME J. Turbomagt5, pp. 28—39.
RIS), where computer ressources were made available by the C@1] Chima, R. V,, and Yokota, J. W., 1990, “Numerical Analysis of 3-D Viscous
mite Scientifique. The research scholarships of V.C.S. and J.N. Internal Flows,” AIAA J., 28, pp. 798—806.
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Introduction

Recent trends in engine development have led to increased
terest in low Reynolds number flows in turbines. These tren
include increased bypass ratios, resulting in lower core flow.
higher stage loading to reduce weight and cost, and increasoer
interest in higher efficiency at altitude to reduce emissions arI]]qJ

Measurements in a Turbhine
Cascade Flow Under Ultra Low
Reynolds Number Conditions

With the new generation of gas turbine engines, low Reynolds number flows have become
increasingly important. Designers must properly account for transition from laminar to
turbulent flow and separation of the flow from the suction surface, which is strongly
dependent upon transition. Of interest to industry are Reynolds numbers based upon
suction surface length and flow exit velocity below 150,000 and as low as 25,000. In this
paper, the extreme low end of this Reynolds number range is documented by way of
pressure distributions, loss coefficients, and identification of separation zones. Reynolds
numbers of 25,000 and 50,000 and with 1 percent and 8-9 percent turbulence intensity of
the approach flow (free-stream turbulence intensity, FSTI) were investigated. At 25,000
Reynolds number and low FSTI, the suction surface displayed a strong and steady sepa-
ration region. Raising the turbulence intensity resulted in a very unsteady separation
region of nearly the same size on the suction surface. Vortex generators were added to the
suction surface, but they appeared to do very little at this Reynolds number. At the higher
Reynolds number of 50,000, the low-FSTI case was strongly separated on the downstream
portion of the suction surface. The separation zone was eliminated when the turbulence
level was increased to 8-9 percent. Vortex generators were added to the suction surface of
the low-FSTI case. In this instance, the vortices were able to provide the mixing needed to
re-establish flow attachment. This paper shows that massive separation at very low Rey-
nolds numbers (25,000) is persistent, in spite of elevated FSTI and added vortices. How-
ever, at a higher Reynolds number, there is opportunity for flow reattachment either with
elevated free-stream turbulence or with added vortices. This may be the first documenta-
tion of flow behavior at such low Reynolds numbers. Although it is undesirable to operate
under these conditions, it is important to know what to expect and how performance may
be improved if such conditions are unavoidablgDOIl: 10.1115/1.1415736

Keywords: Turbine Cascade, Low Reynolds Number Flow

nolds number is based on the upstream velocity and axial chord
[1?1] The research discussed in this paper uses a Reynolds number
gsed on suction surface length and flow exit velocity as proposed
NASA Glenn. The question of how low a Reynolds number is
important in low-pressure turbine applications is frequently ad-
ssed. Communication with industry indicates that the Reynolds
mbers based upon suction surface length and flow exit velocity

fuel consumption and to increase payload. Low Reynolds NUIES 0w 150.000 and as low as 25.000 are of intef@t

bers lead to increased concern on the part of designers about pro
erly accounting for transition from laminar to turbulent flow a”‘iim
about separation of the flow from the suction surface, which
strongly dependent upon transition. Flow separation reduces
operating efficiency of the low-pressure turbine which results
increased fuel consumption. As noted by RiMi, “unpredicted

losses in the low pressure turbine during operation at high alﬁ-
tudes has stimulated current interest in transition and separatiop gl
low Reynolds numbers.” The subject of separation and transiti?jﬂén

Rivhile it has been of interest to investigators in recent years,
e research has been done in methods of preventing this sepa-
tion in the low pressure turbine situation. Bearman and Harvey
used dimples on a circular cylinder to control the flow suc-

ssfully. Recently, Lakgs] and Lake et al[8] proposed the use
of dimples on the suction surface of a turbine blade to control low
eynolds number separation. Their research showed a decrease in
coefficient at low Reynolds numbers with little aerodynamic
alty at the higher Reynolds numbers.

as it applies to the tu_rblne was dlscugsed at the Minnowbrookll o other technique proposed to control separation is the use of a
Conference[2], Narasimha[3] summarized the conference pro- ey generator jeté/GJs. This technique uses spanwise arrays
ceedings and specifically stated that low Reynolds number flows small skewed and pitched jets from holes in the surface.
in the turbine are particularly susceptiple to what was termed shgghnston and NisHi9] showed on a flat plate that stalled regions
and long separation bubbles. The Minnowbrook Il Conferengg 5 yrhulent boundary layer might be eliminated by use of the
[4] continued to explore a variety of topics related to turbine flows 3 method. This work continued by looking at the application of
with laminar separation under low Reynolds number conditiongygitional configurations of the VGJ method to the turbulent
still being a major topi_c of i_nterest. The definition_o_f_ReynoId%oundary layef10]. Selby[11] applied the VGJ method to a flap
number varies among investigators. A common definition of Re¥ynfiguration with good results. More recent work by Bons et al.
12] specifically applied the VGJ method to the low-pressure tur-

Contributed by the International Gas Turbine Institute and presented at the 4 ; o : :
International Gas Turbine and Aeroengine Congress and Exhibition, New Orleansrhe' Work in a cascade facility showed that the separation region

Louisiana, June 47, 2001. Manuscript received by the International Gas TurbWé&S almost totally eliminated with significant reductions in mo-
Institute February 2001. Paper No. 2001-GT-164. Review Chair: R. Natole. mentum loss downstream of the blade with jets. Also, significant
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was the finding that VGJs produce no significant adverse effects
when used at higher, nonseparating Reynolds numbers.

Other control devices for separation include both grodie&s
and vortex generators. The vortex generators have been mainly
applied to aircraft flaps or wind turbing¢$4—17. No research has
been conducted with passive vortex generators on actual turbine
or cascade blades. The challenge is that, while energizing the
boundary layer and preventing separation at low Reynolds num-
bers, the penalty associated with these devices at higher Reynolds
numbers were considered to be unacceptable.[L# showed
that Micro-Vortex Generators, on the order of 20 percent of the
boundary layer thickness, are effective in reducing separation with
only a small drag penalty. The question of manufacturability must
also be addressed, but it is outside the scope of this investigation.
The use of vortex generators shows promise aerodynamically and
is addressed as part of this investigation.

In this paper the extreme low end of the Reynolds number
range of interest, 25,000—50,000, was investigated. Documenta-
tion of the flow included blade surface pressure distributions, loss
coefficients, and identification of separation zones. Total and static Fig. 2 Cascade geometry
pressures were measured with a precision transducer and a micro-
manometer and separation documentation was with a tuft tied
with a double loop to a small rod. These investigations were a
complished at approximately 25,000 and 50,000 Re with both
percent and 8—-9 percent FSTI. The blade shape is the profile of‘ge‘-
referred to as the Langston profile. The blade row aspect ratio wg
nearly 4:1 with a solidity ratio of 0.95.

nd pitot static measurements were made at a location displaced
tboard(to the right when facing the blagef the measurement
Hae leading edge at a location that was the same distance down-
Team from the turbulence generation grid as that of the measure-
ment blade. This location provided velocity and turbulence data

) using the same flow seen by the blade but kept the probes from
Experimental Apparatus influencing the flow over the test blade. The total pressure from

Aero-Thermodynamic Cascade Facility. The test facility at this location was also used in the measurement of the loss coeffi-

. . . ient.
the United States Air Force AcadeniySAFA) is a closed-loop cien . .
wind tunnel facility specifically designed for use as a linear cas- The blades on either side of the center blade were tapped to

cade, as shown in Fig. (see[18]). The tunnel is normally capable measure static pressure over each blade. The inboard of these two

of velocities from 5 m/s up to approximately 75 m/s, which ar&/@S the test blade of this study and the other was used to show
adjusted by moving the vgriablepgitch fan b%ades on the 200 >lgr?”0d'c'ty‘ Welsh et al[18] showed the_ tu_nnel _perlodlcny_and
electric motor. For these experiments, lower velocities to appro ?”égztsgeteerdthtgigst??ea%%r%ag: Vstlsgil:eyd is uniform to within 1
mately 1 m/s were achieved by opening access panels to e 9 9 )

closed-loop tunnel and by providing further restrictions to the Turbulence Generation Grid. The turbulence generation
flow in the tunnel loop upstream of the fan. The tunnel operatggid was modeled after that described by Rofkd] and placed in
near ambient pressure of 78 kPa and temperature of 22—25°C. e tunnel so that it was perpendicular to the flow. An elevated
tunnel temperature can be controlled by varying the flow rate @frbulence level of approximately 8—9 percent was achieved using
cooling water through a fin-and-tube heat exchanger. The geofpassive biplanar lattice grid with square-bar widths of 1.27 cm.

etry is shown in Figs. 1 and 2 and parameters are in Table 1. Thee grid was placed the appropriate distance upstream of the test
USAFA tunnel was modified to accept seven bla@@se includ-

ing sidewall$ with a high aspect ratio of nearly 4.0, which
achieves uniform, two-dimensional flow over the test portion of

Table 1 Cascade parameters
the blades. The clean tunnel free-stream turbulence was measure

with a hot-wire to be approximately 1 percent. Upstream hotwire | Operation " Closed Loop
Axial Chord (B,) 0.171m
USAFA
} U} Cascade Blade Pitch (p) 0.163m
N Wind
contit spstr Tunnel Pitch/Axial Chord 0.95
Span/Axial Chord 3.86
Heat Exchanger
Inlet Camber Angle 44°
Test Blades
Exit Camber Angle 26°
Settling Chamber
Turbulence Grid N o
Rotator Blades N Air Inlet Angle (Bl) 46
~_— N
Air Exit Angle (B,) 26°
Tes‘Secﬁon
Fig. 1 Linear cascade facility at the United States Air Force Grid Orientation Perpendicular to Freestream
Academy
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number of 25,000 proved to be challenging. The scale of the cas-
cade tunnelapproximately 1& normal siz¢ resulted in an ap-
proach velocity of 1 m/s. This corresponds to a pressure difference
between pitot and static pressure of approximately 0.004 torr
(0.0021 in. of water When measuring the total pressure differen-
tial between the upstream total pressure and the wake total pres-
sure, the numerical value can be even smaller. As a result, several
methods were used to document the flow.

A pressure transducer was used to document the pressure dif-
ferences for both the coefficient of pressutg,, and loss coeffi-
cient, y, plots. This pressure transducer had a range of 0—0.2 torr
and an accuracy of 0.3 percent full scale. The measurements
taken, 0.004 torr and lower, are on the low end of this scale. This
translates to approximately 15 percent bias error associated with
the instrument at this velocity. To improve the stochastic uncer-
tainty associated with this measurement, a data acquisition system
was used and measurements were taken at a rate of 10 per s for
120 s. At 1 m/s, two standard deviations were approximately 28
percent of the overall measurement. These two contributors would
combine to have an overall measurement error for the single
sample of approximately 32 percent. This number highlights the
challenge associated with measuring extremely low velocities. At
a Reynolds number of 50,000, the signal is much stronger and
these problems disappear. Even with the rather large uncertainty
associated with this measurement, the repeatability was excellent
when compared with subsequent data runs using the pressure
transducer, the hotwire anemometer, or the micro-manometer.
This applies to measurements of steady flow that will be dis-
cussed. Some cases had a very unsteady behavior at the separation
zone and such repeatability was not possible, due to the flow

unsteadiness.
section to produce the 8—9 percent turbulence intensity at the inlety Dwyer Microtector Portable Electronic Point Gage micro-

to the test passage under study. Turbulence length scales Wt ometer was used for pressure measurements. This instrument
measured previously by Butler et 4R0] for a sllghtly higher a5 a stated accuracy of 0.00025 in. of water. This reported accu-
Reynolds number. They found the turbulence micro-scale to F&

) | dth bul | b y results in an error of 12 percent in the measurement made
?ppl'r?_mmate y 1b6 m”?darr]‘ the turbulence macroscale to be 40 Mfer the present conditions. To reduce the uncertainty associated
or this square bar width. with measurements using this device, 20 samples were taken at

Loss Coefficient Pitot Rake. The loss coefficient pitot rake each measurement point. As a result, the two standard deviation
(see Fig. 3was located 5 cm downstream of the test blade. THTOr associated with a typical measurement would be approxi-
rake consists of seven 1.6-mm-dia tubes spaced 2.54 cm aparfitifely 10 percent, with errors as high as 20 percent with smaller
the horizontal plane. The tubes were aligned with the camber eRiessure differentials. At 1 m/s, the overall uncertainty would be
angle. The center tube zero position is downstream of the trailig§) the order of 15.5 percent using the root sum squared method.
edge of the blade. The tubes extend downstream approximat%%S lower uncertainty prompted the use of this instrument in
2.54 cm aligned with the flow and then bend 90 deg, merge teonjunction with the pressure transducer. Again, the repeatability
gether and exit the test region. The rake was mounted on a mic$the measurement was extremely good and the comparison with
traverse that enabled it to be accurately translated horizontallye pressure transducer was excellent. While the micromanometer
The rake tubes are connected with Tygon tubing to a Scani-valb@s a lower stated accuracy, comparing the two measurements
and then to both an MKS Model 223 Differential Capacitancgives confidence to pressure transducer data recorded previously.
Manometer and a Dwyer Microtector Portable Electronic Poirthe transducer will likely be the instrument of choice in the future
Gage. as the data can be taken and recorded electronically.

Using the method of Kline and McKlintock1] yields uncer-

. : . , tainties in loss coefficient measuremd(ifbr the range of data
generatorsVG) of this experiment were fashioned after U] hointg on the order of 16 to 60 percent when using the manom-

(see Fig. 4 They were fabricated from aluminum shim stockyter and uncertainties on the order of 40 to 60 percent when usin
0.0254 mm(0.001 in) thick by bending the tabs individually to%L P g

Fig. 4 Vortex generators and template

Vortex Generator Fabrication. The counterrotating vortex

h ‘ e transducer. Fo€,, the uncertainties ranged from 15 to 48
the proper angles. The VG tabs extend vertically approximatelypb cent ysing the manometer and were slightly higher for the
mm, which is on order of the local boundary layer thickness.

. . . ansducer. These values reflect the difficulty in making measure-
height of 1 mm was chosen because it could be fabricated frc}ﬁbnts at such low velocities. y g

the shim stock. The counterrotating VGs have a spacing of 1 MMy, rements of mean velocity and turbulence were made with
and pairs repeat every 5 mm. The angle of the VG tabs to the flow, ¢ fijm anemometer driven by a TSI IFA-300 bridge and acqui-
is approximately 23 degree;. The strip was placed vgrtlcally ion unit. Calibration was done using the TSI Calibration System
/B, of 0.5 on the blade suction surface and fastened with 0.05Q&y, 10 roner choice of flow metering nozzles. The sensor could
mm (0.002h|n) th'(.:l.( tap(fa.h']'hrl]s Iocatllor! was crt:osen becaus]? e calibrated to as low as 0.5 m/s with an uncertainty of less than
was nde_ar t ehposmo_n or hig estj_ve %cny on the suction surface g nercent. A King's law relationship provided an excellent data
according to the static pressure distribution. fit over the range 05V <3.0 m/s. Below 0.5 m/s, data were not

. . repeatable and errors due to natural convection were suspected.
Experimental Techniques Last, to gain additional insight into the data gathered with the

Measuring velocities and pressures to calculate loss coefficieptessure measurement instruments, a tuft was used to determine

and pressure coefficients in the flow associated with a Reynolttsw direction and to verify separated regions. A double-loop tuft
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was used to eliminate any bias with the attachment of the string to
the wand. The single wand was inserted through a slot in the top
of the tunnel and moved to various locations on and around the
blade. It proved extremely useful under the low flow conditions. It

seemed to be intrusive only in the cases of unsteady separation.

Results and Discussion

Reyasa 28,000 With low Free-Stream Turbulence Intensity '
(~1 Percen). As revealed by the tuft at Re28,000 and low
FSTI, the suction surface displayed a strong and steady separation
region. As shown in Fig. 5, this region started approximately 65
percent of the suction surface length downstream of the leading
edge G/L,). No reattachment was noted. On the pressure sur-
face, a large separation region was noted at the leading edge with
reattachment approximately 20 percent down the pressure surface.
Figure 6 shows observations taken from the tuft visualization.
Because gravity forces were important relative to drag forces, the
attached flow is viewed as a tuft tilted downstreé#® percent
S/L,,), whereas the separated flow is viewed as a vertical tuft
position.

TheC, plot (Fig. 7) for a ReNASA of 28,000 shows reasonably
good agreement between various data sets taken for this study
using the micro-manometer and the MKS transdugéthin the
uncertainty. On the suction surface there is a peak at approxi-
mately 0.6S/B,. This would correspond to the highest velocity
on the suction surface. Downstream is a region of separated flow
at approximately&/B, =1 which continues until close to the trail-
ing edge of the blade. On the pressure surface, there is a region of
low-velocity flow near the leading edge. The nonzero value of the
flow is attributed to the unsteadiness or movement of the stagna-
tion point, as observed with the tuft. The loss coefficient data are
presented in Fig. 8 with the zero location being downstream of thgy. 6  Flow region shown by tufts located at the 40 (top), 70
trailing edge. Positive values are on the suction surface and neg#iddle ), and 90 percent (bottom ) suction surface length posi-
tive values are on the pressure surface. The loss coefficient is tloes as measured from the leading edge; Re  yasa ~28,000; 1
drop in total pressure from that of the approach flow, normalizercent FSTI
by the departure flow velocity head. The departure flow velocity is
computed from the approach flow velocity, as measured by a
pitot-static tube, and the flow area ratio between the inlet arar this value is not entirely understood but must be attributable to
departure planes. The graph shows good agreement betweenstivae shear causing losses throughout the channel when integrated
transducer and the micro-manometer. The overall loss coefficieaver the measurement time of 120 s.
(integrated area under the entire cyrig 0.156 for the micro- ) . )
manometer and 0.174 for the transducer. The peak of the curvéi®asa 24,000 With High Free-Stream Turbulence Intensity
favors the suction surface at approximately 1.27 cm from the traf[= Percen). Raising the turbulence intensity caused some ten-
ing edge indicating the large losses associated with the large sef@cy for reattachment; however, this resulted in a very unsteady
ration zone on the suction surface. It also shows a nonzero vakfgParation region that reached a maximum size approximately

in the areas outside of the separation wake region. The mechanffi@! to that of the previous case, diminished somewhat, then
grew again. The dynamics could not be measured but were in-

ferred from tuft visualization. See Figs. 9 and 10. The bottom
photo in Fig. 10 shows the tuft in a low shear condition. The

50
45
Separation st Leading Edge 40
25
A 30
\ & A 25
A 2.0
Approach Velocity Vectors A, i & Micro-Manometer
[ 4 g . 4 Earier Transducer
\’ S ;. - ———  Data

— 2 15 -1 -05 0 05 1 15
S/Bx

Separation at Trailing Edge
Fig. 7 C, plot for Re yasa=28,000, FSTI ~1 percent; the “ear-
Fig. 5 Passage flow for Re yaspn 28 K and 1 percent FSTl—a lier data” were taken under similar conditions but several
sketch showing observations with tuft months prior to the current tests
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Fig. 8 Loss coefficient for Re \aspa=28 K, FSTI ~1 percent

unsteadiness at this location caused the tuft to oscillate betwee
this condition and a complete separation. This unsteadiness ap
peared to propagate throughout the channel leading to an unstead:
approach flow(velocity magnitude and angléo the leading edge. &
This unsteadiness greatly influenced the leading edge region, pre-
venting the establishment of a steady stagnation point. It als@. 10 Upper photo shows separated flow region on the pres-
appears to be responsible for a very large separation zone on $H& surface. Bottom photo shows the unsteady separated flow
upstream portion of the pressure surface, a much more pggglon near the tranllng edge of the blade on the suction sur-
nounced separation zone than was present in the more sted®f REnasa ~24,000; FSTI ~1 percent.
low-FSTI approach flow case at this Reynolds number. It is inter-
esting to note that even with such strong separation, upstream on
the pressure surface and downstream on the suction surface,wiees measured with the two pressure recording instruments,
channel was effective in turning the flow. In fact, the flow appeamhereas Fig. 12 shows agreement. The normalizing quantity is the
to have the same turning as in high Reynolds number cases whigtet flow head. The inlet velocity head is one of the weakest
separation is avoided. The role of the tailboards, which were ssignals measured. Hence, the normalizing quantity is one of the
for high Reynolds number flow and not changed, is unknowmost difficult quantities of the series to measure accurately. If the
Also noteworthy for this extreme case is that g distribution quantity is that measured by the upstream pitot tube as recorded
was not strongly changed from distributions for higher Reynoldsy the micro-manometer or pressure transducer, for normalization
number cases and other turbulence intensities even though ofigespective curves, the results of Fig. 11 are achieved. If the
separation was noted. This would suggest that the separatisiocity measured by the hot-wire is used to normalize both
zones are thinner in this case than in the low FSTI case. The peakves (numerators recorded by transducer and micro-
in C, remains approximately at 0.5/B, and the separation re- manometey the curve of Fig. 12 is achieved. To conform with
gion begins at approximately/B,=1 and continues to the trail- standard practice, all loss coefficient data, except for Fig. 12, are
ing edge(at its largest Figure 11 shows disagreement betweenormalized by using velocities taken with their respective mea-
surement instrument. Again the pressure coefficient on the pres-

sure surface near the leading edge is not zero, indicating that all

Unsteady
Flow
/- Separstion st Leading Edge
o
/ l Approach Yelocty VYectors © e
| -
l l Unsteady = (—
)
\ \ Flow . . : :
~—— > -1 -1 .05 0 05 1 15 2
----- — | S/B,
~—_
T T e e iy — & Transducer ReNASA 28K; FSTi~1%(see Fig. 7)
. . A Manometer ReNASA 24K; FSTI~9%
Separation at Trailing Ecge % Transducer ReNASA 24K; FSTI~9%
Fig. 9 Passage flow for Re yasa 24 K and 9 percent FSTl—a
sketch showing observations with tuft Fig. 11 C, plot for low Re yasa With FSTI 1 and 9 percent
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s/Bx Fig. 14 C, plot for Re yasa=59 K; FSTI ~1 percent with vortex
generators
Fig. 12 C, plot using hot-wire velocity to normalize Cp
05
b ing th h the ch | i d I t ¢ | mMenometer
stream tubes passing through the channel experienced some loss & { = == 04 |lm
in total pressure. This is consistent with the observation that both @ 0. ll @ Manometer w\VG
pressure and suction side separation zones were large and ap- @ { 03
peared to fill much of the channel width. The loss coefficient plot, % “n
as shown in Fig. 13, illustrates the difficulty of measurement due Qi 7_“_—___””7”02777771_777*A_,
to the unsteady nature of the flow. Consistent measurements were © )
hard to make and the data scatter in a wide band. 4 G!ﬁ n
o ;
Reyasa 59,000 With Low and High Free-Stream Turbulence -l s gt .'l
Intensity (~1 Percent,~9 Percen)). At the higher Reynolds [ I WL W W -
number of 58,000, the low-FSTI case was strongly separated on 087 REARD.
the downstream portion of the suction surface. When the turbu- 9-8-7-6-5-4-32-10123456789
lence level was increased to 8—9 percent, the separation zone was Location (cm)

eliminated. It was found that flow through the center of the pas-

sage contained a very small drop in stagnation pressure. This iSFig. 15 Loss coefficient Re yasa=54 K; FSTI ~1 percent

contrary to the higher losses across the entire passage in the low

Reynolds number cases and somewhat different than the expecta-

tion based on experiences with high Reynolds number casgssly stated. For the case of the low Reynolds number of approxi-
where no losses were observed over a considerable portion of fhgtely 25,000, the 1-percent FSTI case was so massively
center of the channel. Th€, plot, as shown in Fig. 14, looks separated that no effect of the vortex generators could be noted.
similar to that of the lower Reynolds number case complete withor the low FSTI case, again, the separation was quite strong and
a maximum at 0.65/B, and a separation region that appeargnsteady. The vortex generators may have reduced the wake re-
slightly smaller. The loss coefficient plot, shown in Fig. 15, showgion downstream of the blade slightly, but the data were incon-
a reduction in magnitude and a shift in the peak towards the traghysive.

ing edge when compared to the lower Reynolds number case. Thgor the high Reynolds number cases, the high FSTI eliminated
loss coefficient distribution appears slightly smaller, especially afeparation and the effect of the vortex generators was not mea-
the pressure side. The loss coefficients for thig/gwere 0.084 sured. For the low FSTI case, the vortices were able to provide the
for the micro-manometer measurements and 0.087 for the présixing needed to reestablish flow attachment. Figure 14 shows a
sure transducer. continuous slope in the region &B,=1 for the VG case indi-
_cating separation has been eliminated. Figure 15 shows that the
é%_s coefficient distribution for the higher Reynolds number flow
seems to be changed by the addition of vortex generators, indicat-
ing a narrowing of the wake region. Only one row of vortex
generators was placed on one blade; therefore, only suction sur-

Vortex Generators. To investigate the opportunities for con
trol, vortex generators were added to the suction surface as pr

b gg face data are reported. VGs need to be applied to more than one
@ BETe blade to determine the effect that VGs on the suction surface may
‘0 Aa have on the pressure surface data.
E W3 4
S ¢ o 040 ] Future Work
O ——4— REY T Further documentation of Rgsa of 50,000 and 75,000 is nec-
3 o ‘\?,—‘r\f essary for the clean tunnel, 5 percent FSTI, and 10 percent FSTI
o X0 XAXA configurations. The use of passive devices, such as vortex genera-
- ST tors, dimples, and active control, will be evaluated for their impact
98-76-54-3-2-10123456789 on loss coefficient and coefficient of pressure. While passive de-
vices do delay separation at lower Reynolds numbers, their influ-
mm(cm) ence on losses at the higher Reynolds numbers also should be
explored.

} ¢ Meroeter FSTH9% A Meroneter PST-9% In conjunction with the experimental testing, low Reynolds

‘ X Maoreter FSTH% number CFD support should be conducted. This might add some
insight on the extent of the separated regions and where transition
Fig. 13 Loss coefficient Re yasp=24 K is occurring.
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Summary Boundary Layer Transition in Turbomachines,” NASA Conference Publication
206958.

This paper shows that massive separation at very low ReynoldB] Narasimha, R., 1998, “Minnowbrook Il—Workshop on Boundary Layer Tran-

numbers(25 OOO is persistent in spite of elevated FSTI and sition in Turbomachines,” NASA Conference Publication 206958, pp. 485—
Ny L 495.

added vortices. However, at a hlgher Reynolds number (_)f 50’0(_)0[21] LeGraff, J. E., and Ashpis, D. E., eds., 2000, “Minnowbrook Ill—Workshop
there appears to be opportunity for ﬂ_OW reattaChm(_?m e|the_r With" ™ on Boundary Layer Transition in Turbomachines,” to be published as a NASA
elevated free-stream turbulence or with added vortices. This may Conference Publication.
be the first documentation of flow behavior at such low Reynolds[5] Lake, J. P., 1999, “Flow Separation Prevention on a Turbine Blade in Cascade
numbers where massive separation zones are prevalent. Although at Low Reynolds Number,” Ph.D. Dissertation, Graduate School of Engineer-
L . p o P o g ing of the Air Force Institute of Technology, Air University, Wright-Patterson
it is undesirable to operate under these conditions, it is important arg on.
to know what to expect and to have an idea of how performancesé] simon, X. X., 1999, private communication with industry.

may be improved if such conditions cannot be avoided. [7] Bearman, P. W., and Harvey, J. K., 1993, “Control of Circular Cylinder Flow
by the Use of Dimples,” AIAA J.,31, No 10, pp. 1753-1756.
[8] Lake, J. P, King, P. I., and Rivir, R. B., 2000, “Low Reynolds Number Loss

Nomenclature Reduction on Turbine Blades With Dimples and V-Grooves,” AIAA Paper No.

— airi 00-0738.
Bl a!r '”'?t angle [9] Johnston, J., and Nishi, M., 1989, “Vortex Generator Jets—A Means for Pas-
B, = t |
2 = alr_ exit angle sive and Active Control of Boundary Layer Separation,” AIAA Paper No.
B, = axial chord, m 89-0564.
Cp = coefficient of pressure( Ptotup_ Ps)/(O-SP\/ﬁﬂe [10] C_on;]pt(tj)n, I(Dj ék andeohns_ton, J. Pb, }991, “Strzamwise Vo"rtex Production by
FSTI = free-stream turbulence intensity glltf:oc;assan ewed Jets in a Turbulent Boundary Layer,” AIAA Paper No.
Ly = wetted !ength of suction/pressure surface, m [11] Selby, G., 1990, “Experimental Parametric Study of Jet Vortex Generators for
p = blade pitch, m Flow Separation Control,” NASA-CR-18783@.ibrary No N91-16296
P = pressure, N/ [12] Bons, J. P., Sondergaard, R., and Rivir, R. B., 1999, “Control of Low Pressure
_ ; Turbine Separation Using Vortex Generator Jets,” AIAA Paper No. 99-0367.
Reévasa Reé/nOIds numb?r ballse.d on Sus(;tlon surface length [13] Lin, J. C., Howard, F. G., and Selby, G. V., 1989, “Turbulent Flow Separation
and passage EXIt_Ve OCHBYPV exirS/ e Control Through Passive Techniques,” AIAA Paper No. 89-0976.
S = length along suction surface, m [14] Lin, J. C., 1999, “Control of Turbulent Boundary-Layer Separation Using
V = velocityY m/s Micro-Vortex Generators,” AIAA Paper No. 99-3404.
¥ = loss coefficient (Pigup— Proiou/(0-50Vexi) 5] ind Trbine Wih and Without Vriex Generatorec. N 85.27970, DAGCON
M= dynam|c viscosity, kg/m s Engineering, Collected Papers on Wind Turbine Technology p. 67—77. Pre-
p = density, kg/m sented at the DOE/NASA Workshop on Horizontal Axis Wind Turbine Tech-

. nology, May 8-10, 1984 in Cleveland, OH.
Subscripts [16] Nickerson, J. D., 1986, “A Study of Vortex Generators at Low Reynolds
o ; Numbers,” AIAA Paper No. 86-0155
exit = exit to passage [17] Rao, D. M., and Kariya, T. T., 1988, “Boundary-Layer Submerged Vortex

inlet = approach_lng the airfoil row Generators for Separation Control—An Exploratory Study,” AIAA Paper No.
s = local static 88-3546CP.

sup = upstream static [18] Wels!;], S. T, Barlo(\jlv, D. N, Butler,ggR. J., \f?an Trfeuren, K. W.aByerIey, AR,

_ Baughn, J. W., and Rivir, R. B., 1997, “Effect of Passive and Active Air-Jet

totdown = downstream total Turb%lence on Turbine Blade Heat Transfer,” ASME Paper No. 97-GT-131.
totup = upstream total [19] Roach, P. E., 1987, “The Generation of Nearly Isotropic Turbulence by Means

of Grids,” Int. J. Heat Fluid Flow8, No. 2, pp. 82-92.
References [20] Butler, R. J., Byerley, A. R., Van Treuren, K. W., and Baughn, J. W., 2001,

“The Effect of Turbulence Intensity and Length Scale on Low Pressure Tur-
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Detailed Boundary Layer
Measurements on a Turbine
R W Radomsly’ Stator Vane at Elevated
rrmesenwenienen f - Era@stream Turbulence Levels

K. A. Thole

e-mall: thole@vt ¢d High freestream turbulence levels have been shown to greatly augment the heat transfer

on a gas turbine airfoil. To better understand these effects, this study has examined the
effects elevated freestream turbulence levels have on the boundary layer development
along a stator vane airfoil. Low freestream turbulence measurements (0.6 percent) were
performed as a baseline for comparison to measurements at combustor simulated turbu-
lence levels (19.5 percent). A two-component LDV system was used for detailed boundary
layer measurements of both the mean and fluctuating velocities on the pressure and
suction surfaces. Although the mean velocity profiles appeared to be more consistent with
laminar profiles, large velocity fluctuations were measured in the boundary layer along
the pressure side at the high freestream turbulence conditions. Along the suction side,
transition occurred further upstream due to freestream turbulence.
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Mechanical Engineering Department,
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Introduction that occurring downstream of a grid. Thus, it is important to gen-
- ... _erate an experimental database to use as a benchmark for improv-
Accurate predictions of surface heat loads on an airfoil a

l’ﬁ - A
o X .Irig predictive tools for the purpose of more accurately capturing
made difficult by the complex flow structure surrounding the ai he physics of the flowfield.

foil. Boundary layers developing on a vane or blade surface are
subjected to a combination of variables including freestream tur-
bulence, surface curvature, roughness, favorable and unfavorable .
pressure gradients, boundary layer transition, relaminarizatidh@st Studies
and stagnation point flow. Numerous investigations have been peras stated previously, most of the boundary layer studies exam-
formed in the past that have addressed the isolated effects of magig various flowfield effects have used a flat plate geometry.
of these variables on boundary layer development with the majathese studies, which started as early as Kelfin are far too
ity of the studies being performed on simple flat plate ofiumerous to completely discuss in this paper. A few of the more
cylinders-in-crossflow geometries. To incorporate all of the varielevant investigations in which boundary layer measurements
ables affecting boundary layer development on gas turbine aifave been made along an airfoil will be discussed in the following
foils, studies need to be performed on geometries representativgyafagraphs.
those found along an airfoil. While there have been a few studiesDetailed boundary layer measurements have been made on an
performing boundary layer measurements on an airfoil surfacgirfoil surface by Ubaldi et al.7], Bario and Bera[8], and Lee
these studies have been made at relatively low freestream turlaiid Kang[9]. Ubaldi et al.[7] performed detailed boundary layer
lence conditions. To date, no studies have been performed omaasurements at low freestream turbulence conditions in a large-
turbine airfoil geometry at turbulence levels representative gtale turbine vane cascade at low turbulence levels. The measure-
those exiting current gas turbine combustors. ment technique that they used was a two-component LDV system

Turbulence measurements taken at the exit of a variety of gggh a probe volume size that ranged between & IDJ <40.
turbine combustors have shown that the levels can range betwegsaldi et al.[7] reported that the boundary layers on the pressure
8 percent and 40 perceriGoldstein et al.[1]; Kuotmos and sjde of the vane remained “laminar in shape” along the majority
McGuirk [2]; and Goebel et al[3]) with an indication that the of the pressure surface although large streamwise fluctuations
integral length scale is dictated by the diameter of the dilutiogere present inside the boundary layer.
holes in the combustdiMoss[4]). Although the turbulent kinetic  Measurements reported by Bario and Befd] were for a
energy levels actually increase through the downstream airfagitaled up stator vane geometry in which they used a two compo-
passage due to the velocity gradients experienced by the flggnt LDV system. The freestream conditions included two turbu-
(Radomsky and Thol¢5]), the local turbulence levels, particu-jence levels at T&0.6 and 5 percent. For the turbulent profiles,
larly along the suction side, decrease as the flow is acceleratgfb increased turbulence penetrated into the boundary layer caus-
The effect that these high turbulence levels has on the airfoil is{{®y elevated levels of streamwise fluctuations in the transition
significantly increase the heat transfer along the leading edge aaglion. An increase in the correlation coefficient was also ob-
pressure side surfaces as well as move the transition location f@srved in the boundary layer for the higher turbulence levels,
ward on the suction side surface. Typically, the increase in turbihich was the opposite trend to that observed by Thole and Bog-
lent kinetic energy in the passage is not accounted for in thgd [10] for flat plate boundary layers. They attributed these in-
current boundary layer codes, which assume decay rates similag#gases to the highly correlated turbulence outside of the boundary
- layer.

'Presently at Raytheon, Tuscon, AZ 85734. Lee and Kand9] compared low freestream turbulence condi-

Contributed by the International Gas Turbine Institute and presented at the 4 ; ; _
International Gas Turbine and Aeroengine Congress and Exhibition, New Orlc-:-a(ﬁtanS to levels as high as 15 percent that they were able to simu

S - . R
Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turb%’ge by pIapmg their symmetric airfoil in the. dOWnStream wake of
Institute February 2001. Paper No. 2001-GT-169. Review Chair: R. Natole. another airfoil. Note that the wake flowfield is fundamentally
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wall was placed to exactly match the geometry of an adjacent
vane. Downstream of where the adjacent airfoil would end, the
location of the flexible wall was placed to match the pressure

1.08C
16.84

— O

window S . ; . A
distribution predicted by a two-dimensional, low-speed, inviscid

o calculation. Static pressure measurements on the vane were per-

o formed to insure the correct placement of the flexible wall in

O Main Flow PVNGY addition to insuring periodic flow was achieved between the two

o —> FAY)

& 5 passages.

o : _ Heat transfer measurements were made on the polystyrene cen-
Inlet o -Scaling factor 9 tral vane, which was wrapped with five 50-micron-thick type 304
measurement |<% Scaled-up true chord 59.4cm . . . R
Tocati Pitch/true chord 077 stainless steel foils. The metal foils provided a constant heat flux

o lon\) Span/true chord 0.93 boundary condition. Beneath the stainless steel foil and embedded

o | Reiy 2.3x10° in the styrofoam 58 type E thermocouples were placed. The span-

O57i=22 Y, R wise position for the thermocouples was at 40 percent of the span

o3/e8=4 Tt 20°C

. Trailing odge metlangle | _ 72° measured from the bottom endwall.
Tturbulence grid ~ A few changes were implemented to the experimental setup that
d=3.8 cm 0.33C \4 differed from the descriptions given in the aforementioned inves-
tigations. In order to accurately measure boundary layers with a
Fig. 1 Schematic of stator vane test section laser Doppler velocimetryLDV) system, which was the main

objective of the investigation, a surface must be both smooth and
nonreflective. For this reason, a new instrumented central vane

different from the one studied in our paper for the following twd@S constructed to replace the original vane which had the metal-

reasons: )i there exists a mean velocity deficit from the upstrealf constant heat flux surface. As with the original vane, the new
airfoil wake that impacts the airfoil leading edge, andtiie tur- Vane was also constructed from stacking pieces of 2-in. rigid Sty-
bulence level outside of the wake region is low. At low freestreaf@f0am ||r|15uhlat|ondthat Waz cut to ?hape using a template .ar&d an
turbulence conditions, the measured streamwise velocity fluctgigctrically heated wire. The Styrofoam cutouts were epoxied to-
tions near the wall appeared to go from a two-peaked profile to@§ther o achieve the necessary span/chord ratio given in Fig. 1.
single peaked profile as the mean velocity profiles transitiondd© €ntire vane was sanded to achieve the correct prﬁ_flle_ and
from laminarlike to fully turbulent. At high freestream turbulencéiMminate any steps between adjacent cutouts. Upon achieving a

conditions, their results indicated the presence of high streamw{¥800th surface, the entire vane was then covered with several
velocity fluctuations even though the mean profile appeared lanfiYe's of fiberglass. After the final layer of fiberglass was applied,

nar in shape for the case with high freestream turbulenge® vane was sanded and painted repeatedly using progressively
conditions. iner sand paper until a smooth, flat black surface was achieved. A
Although these studies have given an indication of boundafiScription of the process is found in Radomgkgl.
The second change in the experimental setup involved the

layer development on an airfoil surface, there is a need for de- hod f . | ; | level
tailed measurements at turbulence levels representative of thgigihod for generating elevated freestream turbulence levels. Due

exiting typical gas turbine combustors. This paper represents dRe? change in the location of the experimental facility, the com-
in a series of papers that have documented highly turbulent f&{eSSed air system required for the active-grid turbulence genera-
through a first-stage vane passage. Midspan turbulence measlffe¥Vas no longer available. As a result, a different technique for
ments and surface heat transfer measurements were reporte@@ijrating turbulence levels of 20 percent was required. Previous
Radomsky and Thol§5] while the effects of freestream turbu-WO k at the University of Texas showed that turbulence levels of

lence in the endwall region were reported by Radomsky and Thel@ Percent and length-scale-to-pitch ratiosgf/P=0.091 could
[11]. These previous two papers in addition to the present papt OPtained using a passive grid systétolanka[15]). Note that

provide a complete database for computational benchmarking.éoerizk?/rzrfge_rf‘z?%g Ilel\]le'll'ﬁgdp ;g;l\?eoéﬁge dfeusriglrilecg%iigtseeddc;? aRa—

: ; series of 3.8-cm-dia bars with a lateral spacingofd=2.2. The
Experimental Design bar size and the close spacing between the bars was reported to
The details of the recirculating wind tunnel and design of theliminate the shedding from the bars in the region where measure-
stator vane test section used in this study have been documentigghts were performed. As will be shown later, good agreement in
thoroughly in a number of previous studies including Kang et alhe turbulence level was achieved between the two turbulence

[12], Kang and Tholg13] and Radomsky and Tho[®,11,14. A generator techniques.

schematic of the stator vane test section and a table showing the
relevant geometrical parameters and operating conditions are
given in Fig. 1. Note that the metal angle is the average angle of
the pressure and suction sides, which is 72 deg for our case, while
the flow angle is the angle at which the flow leaves the passa thods Used for Boundary Layer Measurements

relative to the inlet, which is 78 deg for our case. To allow for Boundary layers at nine streamwise locations were measured
highly resolved boundary layer measurements, the vane cascadth the LDV system on the vane at the midspan location. The
was geometrically scaled-up by a factor of nine. The inlet Reyecation of boundary layer measurements on the vane surface can
nolds number to the test section was matched to that of an engibe;seen in Fig. 2. Boundary layer profiles were measured at four
however, the inlet Mach number could not be matched due to teseamwise locations on the pressure surface. These locations cor-
increased scale of the test section. It can be shown using tlespond to streamwise distancestE = —0.15(P1), —0.30(P2),
boundary layer equations that if the acceleration parameter an@.45 (P3, and —0.60 (P4) from the vane stagnation location.
momentum thickness Reynolds numbers are matched, the flBaundary layer profiles were measured at five streamwise loca-
field between the compressible and incompressible conditions withns on the suction surface corresponding to streamwise distances
also be matched@Polanka[15]). of s/C=0.21(S1), 0.50(S2), 0.75(S3), 1.00(S4), and 1.25S5H).

The test section consisted of an instrumented central vaneTihe boundary layer measurements used a local coordinate system,
addition to the leading edges of two adjacent vanes. A flexibls shown in Fig. 1, where the origin was located at the vane
plexiglass sidewall, which allowed optical axis for LDV measuresurface at the desired streamwise location. One axis of the coor-
ments, was attached to the leading edges of the vane. The flexitlileate system was aligned parallg), while the other axis was
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the wall. This implies that the pressure gradient term is not affect-

. T 2 ing the velocities in the near wall region and that the additional
| _Name | Location D pressure force is balanced by the momentum flux difference. For
SP s/C=0_| stagnation that reason, the wall shear stress used in the data presented in this
ressure Side paper was that calculated from the slope of the velocity at the
Pl -0.15 0.9 P4 /=S5  wall.
P2 -0.3 1.3 P3 S4 Generally for turbulent boundary layers, the shear velocity is
P3 -0.45 1.6 P2 determined using a Clauser fit in the log-law region of the velocity
P4 -0.60 1.8 P1 S3 profile. This is because the physical distance to the wall where
Suction Side SP ut=y*is very small making it difficult to measure the viscous
S1 021 27 sub-layer velocities. The Clause_r fit technique has been shown by
2 0'5 3'1 S2 Tho!e and Bogardl10] to be a valid m_e_thod of estimating. even
; . S] at high freestream turbulence conditions of 20 percent.
S3 0.75 1.2 The most difficult region for estimating, is where a transi-
S4 1.0 1.3 tional boundary layer is present. In this region, as with the laminar
S5 1.2 34 profiles, measurements were performed in the viscous sublayer to

allow the data to be fit to tha*=y* relationship. This requires

measurements very near the wall surface. For all of the measure-

ments to be discussed, the closest measurement was typically 0.08
Fig. 2 Location of boundary layer measurements to 0.10 mm from the surface of the vane. For laminar boundary

layers, this distance typically correspondedyto values ofy™*

~5. For transitional and turbulent boundary layers the closest

measurement location wasyd ~8 to 10.
normal (y) to the surface. To completely document the boundary ¥

layer structure, a minimum of 20 measurement locations were ) )
measured in each of the boundary layer profiles. Uncertainty Estimates

A two-component back-scatter fiber optic LDV system used in The partial derivative and sequential perturbation methods, de-

this study consisted of a 5 W _Iaser and a TSI model 9201.C0|0 cribed by Moffa 18], were used to estimate the uncertainties of
burst beam separator. Velocity data was processed using I$(i

model IFA 755 Digital Burst Correlator controlled using TSI's measured values. Uncertainties were calculated based on a 95

FIND software. To keep the measurement volume as small ercent confidence interval. The estimate of bias and precision
ossible. a bea{m ex an%ler and 450 mm focusing lens were u ertainties for the mean velocities were 1 percent, while the
P ' P 9 n%gcision of the rms velocities was 1.2 percent tigys and 1.7

This resulted in a probe diameter, which is the coordinate nor

rcent forv,,s. The precision uncertainties of the Reynolds
to the _s_urface, of 44’°m. and a probe volume Iength of 0.32 MM.ghear stress and correlation coefficient were 4.8 percent and 5.4
In addition to the location of the measurements, Fig. 2 also sho

h di ional di fth b uBe T, i Wgrcent. Note that these uncertainty estimates were at the high
tfe. non |m|e|n3|ong. |?metetr o the ?rtoh e volurbe' |, |ntt?rmst. freestream turbulence conditions near the surface on the suction
or inner wall coordinates, at each of the measurement 10Calioligye of the vane. The total uncertainty in the Stanton numbers was
The LDV probe was tilted at the half-angle of the bearms,

ercent at the leading edge and 5 percent at the trailing edge on
=7.78 deg, to allow for measurements very near the vane surf g €09 P g £ag

For th incid LDV h d suction side of the vane. The total uncertainty in the friction
or the noncoincident measurements, each mean and M8, \as a maximum of 7.5 percent for a laminar boundary layer
velocity were averaged over 12,000 points, which took nominal

. Lo ; nd 5 percent for a turbulent boundary layer.
20 s to acquire. For coincident LDV measurements, using a coin- P ylay

cidence window of 1Qus, each mean and rms velocity were av- .
eraged over 25,000 points to allow for accurate determination éilet Flow Conditions

higher order VE|OCity statistics. All measurements were COfreCtedProf”es of the mean Ve|ocity and turbulence components were
for bias errors using the well-accepted time weighted average cgfeasured at one-third chord upstreaty = —0.33) for inlet
rection scheme. turbulence levels of T& 19.5 percent. Figure(8) shows stream-

The location of the wall during boundary layer measuremeni§ise and pitchwise mean velocity profiles measured across the
was estimated using two techniques. The first technique inVO'V@ﬁtire pitch of two vane passages using the passive-grid and pre-
lowering the input power to the LDV system and visually moniyjously reported active grid turbulence generators. These mea-
toring the crossing of the beams on the vane surface. The secgfements were compared to a baseline case, measured at low
technique was to monitor the output from the photomultipliefreestream turbulence conditions of 0.6 percent, and to a
tubes using an oscilloscope. Both methods for locating the wa@lFD prediction using the Reynolds stress turbulence model
produced nearly identical results. From numerous repeatabilifgSm) at freestream turbulence levels of Fa percentRadom-
studies, it was determined that the location of the wall was knovgky and Tholg5]). The mean velocities have been normalized by
to within =20 um. For the present investigation, this value corthe inlet approach velocity);,e. A global coordinate system, as
responds to a distance from the wall in wall coordinates of at magiown in Figure 1 with the origin at the stagnation point of the
ay"=2 atas/C=1.2. center vane Y/P=0), was maintained for the results shown in

Boundary layer measurements will be presented in terms Big. 3(a). At this upstream location, the mean velocity was just
both freestream variables and inner variables. When presentisiggjinning to feel the effects of the stator vane, as is evident by the
the data in terms of inner variables, knowledge of the shear ugeceleration inU/U,,. observed in front of the central vane
locity, u.= 7, /p, is required. For laminar, flat plate boundary(Y/P=0). As the streamlines turn around the vane, slightly posi-
layer flows, the shear velocity is typically determined by calculative pitchwise velocities ¥/U;,e) Occurred near the stagnation
ing the velocity gradient near the wall where the profile is lineapoint for Y/P>0 and slightly negative pitchwise velocities oc-
For a laminar boundary layer affected by a strong pressure graditred near the stagnation fa P<<0. Although the turbulence
ent there is additional stress added by the pressure gradignt,levels were very high, the good agreement with the low
= u(du/dy) —y(dP/ds) (Kays and Crawford17]). This relation, freestream turbulence case and CFD prediction shows the mean
however, does not consider any momentum flux term. In analyltewfield was unaffected by either of the turbulence generators.
ing the measured velocities close to the wall, we determined thatTurbulence levels and length scales were measured across the
the mean velocities indicated a linear relation with distance froentire pitch of the two passages #{C=—0.33. Figure &)
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Fig. 4 Comparison of inviscid velocity distribution from static
pressure and LDV boundary layer measurements to the low-
speed inviscid CFD prediction

As a check for the boundary layer measurements, a comparison
was made between measured edge velocities, the calculated ve-
locities from the measured static pressure distribution, and the
predicted velocities from an inviscid CFD simulation. Figure 4
shows this comparison and indicates good agreement between the
two independent measurements. The positive valueg@frefer
to the suction surface, while the negative values indicate the pres-
sure surface. Figure 4 also illustrates the inviscid velocities affect-
ing the boundary layer development. On the pressure side there is
a constant acceleration, with an acceleration factoKef3.14
X 10°® over the majority of the surface, as the flow progresses
from the stagnation to the end of the vane. The inviscid velocities
along the suction side show a much different behavior with a rapid
acceleration up te/C=0.2 with very high acceleration param-
eters between 1210 <K <0.01. Froms/C=0.2 to 0.5, there
is a continual acceleration but at a much lower rate having an
average acceleration &f=1.1x 10 6. Beyonds/C=0.5, there is
a slight adverse pressure gradient giving & —1.6x 10 8.

For computational benchmarking purposes, the tables shown in
Appendix Al and A2 of this paper indicate the local boundary
layer edge velocities, local edge turbulence levels, and boundary
layer parameters for each of the measurement locations. As can be
seen by these levels, the local turbulence levels along the suction
side decreased rapidly as the flow accelerates while the levels
along the pressure side remained slightly higher.

Boundary Layer Parameters

In this section, comparisons will be made of the boundary layer
parameters at low and high freestream turbulence levels. These
parameters include the boundary layer and momentum thick-
nesses, the shape factor, friction coefficients, and Stanton num-
bers. When possible the values will be compared to correlation
results using the Thwaitelsl9] method. The Thwaites method
provides a correlation for laminar boundary layers when affected
by a pressure gradient.

Figure 5a) compares the measured boundary layer thickness,
6/C, at turbulence levels of 0.6 percent and 19.5 percent to the
Thwaites prediction. On the pressure surface, for the 0.6 percent
turbulence level, the constant flow acceleration resulted in nearly

spanwise Wims/Uine) rms levels at an inlet turbulence level ofy constant boundary layer thickness. In contrast, the elevated tur-
19.5 percent using two different turbulence generators. The magjjience level had a large impact on the size of the boundary layer

mum deviations relative to the average for the streamwise a|
pitchwise rms levels were 7.8 percent and 7.6 percent for the 19,5-
percent case. No noticeable difference was observed in the le

the pressure surface. At the trailing edge of the pressure sur-
e, the boundary layer thicknesses at the 19.5-percent condition

or uniformity of the turbulence between the different turbulencd'® nearly double those at the 0.6 percent level. On the suction
generators. Fig.(8) shows the measured integral and dissipatiopuface, at both turbulence levels, the boundary layer thickness
length scales across the passages with the integral scale béhiigally decreased in size to a minimum at afC=0.21 due to

approximately 11 percent of the pitch.
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Fig. 5 Comparison of measured: (&) boundary layer thickness, Fig. 6 Comparison of measured Stanton number and friction
41 C, and (b) shape factor, H, at turbulence levels of 0.6 percent coefficients on: (a) the pressure surface, and  (b) the suction
and 19.5 percent with predictions given by Thwaites [19] surface at Tu =0.6 percent

s/C=0.5, in the adverse pressure gradient region, the thicknes§.5, the shape factor has decreased due to the favorable pressure
increased quickly. At the high freestream turbulence conditiongtadient occurring up to this point. Farther downstream, the shape
there was a sharp rise in the thickness of the suction side boundtagtor increased to a value near 3 due to the presence of the
layers due to earlier transition to a turbulent boundary layer. Tla&lverse pressure gradient. After transition the shape factor de-
Thwaites[19] method was able to accurately predict the boundareased to 1.4, which is typical of a turbulent boundary layer. At
layer thickness over both surfaces at low turbulence conditions tie elevated turbulence levels, the shape factor on the pressure
to the point of transition. surface decreased below 2. On the suction surface at elevated
The measured displacement and momentum thicknesses taréulence levels, the shape factor quickly fell below 2 at location
given in Appendix A1l and A2 of this paper. On the pressure sug2 and reached the fully turbulent values of 1.4 at location S4.
face at low freestream turbulence the pressure gradient causeihe friction coefficient and the Stanton number distribution at
nearly a constant momentum thickness. At high turbulence conttie low turbulence level are plotted for the pressure surface as a
tions, the momentum thickness increased towards the trailing edgaction of surface Reynolds numbers in Figap Note that the
of the pressure surface. On the suction surface at low turbuleroeal edge velocities are used as the velocity scales itCRegand
conditions, the momentum thickness grew steadily from a minst. The surface distance from the stagnation location is used in Re.
mum that occurred a$/C=0.21. At high freestream turbulenceln addition to the friction coefficient measurements, heat transfer
conditions, the momentum thickness deviated quickly from thaata measured at identical operating conditions are also shown.
low freestream turbulence values as transition began near Stanton numbers are given at two inlet Reynolds numbers of
s/C=0.5. Re,=1.15<10° and 2.3< 1C° at turbulence levels of 0.6 percent.
The ratio of the displacement thickness to the momentum thickhe Stanton number curves for the two Reynolds numbers fall on
ness is defined as the shape fadtbs 5*/6. The shape factor for the same curve for the pressure surface. Both the friction coeffi-
a laminar boundary layer along a flat plate is 2.6. In general, forcéent and heat transfer data indicate the boundary layer remained
laminar boundary layer, favorable pressure gradients tend leninar over the entire surface.
steepen the mean velocity profile thereby decreasing the shapBoth data sets fell above their respective correlations for lami-
factor and adverse pressure gradients flatten the mean velocié&y boundary layer flow over a flat plate. The increased friction
profiles thereby increasing the shape fa¢®chetz[20]). Figure and heat transfer is a result of the presence of a favorable pressure
5(b) compares the measured and predicted shape factor for the @rédient caused by the flow accelerating in the vane passage.
percent and 19.5 percent conditions. On the pressure surfacla¢se data were also compared with a prediction using the
low freestream turbulence, the shape factor was essentially céi@kner-Skan similarity approach for a laminar boundary layer,
stant at a value near 2.4. On the suction surface, at low freestreatrich accounts for the streamwise pressure gradients. The friction
turbulence levels, the shape factor was near 2.6 a/@r-0.21. coefficients fell below the Falkner-Skan prediction, but the agree-
At location S2 €/C=0.5), the shape factor decreased to 2.1 irment was better than observed with the flat plate correlations.
dicating that transition was beginning. Downstream atsh@ The friction coefficient and the Stanton number distribution at
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low turbulence level are plotted for the suction surface as a fun 10!

tion of surface Reynolds numbers in Fighp Both the friction T T C'f/yz,'lyérﬁ}in:{r ﬁéf;iaté T
coefficient and heat.transfer data initially indicated a lamina r B -- Cf/2,turbulent flat plate
boundary Ie}yer. As with the pressure surface, the data was abc L 8 /2 Falkner Skan, m=0.832
the respective flat plate correlations due to the favorable presst 102 L B g 2 C/2 Tu=19 5%
gradient. The flow was accelerated up to the location of the se F B@g\_ R feo LuTiS "g
ond boundary layer measurement ats#€=0.5 (Re=6x10°). C/2 S ° 1
The friction coefficient at this location indicates an increase in th 23 L Gg . J
slope of the friction coefficient suggesting that transition was beStPr L ° SiPr” Tu=10% Eg%go o~ TEees]
ginning at this location. This transition assertion is supported b E o PP Tu=19.5% E
the velocity measurements, which showed a mean profile that w S 3 L
L . StPy*” laminar flat plate
beginning to appear turbulerfdecrease in the boundary layer R ’
Stpr?? turbulent flat plat
. tPr*”, turbulent flat plate
shape factgrand a turbulence profile that showed some fluctua Lot L s e
_tions. Downstream of this location, _the boundary layer was ;ul( ) 10 10° 10° 10° 10° 10’
jected to an adverse pressure gradient and the measured frict \ Re
coefficient at locations S3 and S4 showed a dramatic decrease 107¢ ™ AL UL
N X £ — C/2,laminar flat plate
magnitude. The adverse pressure gradient prevented a full trar
tion from occurring. The decrease in the friction coefficient wa: q == C/2,turbulent flat plate
the result of the adverse pressure gradient affecting the develc | g — — C/2,Falkner Skan, m=1.14|
ment of the boundary layer in the near wall region as will be 10'2; B - -\f n Cf/2, Tu=19.5% -
shown later by the boundary layer measurements. Similar dr ¢ /> %8 & ]
matic decreases in the friction coefficient for laminar boundar /
layer flows in the presence of an adverse pressure gradient he g;p,%? .
been observed by Mislevy and Waff]. Farther downstream, at 1075 ° 52/’ Tu=10% =
a location ofs/C=1.2 (Re=1.2x10%), the measured friction co- F o StPrw’ Tu=195% i
efficient indicated that transition from a laminar to turbulent — 23 L
b d | had b leted | StPr”, laminar flat plate
oundary layer had been completed. N I S stPr*® turbulent flat plate
The Stanton number curve also indicated that transition beg:i T R T e S - -
near location S2 (Re5x 10°) where the friction coefficient ini- (b) 10° 10° 10 X 10° 10 10
tially started to increase. The heat transfer on the vane was not 25 ¢
affected by the adverse pressure gradient and transition proceet = [ T ' ‘
icti ici [ —o—8¥/St, Tu=10%
normally. Greater effects on the friction coefficients as compare i .
to the Stanton numbers were observed in transitioning bounda L —O—Sy/St, Tu=19.5%
: ; 0 M 2.0 b o 1
layers subjected to adverse pressure gradients in Mislevy a L e C/C | Tu=195%
Wang[21]. The Stanton numbers for the two Reynolds number s S fo
initially fell along the same curve in the favorable pressure grad S¥5t [ o
ent region. The presence of the adverse pressure gradient cau ¢~ 15 8
transition to occur at both Reynolds numbers near the trailin / f
edge. [
Figure Ta) shows the friction coefficients at 19.5 percent anc 1.0 .
Stanton numbers on the pressure surface at 10-percent and 1¢ I
percent turbulence levels. Both the friction coefficient and Stantc r
numbers indicate that over a majority of the surface a lamine os Lo v v
boundary layer was present, with magnitudes higher than those;, -1.0 -0.5 0.0 S 0.5 1.0 L5

0.6 percent turbulence levels. At the higher Reynolds number

(near the trailing edgeboth the friction coefficients and Stantom:ig_ 7 Comparison of measured Stanton number and friction

numbers began to increase slightly, indicating the onset ddefficients on: (a) the pressure surface, (b) the suction sur-

transition. face at Tu=19.5 percent, and (c) friction coefficient, Cf/Cf,,
Figure 7b) displays the friction coefficient at 19.5 percent an@nd Stanton number augmentation, St /St,, at gurbulence levels

Stanton numbers on the suction surface at 10-percent and 1§50 percent and 19.5 percent at Re  =2.3X10

percent turbulence levels. Comparisons to Fi¢o) Ghow that

transition occurs at a lower Reynolds number nearRB& 10° as

compared to Re 6 10° at low freestream turbulence conditions.Boundary Layer at Low Freestream Turbulence

The dip in the friction coefficient is not observed at high The boundary layer profiles discussed in this section will be

freestream turbulence conditions because the boundary layer traresented using two scaling methods. The first method uses outer

sitioned prior to the onset of the adverse pressure gradient. TH@iables for the normalization scheme. The distance from the

resulted in an increase in momentum in the near wall regigiirface is normalized by the boundary layer thicknéssnd the

which resulted in less of a decrease in the friction coefficient fatelocity and turbulence statistics are normalized by the inviscid

the adverse pressure gradient under high freestream turbulencéglocity at the edge of the boundary layéteqge. The second
Figure 7c) shows the augmentations of the Stanton number amethod uses inner wall scalln_g pa_rameters, which are a function

skin friction due to high freestream turbulence. In general, Y the shear velocitwi;, and viscosity,.

heat transfer augmentation was greater than the skin friction augpressure Surface. Figure §a) shows the mean velocity pro-

mentation. The heat transfer was augmented by as much asfis measured on the pressure surface plotted in terms of

percent for the highest turbulence levels on the pressure side. Tlestream parameters. Predictions siC=—0.15 and s/C

large spikes on the suction side are due to the upstream shift in the-0.60 using the method given by Pohlhau$28] for laminar

transition location. boundary layers are also given in Figag This boundary layer
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Vs I a 1 linear relationshipu*=y*. As can be seen, for the laminar pro-
i ° 0o AMMMQQAAAAAA 1 files the measurement location nearest the wall typically corre-
0.5+ o8 n%00 o o AAA - sponded toy* ~4. Where the flow was linear in the near wall
r oOoOoapE‘d%]o%g&géﬁfo’Dﬁ 1 region, the use of inner wall scaling parameters collapsed the
o experimental data. As the flow progressed downstream, the de-
0.0 masstinis b R crease in the wall shear stress continually increased thealues.
1 10 . 100 200 The streamwisel(;,) and normal ¢ .9 rms levels are given

() Y in Fig. 8(c). In general, the fluctuation levels are quite low with a

h 4 . .
Fig. 8 Boundary layer profiles on the pressure surface at Tu maxlmum value ofum,=0.9 at the last streamwise location,
=0.6 percent plotted using: (&) freestream parameters, (b) in- s/C=-0.6. For a fully turbulent boundary layer at low
ner wall Sca“ng parameterS, and (C) boundary |ayer prof”es of freestream turbulence Cond|t|0ns the maximum streamwise rms
streamwise (ujh) and normal (v{.) rms levels levels reach a value af;,=2.8 in the near wall regioiiThole
and Bogard10]). The normal component is also given in Figc)8
indicating essentially no fluctuations. As expected, the Reynolds
) . shear stress profiley'v’, indicated no Reynolds shear stress was
profile was generated using the WALZ progréDevenport et al. reqent in the boundary layers at low freestream turbulence
[23]). The Pohlhausen integral method is a function of the m nditions

mentum thickness at each location. Only two profiles are dis-

played due to the similarity between the profiles on the pressureSuction Surface. Figure 9a) shows the mean velocities mea-

surface. As suggested by the agreement with the Pohlh&@2én sured on the suction surface using outer freestream scaling param-

prediction, all four of the measured profiles on the pressure saters. In addition to the measurements, a Pohlhal&&rpredic-

face were laminar and collapsed onto a single curve when normgébn for the boundary layers at &iC=0.21 ands/C=0.50 are

ized by the boundary layer thickness and freestream velocity. Tgiwen along with a 1/% law turbulent boundary layer approxima-

collapse of the mean velocity was a result of the constant favdion. The friction coefficient and Stanton number curves indicated

able pressure gradient that caused similar boundary layer chathe start of transition at location S2. For this reason the Pohl-

teristics over the entire pressure surface. The linear portion of thausen22] prediction, which is valid for laminar flows, is only

profile, clearly indicated in Fig. (@) extended nearly 40 percentgiven at locations S1 and S2. The measured boundary layer at

into the boundary layer from the wall for each of the profiles. location S1 agreed well with the laminar boundary layer predic-
Figure 8b) shows the mean velocity profiles plotted in terms ofion. The boundary layer at location S2 in the near wall region was

inner wall scaling parameters. Also presented in Fifp) & the fuller than the boundary layer at S1 and disagreed with the Pohl-
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hausen prediction at location at S2. This should be expected |
cause the friction coefficients showed the boundary layer was
ginning to transition at this location. Just downstream of locatio
S2 the adverse pressure gradient began, as shown in Fig. 4.
location S3, the adverse pressure gradient caused a decrease il
streamwise momentum near the wall. The decrease in moment
near the wall was still observed at location S4. The measur
velocity profile at location S5 is similar to the fIpower law u .
approximation for a turbulent boundary layer. This indicates thi
the boundary layer was either near the end or just downstream
transition.

Figure 9b) displays the measured mean velocity profiles on th r
suction surface in addition to the* =y* curve and Spalding’s 1t
law (Spalding[24]). The first streamwise locatior(§1) showed E .
the typical laminar boundary layer behavior and agreement wi 0 T 0 100 o
theu™=y* curve in the near wall region. The favorable accelerda) y"
tion gradient caused the boundary layer at location S2 to fall b 8
low theu™ =y curve indicating a start of transition to a turbulent
boundary layer. At location S3, the measured boundary layer w 7
above theu™=y™ curve, which is again the result of the adverst 6
pressure gradient. This result is consistent with the results frc
Mislevy and Wandg 21] who also showed that laminar boundary s5E
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layers were above tha® =y* curve when subjected to an ad-
verse pressure gradient. Farther downstream at location S4, Vo
boundary has moved back towards the=y™ curve. At the far-
thest downstream location, S5, the boundary layer was turbule
with a depressed wake and showed good agreement with Spe
ing’s law for a turbulent boundary layer. b
The streamwise (9 and normal ¢, rms levels are pre- 1t
sented in Figs. 1@) and 1@b). The first three streamwise loca- 0 3
tions (S1, S2, and S3had a peak streamwise rms level of 1.5
Large fluctuations were observed at location S4. As discussed )
viously, for a fully turbulent boundary layer at low freestrean
turbulence conditions the maximum values of reach a value
Urme=2.8 in the near wall regioiThole and Bogard10]). The
values ofu,. =8 that occurred at S4 were the result of the el
evated turbulence existing in a boundary layer with low wall she:i
stress due to the adverse pressure gradient. The peak rms levt
position S3 is higher by 20 percent relative to the S5 positiol___ R
while the wall shear stress at position S3 is lower by 29 perceu’v’/ur [

+

relative to the S5 position. Thereby, the two almost equally col 2L o a
tribute to having highu,. peaks. Similar behavior is noted by Lee i " o 82

and Kang[9] and Mislevy and Wang25] in their results at their i @ o 83 ]
highest inlet turbulence level of 7 percent. Farther downstream -3 s B s 84 7]
location S5, the magnitude of the streamwise rms levels reache L %ﬁ v g5 1
value of u,,c=3 which was near the typical value for a fully 41 ]
turbulent boundary layer. .

The normal rmgle\yeISFig. 1Qb)) for the first three locations © 1 10 " 100 10003000

(S1, S2, and Sgindicated low levels throughout the boundary

layer. At location S4 a large increase was observed with a peﬁlé. 10 Profiles of: (a) streamwise (ut.) (b) normal (vi.),

level of v,,,s=1.8. Again, the higher values were the result of thgnq (c) Reynolds shear stress levels on the suction surface at
elevated turbulence levels being present in a region of low Wa|b=0,6 percent plotted using inner wall scaling parameters
shear stress. Downstream at location S5, an increase in the normal

rms level was observed in the outer portion of the boundary layer.

Inside the boundary layer, these levels flattened out and begarhfcent of the wall-generated shear stress. Proceeding farther
Bogard[9] showed that for a boundary layer at low freestreamane surface. At this location, the peak turbulent shear stress was
turbulence conditions, the normal rms levels should reach a magpproximately equal to the wall shear stress as is typically the
mum near = 1. . case for a fully turbulent boundary layer.

The Reynolds shear stress profilas'«') are given in Fig.
10(c). The first two locations where coincident LDV measureBoundary Layer at High Freestream Turbulence
ments were performe@S2 and SBshowed the absence of Rey-

. o Boundary layer measurements were performed at the same
nolds shear stress. At location S4, near the start of transition Yy ay P

stfeamwise locations to allow for a direct determination of

of the vane. The level of the turbulent shear stress has been sh%&%j%ﬁeg{. turbulence levels on boundary layer growth and

by Mislevy and Wand 23] to increase dramatically in transitional
boundary layers being subjected to an adverse pressure gradienPressure Surface. Figure 11a) shows the mean velocity pro-
At this location, the turbulent shear stress was approximately 36l@s measured on the pressure surface plotted in terms of
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Fig. 12 Boundary layer profiles of:  (a) streamwise (uf’ms) and
normal (v,*'ms) rms levels, and (b) Reynolds shear stress on the
pressure surface at Tu =19.5 percent plotted using inner wall

scaling parameters

Fig. 11 Boundary layer profiles on the pressure surface at
Tu=19.5 percent plotted using: (a) freestream parameters, and
(b) inner wall scaling parameters

freestream parameters at the 19.5-percent turbulence levels. Fig-

ure 1Xa) also shows the Pohlhausen predictions at locations P1

and P4 as well as a 7turbulent profile. At low freestream Wereu,,=2.8 and occur at a location negt = 10. For the first
turbulence conditions, shown previously in Figag all four of three streamwise positioiB1, P2, and P3he maximum level in

the measured profiles on the pressure surface were laminar #mel boundary layer reached levels wf,.=2.0 at a location of
collapsed onto a single curve. At the high freestream turbulenge —20. At location P4, the streamwise rms levels are higher
conditions, the boundary layers did not agree with the Pohlhausgiaching levels similar to those in a turbulent boundary layer.
[21] predictions for a laminar boundary layer with no turbulenc®loving closer to the wall, a sharp decrease in the streamwise rms
as shown by the discrepancy with the correlation given for the Pdvels was observed. Recall that the acceleration parameter was
and P4 locations. As expected from the increased shear stress khke3.4x 10 ¢ along the pressure side of the airfoil. With such a
velocity profiles in the near wall region were fuller than at lowarge acceleration, one would expect that any boundary layer tran-
freestream turbulence levels. The first two streamwise locatiosision would be suppressed by the acceleration. The previously
(P1 and P2showed a laminar velocity profile and still collapsedshown mean velocity profiles are in agreement with typical lami-
onto a single curve. At locations P3 and P4, where an increase'@f Profiles, but the large fluctuations indicate the presence of

the friction coefficient was observed, the profiles had steeper Jrulence. The normal rms levels show a continual decrease in
locity gradients in the near wall region magnitude as the stator vane surface is approached as a result of

C 11b s th locit fil I I Ibeing attenuated by the vane surface. It is interesting to note that
__rigure ) presen 'S the velocily proliies using Inner wall SCalg,q |ocation of the peak fluctuating value is further away from the
ing on the pressure side for the high freestream turbulence congs|| than that which would occur for a turbulent boundary layer
tions. These boundary layer profiles are similar to the profilggofile along a flat plate. Figure 1 also indicates the anisotropy
displayed in Fig. ) measured at 0.6 percent turbulence. Thef the freestream turbulence outside the boundary layer, which is
only noticeable difference between FighBand Fig. 11b) was a result of the redistribution of the turbulence due to streamline
that theu™ values level off to lower values for the 19.5-percengurvature. -
turbulence case as compared with the 0.6 percent turbulence casblormalized values of the Reynolds shear strags (/u?) are
This was the result of the high shear stress measured at the vgilen in Fig. 12b). For each of the cases the Reynolds stress was
for the high freestream turbulence conditions as compared to thear zero at the edge of the boundary layer. At location P1 the
low freestream turbulence conditions. Reynolds shear stress became negative in the boundary reaching a
The streamwise(},9 and normal ¢,.J rms levels are plotted value of —0.3 at ay”=15. Proceeding downstream the shear
using inner wall scaling parameters in Fig.(4R2 The streamwise Stress levels became increasingly negative reaching a value of
rms levels increased from the values at the edge of the boundary'/u?=—0.4 at ay" =30 at location P4. The maximum Rey-
layer to their maximum levels near y" =20. For a turbulent nolds shear stress in the boundary layer was approximately 30
boundary layer, the maximum value of the streamwise rms levadsrcent of the viscous shear stress measured at the wall for each of
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Fig. 14 Boundary layer profiles of: (a) streamwise (Uppg)
Fig. 13 Boundary layer profiles on the suction surface at Tu and normal (vy,s) rms levels, and (b) Reynolds shear stress, on
=19.5 percent plotted using; (&) freestream parameters, and (b)  the suction surface at Tu =19.5 percent plotted using inner
inner wall scaling parameters scaling

the streamwise locations. Moving closer to the wall, the Reynol&%iCkn?SS I?]eynoldsfqumber at thiTI Iocz;tion. The staer;igth of t?}e
shear stress approached zero for each of the streamwise locati}ffke for these profiles was smaller than expected due to the

This was expected since the viscous shear dominates near Rfgsence of elevated turbulence in the freestream, but does indi-
wall. cate a negative wake strength. Negative wake strengths often oc-

cur for high freestream turbulence conditiafi$ole and Bogard

Suction Surface. The boundary layer profiles measured of10]).
the suction surface at 19.5-percent turbulence levels are plotted iThe streamwise ;) and normal ¢ ,) rms levels are dis-
Fig. 13@a) using boundary layer scaling parameters. The lamingfayed using inner wall scaling parameters in Figla4Theu;

. . . rms
profiles predicted by Pohlhaus€®2] at locations S1 and S2 and|gyels at location S1, which was a laminar boundary layer, were

h . .
the 1/7" power law approximation for the turbulent boundanyigh hut lower than values for a fully turbulent boundary layer. At

layer are also shown in Fig. (&. At location S1, the boundary |5cations S2 and S3, the transitional boundary layer resulted in
layer was slightly fuller than the boundary layer measured at IoWns levels ofu’

freestream turbulence conditions. The measured boundary la ms=4, which were higher than measured for a
do not agree with the laminar prc;files at S1 and S2 predigtedy rhulent boundary Ia_yer. As discussed preylously, this was due_to
Pohlhausef22] at high freestream turbulence levels. The profile e presence of the high turbulgnce levels in boundgry layers with
at S3 and S4 showed much fuller velocity profiles in.the near wajl wall shear stress. At locations 8.4 and S5, Wh'Ch were fully
X . Flrbulent boundary layers, the maximum level in the boundary

region at higher turbulence than the low freestream turbulenFe + hich | liahtly  hiah h
conditions. This was the result of the earlier transition, which gavaYe'S Were Umg=3 which was only slightly higher than
a higher momentum fluid in the boundary layer. expected. . o

The streamwise velocity profiles on the suction surface are plot-The normal rms¢,,) levels are also shown in Fig. (s. For
ted using inner wall scaling parameters in Fig(13The bound- the S1 location, the vrms levels showed a continuous decrease
ary layer at location S1 was laminar, based upon the friction ctt magnitude through the boundary layer. At location S2, the lev-
efficients, and similar to the profiles measured at low freestrez@t§ in the boundary layer were higher than the levels for S1, indi-
turbulence conditions shown in Fig. ). The boundary layer cating that the profile was on the onset of transition at this stream-
started to transition from laminar to turbulent at locations S2 ar¥se location. Farther downstream at S3, the normal fluctuations
S3. The transition at location S3 was obvious as shown by theached a maximum of;;, ;= 1.5. These values are larger than the
deviation from the laminar profile for 50y "< 200. The bound- typical value ofv, =1 for a turbulent boundary layer, and were
ary layers were fully turbulent at locations S4 and S5 and agretite result of the fluctuations being present in the boundary layer.
well with Spalding’s law. The strength of the wake, defined athe values at S4 and S5 agreed with the expected values for a
the maximum deviation from the velocity distribution to theturbulent boundary layer.
log-law in the outer region of the boundary layer, is larger at The Reynolds shear stress profiles are shown in Figp) 1%he
location S5 than S4. This is consistent with the higher momentunoundary layer at location S2 contained Reynolds shear stress
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indicating that it was at the onset of transition. At location S3, thappendix A2

maximum Reynolds shear stress in the boundary layer was
proximately twice the measured viscous shear stress at the

WE?Pundary Layer Parameters at High Turbulence Conditions

For the fully turbulent boundary layers at locations S4 and S5, tRagsyre U

maximum Reynolds stress in the boundary layer was approXjyrface (m/s

mately equal to the viscous shear stress deduced from the velocity

edge

Tu G2 &8C &IC  acC

gradient. P1  5.43 12.1% 0.0051 0.0034 6.80E 3.22E-4 2.11
P2 9.22 7.1% 0.0032 0.0037 6.79E 3.29E-4 2.06
P3  13.43 4.9% 0.0027 0.0046 6.55E 3.57E-4 1.83
P4  18.96 3.7% 0.0018 0.0055 6.89& 3.78E-4 1.82

i Suction
ConC|95|onS ) Surface @2 dC 5*IC 6IC
Detailed boundary layer measurements on a turbine vane geom-

etry at combustor turbulence levels have been compared to boundS1 ~ 23.31 3.9% 0.0019 0.0012 3.41& 1.30E-4 2.62

ary layer measurements at low turbulence levels. To date, this dat§ 31.02 4-0(0,/0 0.0011 0.0040 7.25& 3.78E-4 1.92

has not been available in the literature and was made possible b Sa gggg ggo//g 888}% 882% %g’ig ?;ggg %gg

using a large-scale test facility. 27.61 3.7% 0.0018 0.0259 3.34B 2.44E-3 1.36

. S5
The integral boundary layer parameters at low freestream tur-

bulence levels agreed well with those estimated using Thwaites’
method when the boundary layer remained laminar. At high
freestream turbulence levels, the integral parameters on the suc-

tion side indicated the transition location moved upstream of tiecknowledgments

transition location that had occurred at low freestream turbulence
conditions. This upstream shift was also seen in the skin fricticgh
and heat transfer measurements. Overall lower shape factor
curred for the high freestream turbulence case as compared
the low freestream turbulence case indicating lower displacemen

to momentum thickness ratios. This is expected since lower shape
parameters occur for turbulent boundary layers compared to lami-

nar boundary layers.

he authors would like to acknowledge the Department of
ergy-Advanced Gas Turbine Systems Research Program for
S\}&%r support. Partial support for this work also came from Pratt &

ney.

At low freestream turbulence levels, the mean velocity praNomenclature

files along the pressure side of the vane collapsed to a single c
curve using the edge velocity and boundary layer thicknessesQ?C
the scaling parameter. The profiles also indicated a linear behavit fo)
of velocity with distance from the wall in the near-wall region,
even though the boundary layer is affected by a pressure gradient.
At high turbulence levels, the outer scaling parameters did
not collapse the profiles. At high freestream turbulence levels,
fluctuations were measured in the boundary layer along the pres-
sure side even though the mean profiles were more consistent

P

D+
h

with a laminar-like boundary layer. At the most downstream po- L,
sitions measured along the suction side, the mean velocity pro- K
files indicated a fully turbulent profile with a depressed wake =)
region. Pr

The data presented in this paper provide the community with an Re

understanding of the effects that high freestream turbulence can Re,,
have on the development of an airfoil boundary layer. In addition,

s
this data provides not only surface phenomena but also velocity
field measurements to use for improving predictive turbulence s
models. S
St(St)
Appendix Al Tu
Boundary Layer Parameters at Low Turbulence Conditions UJ
u
Pressure Uggge u v, W
Surface (m/sy Tu G2 dC  §*IC 6IC Uintet
P1 499 0.8% 0.0049 0.0025 7.09E 3.01E-4 2.35 Uedge
P2 869 0.8% 0.0029 0.0026 7.24E 3.17E-4 2.29 Y.V,
P3  13.11 0.6% 0.0021 0.0026 6.91E 3.04E-4 2.27 u'v’
P4  18.65 0.7% 0.0013 0.0024 6.76E 2.80E-4 2.42 XY, Z
Suction
Surface @2 dcC 5*IC 0IC X Yy%
S1  23.54 0.5% 0.0019 0.0010 3.49& 1.33E-4 2.63 S
S2  31.23 0.6% 0.0014 0.0020 5.51E 2.58E-4 2.14
S3  30.04 0.6% 0.0002 0.0033 1.40E 4.58E-4 3.05 5
S4  28.97 2.1% 0.0003 0.0044 1.71E 6.08E-4 2.81 €
S5  27.56 2.2% 0.0022 0.0097 1.56E 1.08E-3 1.44 0
Ay
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true chord of stator vane

friction coefficient(low turbulence case
2(u§/U§de
specific heat

turbulence generator rod diameter

probe volume diameter in inner coordinates) . /v
convective heat transfer coefficient

shape factors*/ 6

dissipation length scale, hﬁnsls

acceleration parameter(dU eqq¢/ds)/UZgqe

vane pitch

Prandtl number

Reynolds number defined as ReUgyq/v
Reynolds number defined as REU;, /v

surface distance along vane measured from
stagnation

turbulence generator bar spacing

span of vane

Stanton numbe(low turbulence cage
St=h/pCpUgqge

turbulence level (0.5(me +vms?))*7 U edge
shear velocity,/7, 7p

velocity in inner coordinatesj/u,

mean local velocity in local coordinate system
incident upstream velocity

local inviscid velocity

mean velocity in theX, Y, Zdirections

Reynolds shear stress

local coordinates defined at measurement
location

global coordinates defined from stagnation location
velocity in inner coordinatesju.. /v

boundary layer thickness
displacement thickness
turbulent dissipation rate
momentum thickness
integral length scale
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p = density [11] Radomsky, R., and Thole, K. A., 2000, “High Freestream Turbulence Effects
Tw = wall shear stress in the Endwall Leading Edge Region,” ASME J. Turbomact22 pp. 699—

0 . 708.
v = viscosity [12] Kang, M., Kohli, A., and Thole, K. A., 1999, “Heat Transfer And Flowfield
Subscripts Measurements In The Leading Edge Region of a Stator Vane Endwall,” ASME

. . J. Turbomach.121, pp. 558-568.
_edge = !Ocal inviscid quantity [13] Kang, M., and Thole, K. A., 2000, “Flowfield Measurements in the Endwall
inlet = inlet Region of a Stator Vane,” ASME J. Turbomach22 pp. 458-466.
rms = root mean square [14] Radomsky, R., and Thole, K. A., 2000, “Measurements and Predictions of a
Highly Turbulent Flowfield in a Turbine Vane Passage,” ASME J. Fluids Eng.,
122, pp. 666—-676.
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reeis | Preswirl System in Secondary Air
V. Schramm Svste ms

S. Kim The discharge behavior of a “direct-transfer” preswirl system has been investigated ex-
S. Wittig perimentally. The influences of the pressure ratio and the swirl ratio as well as the
influence of the receiver and stator geometry were investigated. The discharge coefficients
Lehrstuh!l und Institut fiir Thermische of the preswirl nozzles are given in the absolute frame of reference. The definition of the
Strémungsmaschinen, discharge coefficient of the receiver holes is applied to the rotating system in order to
University of Karlsruhe, consider the work done by the rotor. Numerical calculations carried out for a free expan-
76128 Karlsruhe, Germany sion through the stationary preswirl nozzles show very good agreement with experimental
data. [DOI: 10.1115/1.1413474
Introduction subject of this paper to investigate the main parameters influenc-

In high-efficiency gas turbine engines, the cooling air for th%]c?ége discharge coefficients of the preswirl nozzles and receiver

high-pressure turbine stage is expanded through stationary pre-
swirl nozzles to the blade feed holes of the rotating disk. Bgxperimental Setup

accelerating the cooling air in the direction of rotation, the total A sectioned view of the “direct-transfer” preswirl rotor—stator

temperature relatlvc_a to the rqtor disk and the pressure Ios§es Stem is shown in Fig. 1. Details of the test section are given in
curring at the receiver hole inlet can be reduced. According 2

Scricca and Moor¢1], there are two different preswirl systems “compressor air was discharged from a settling chamber through
established in modern engines. ) the flange of the rig to the preswirl plate, which contained the
In a “cover-plate” system, the preswirl nozzles are located at greswirl nozzles. Four different preswirl plates were used in order
small radius to reduce seal leakage. The air flows radially outwasl vary the axial distance, between the stator and rotor. The
between the turbine disk and the cover-plate attached to it. Thember of preswirl nozzlesly varied between 11 and 12. The
preswirl nozzles of a “direct-transfer” system are positioned at aozzle centerlines were inclined @t 20 deg to the stator surface.
large pitch radius similar or equal to the pitch radius of the rdn addition, the preswirl nozzles were oriented such that a jet
ceiver holes. In such a system, lower cooling air temperatures dalowing the extended nozzle centerline enters the receiver hole
theoretically be achieved. In addition, the weight of the engine c&angential to the pitch circle. In order to meet these geometric
be reduced if the cover-plate is omittet]. Meierhofer and Fran- constraints, the radial position, of the nozzle exit had to be
klin [2] were the first to measure the cooling air temperature in tiy&ried for each distancs, . The corresponding values fsg, s,
rotating blade feed holes of a “direct-transfer” system. The@nd'e are listed in the left part of Table 1. Therelsy, indicates

found the preswirl system effectiveness to be a function of t Qe distance between the stator and the casing, which changed

ratio of disk velocity to effective preswirl velocity. Unfortunately,Wlth different preswirl plates installed.

the discharge behavior of the svstem was not considered in t .The preswirled air entered an annulus, of 46.8 mm radial
Ischarg vior C y w 18I in éright, formed by an inner seal and the casing. A labyrinth seal
study. Discharge coefficients for rotating holes without preswi

A laced between the rotor and the casing could be fed with sealing
are presented by Samoilovich and MorozZ@}, Meyfarth and 5 {5 reduce the leakage flow. Two differential pressure transduc-
Shine[4], McGreehan and Schots¢h] in the absolute frame of grs were located at different angular positions to monitor the leak-
reference plottingp, againstu/c,y 4 - Wittig et al.[6] presented @ age. During the experimental investigations, the pressure drop
correlation in the relative frame of reference for differéftt and  across the labyrinth seal was adjusted to be close to zero. The air
r/d ratios. left the test section through receiver holes located at a pitch radius
A combined experimental and numerical study is presented by r =220 mm.
El-Oun and Owen[7], where the effectiveness of a “direct- In order to maintain the total cross-sectional area of the receiver
transfer” preswirl system was calculated with a simple theoretichbles while changing the length to diameter ratio, the number of
model, based on the Reynolds analogy. Wilson ef&lused an receiver holesNg had to be increased with decreasing diamdter
axisymmetric elliptic flow solver to determine the flow structurd hereby, the length of the receiver holes was kept constaht at
and the heat transfer in a preswirl rotor—stator system. Popp et a0 mm. The number of holes, thed ratio, and the correspond-
[9] introduced a plane model for a CFD analysis of a “cover"d diameter are given in the right part of Table 1.
plate” system with several simplifications. Discharge coefficients € rotor was driven up to=7000 rpm, which is equivalent to

and the temperature drop were calculated for different geometrié‘s?'rcumferem'al velocity of the receiver holesiw# 161 m/s, or

For low velocity ratiosu/c good agreement between CFD and rotgtl_qnal Reynolds number &ng 10°. The rig °”‘?r6d the.
measured data was achieved. possibility to superimpose a radial outflow to the swirled main-

, . -~ low. Therefore, air was fed into the rotor—stator wheelspace near
To the authors. knowledge, no data are aval!able descrlb!ng hub region. Passing the inner seal and mixing with the main-
discharge behavior of a “direct-transfer” preswirl system. It is th'ﬁow, the superimposed cooling air left the test section radially
through a lip seal arrangement in the casing.

Contributed by the International Gas Turbine Institute and presented at the 46th : : ;
International Gas Turbine and Aeroengine Congress and Exhibition, New OrIc—:-ans,The mass flow rate discharged through the preswirl rig was

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbimeasured by an Qrifice-metefing system in accordance t.o Euro-
Institute February 2001. Paper No. 2001-GT-122. Review Chair: R. Natole. pean Standards with an uncertainty of 1 percent. The radially su-

Journal of Turbomachinery Copyright © 2002 by ASME JANUARY 2002, Vol. 124 / 119

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



outer
seal

Inner

6 static pressure taps
seal

2 thermocouples
pre-swirl nozzles

N N

12 pre-swirl nozzles

B ,%/”) two angular positions
fas IR
[~ receiver holes /

cooling air
supply == 'i’

el

;5

I A - |

stator

totally 9 static pressure taps

rotor

Fig. 1 Preswirl rig Fig. 3 Instrumentation of preswirl rig

perimposed outflow was measured with hot-film-sensors calirere placed at two different radii on the bisecting line of two
brated to an uncertainty of 1 percent. The overall pressure #ationeighboring nozzles. The outmost tapping was placed at two dif-
across the preswirl rig was varied from 1.05 to 2.00, resulting ferent angular positions. The remaining three pressure tappings
Reynolds numbers in the range of .80°<Re<1.3x10° for a were placed on the bisecting line at different radial positions in-
subsonic flow through the preswirl nozzles. side the inner wheelspace.

The instrumentation inside the test section is shown in Fig. 3. For the temperature measurements, type K thermocouples were
Total pressure and total temperature sensors were installed ingdeployed. The temperature was recorded with an uncertainty of
the settling chamber to monitor the inlet conditions of the preswirt 1K. The pressure measurements were accomplished by means
system. Between each preswirl plate and the opposite casing, @ixa pressure transducer in combination with a Scanivalve system.
static pressure tappings and two thermocouples were locat&tie pressure was measured with an accuracy of 0.5 percent in the
which could measure the total pressure and the total temperattigge of 0—5.1% 10° Pa.
in front of the preswirl nozzles. Three out of six pressure tappings
were located just opposite one nozzle inlet, while the other tapsefinitions
were placed at a different angular position in between two nozzle -
inlets. The thermocouples were arranged at one angular and g 2ddition to all relevant temperatures and pressures, the char-
radial positions. The total number of static pressure taps dowfS eristic absolute. anq relative velomtlgs |n5|de the prgswrl Sys-
stream of the preswirl nozzles was nine. Six pressure tappir%?b are sketched in Fig. 4. The arrows indicate the positive direc-
were arranged in the preswirl chamber. Three of them were | on of the velocities in the absolute and relative frames of
cated around the exit plane of one nozzle, while the other thrég erence.

he total pressurpy; and the total temperatuii,, are defined
J\%
S bz —
L So | |
\ Y
—
Tiel _, UP—2uG

as the arithmetic average of the corresponding readings in front of
1+ 1
N To 26,7, @
[ plt,reI:(l+ U2—2UCI) D) )
Pat 2¢, Ty,
\

the preswirl nozzles. The static pressprg in the annulus is the
mean average calculated from the six pressure tappings inside the
preswirl chamber. Finallyp,s was assumed to be equal to the
ambient pressure measured downstream of the rig.

According to Zimmermann et gl10], for investigations of the
rotating part of rotor—stator systems, it is convenient to transfer
the variables into the relative frame of reference. As the total
properties of the air change with relative motion, total temperature
and total pressure have to be transformed according to #gys.
and(2)

N

T

r,=220
r,=250

Fig. 2 Details of test ti di i i © prm
ig. etails of test section; dimensions in mm stator
Table 1 Geometric parameters; dimensions in mm l p: \ \ '
® i
5, S re | Ny 1/d d
5 337 2204 4 231 173
10 287 2217 | 12 4.00 10.0
8.7 @ Pa
24 147 2297 | 24 566 7.1 . L .
Fig. 4 Velocities in absolute and relative frames of reference
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This transformation assumes that the cooling air attains so Cpy
body rotation before it leaves the receiver holes. Especially f

relatively smalll/d ratios of the receiver holes and a large relativi'-%% & =28.7mm
tangential inlet velocity, this is unlikely to happen in the test rigg g75 °o Nre—
However, the resulting uncertainty in the total properties is es ® CFD
mated to be negligible for the receiver hole geometry and rad0.950 J-------xsosrsmmm e A Ng= 4,0d=02 -
position chosen in this study. The total properfigs and p,; as v Ne=12,dd=02

. . . 925 1 O Ng=24,rd=0.2{..
well as the velocityc, in the preswirl chamber are calculatec®

assuming isentropic flow through the preswirl nozzles and insi goo ... Q
the preswirl chamber. Thus, these values edqugland py,, re- . °
spectively. Frictional effects inside the nozzles and inside the pt0.875
swirl chamber as well as the interaction of the jet with the annult
flow are supposed to reducg but are difficult to quantify with 0-850§-&-2-4 & .
the measuring techniques applied in this study. An iterative pry goe
cess might be used to calculate the polytropic nozzle exit veloci

but neither the mixing effects nor the frictional effects inside tho.soo ' . . . T T T :
preswirl chamber would be considered. An alternative would be 10 11 12 13 14 15 16 17 1.8 19
measure a representative velocity in the preswirl chamber. Ho Pol/P
ever, this can hardly be done for every test case. The accurawe or'Fs
measurement of the_ total temperatlTrﬁ a_nq the total pressure Fig. 5 Discharge coefficients for preswirl nozzles
py; inside the preswirl chamber is also difficult due to the turbu-

lent three-dimensional unsteady flow structures existing in such

systems. _ . .
Thecp, value is defined as the ratio of the real mass flow rate @l code TASCFLOW, incorporating the standéres turbulence

the ideal mass flow rate. While the discharge coefficient of tHBodel for a compressible flow, was used for the calculations. Fig-
preswirl nozzlegEq. (3)) is defined in the absolute frame of ref-ure 5 shows a comparison between the_ results obtaln_eq experi-
erence, the discharge coefficient for the receiver h(es (4)) is mentally and numerically for the preswirl plate containing 12
defined in the relative frame of reference. Neglecting the pressiif@zzles and an axial distance to the cassyg28.7 mm. The
losses and the frictional effects occurring upstream the receivligcharge coefficient increases with the pressure ratio due to the
results in lowercpg values. The assumption of a fully developedompressibility effecf11]. With a deviation of less than 1 percent
flow inside the receiver hole enhances or reduces the discha¥§ih respect to the experimental values, the experimental and nu-
coefficient of the receiver hole depending on the direction of tHBerical data show perfect agreement for the whole pressure ratio
flow deflection in the hole. variation. In a subsequent experimental setup, the rotor was in-
A hypothetical discharge coefficieiEg. (5)) can be used to Stalled spinning at rather low speed= 60 rpm) in order to in-
describe the flow resistance of the receiver holes without consigstigate its effect onpy . As shown in Fig. 5, the presence of a
ering the work done by the rot¢d0]. In this definition, the real Slowly moving rotor disk obviously has little effect on the dis-

mass flow rate is compared to a ideal mass flow rate calculated §¥arge behavior of the preswirl nozzles located upstream. For all
a free expansion tg,. three configurations with different numbers of radiused receiver

holes, the maximum deviation is only 4 percent based on the setup

Cpn

m without a rotor disk.
Con= 2/k 1+1/k (3) i i P
AnPot 2k P1s Pis Rotating Holes Without Preswirl. In order to separate the
\/?' —1 p_ - p_ receiver holes from the entire system and to characterize the dis-
ot o o charge behavior dependent on pressure ratio and disk circumfer-
. ential velocity, the preswirl plate was detached from the rig. Simi-
Cor= (4) larinvestigations were performed earlier by Wittig et[&l using
ARP1t rel 2k (( Pas )2"‘ ( Pas )1*1”‘ a different test rig. The experimental study was also assisted by
VR T rel k=1 Pat,rel Pat,rel
e m 5) CpR,abs
D™ -
ANpOt . \/ 2K .((p_ZS)ZK_(%)l-Fl/K I
RT. To: =1 |\ por Por e B > L & : ----- Ng=4, /d=2.31, r/d=0.2 -
i . o
Results 0.9 frovmeremarmr e A— e s
¢« @ = .
Before the main investigation of the entire preswirl syster, g °'_____3 n .
started, its components, namely the preswirl nozzles and the ™ - .

1

{

]

ceiver holes, were tested individually. After the discharge beha 'l
ior for a free expansion through the preswirl nozzles was det®7 |
mined, the effect of the rotor ooy was investigated. With the Testdata DIANA {
I

I

I

I

I

I

preswirl plate not integrated in the rig, the discharge coefficie067- © #=1.05 & 7<1.05/.-

for rotating holes could be determined. These data can be co 8 w110 Rn=110 o
. .. . . A =120 4 n=120
pared with existing correlations to check the proper instrumento.s4--f o o0 (o0l
tion of the rig. 0 7140 ¢ 7=1.40 ° °

T 4 y g T T T T T

Preswirl Nozzles. In order to determine the discharge behay®* 00 02 04 06 08 10 12 14 18
ior of the preswirl nozzles, the rotor disk was detached from tt

shaft. This simplified stationary system was also studied nume U/Cax,id
cally and a CFD analysis was carried out for different pressure

ratios po, /P15 to predict the discharge coefficients. The commer- Fig. 6 Cppr,aps Without preswirl plate
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1.0 1.0
iy 0o & Nyp11/4, 7=1.05-1.80
: T i 4 Nyp12/4, 7=1.05-1.60
08 IR oo Byt o 1 v @ L P 08 i ] ®  Nym1212, 7=1.05-2.00
* e .1*‘ F . . B Nyn12/24, 7=1.05-2.00
L 0.7 y ¥ Ll ‘-Q‘-A-“---:--D‘A ------ g
A []
06 0.6 ------ ‘A':“'A:‘x‘;%At A 244 2 B e etatEee it
0.5 0.53--- o oy ) )
® =105 a [
0.4 s 10 04 - S
X m=1.20] PP
0.3 . o 0.3 O
0.2 * n=160|- 0.2 B At (N
0.1 1N=12, 5,=10mm 4 m=180| | NG=11A2, 8 =10mm
Ne=12, /d=4.00, r/d=0.2 v =200 r/d=0.2
0.0 T : T T T T - v T 0.0 T T T T T T T r T
08 -06 04 -02 00 02 04 06 08 08 06 -04 -02 00 02 04 06 08
Witis/Waax ia Wit/ Waax id
Cor Fig. 8 Effect of Ng, I/d, and Ny
1.0
0.9 ® 7=1.05
‘ ® =110 conditions, the new data fit very well within the validity range of
0.8 O ¥ ==12011  the existing correlation, as shown in Fig. 6. However, it must be
L M =140 . . . o
0.7 X . « 160l noticed that there is a considerable overpredictiorgf ,,s for
E ¥ r—v S n=1.60 )
06 . " A n=180 U/Cayig>0.7.
X - =1801
05 n M Preswirl System. For the investigation of the entire preswirl
i system, the number of preswirl nozzleg and the receiver holes
0.4 * Ng, ther/d ratio, the axial gap widtts,; between the stator and
03 . rotor, and the radial flow rate was varied for different rotating disk
. speeds and a wide range of overall pressure ratie9g;/Pos-
0.2 All experimental tests were conducted at near adiabatic
0.1 ‘“N=}§' 3&=—1406%m 02 conditions.
0.0 n=12, 10=4.00, re=0. Figure 7 shows typical trends farpy and cp defined in the
T 08 06 04 02 00 02 04 06 08 absolute frame of reference and fogr defined in the relative
frame of reference. The discharge coefficients are plotted against
W1t,is/W2ax,id the velocity ratiowy is/W,qay g Thereby, the tangential relative
¢ velocity wy, s is calculated assuming an isentropic expansion
D through the preswjrl nozzlge in the statiqnary SYStaMay iq de- .
1.0 notes the ideal axial velocity of the receiver flow in the relative
0.9 frame of reference for an isentropic expansion fro{p, to Pys .
=T To plot thecpr value againswg; is/Waay iq iINCOrporates several
YyYyeyy v T H
0.8%--- -*--;;1;5-.--*-} ------------ serssasesenen e advantages. The use of the velocity ratig, js/W,,y iq allows one
0.7 . *3y S - to discuss the effects arpg resulting from over and underswirl,
"oe separately. In additiony; s/ Woay i Was found to equal unity ifi
0.6 ¥ approaches infinity. Vice versa, if the rotor were accelerated into
0.5 d e the opposite direction of the preswirl jet, then the velocity ratio
04 e =105 § would be limited towy; js/Wa i¢= 1. In addition, the discharge
7 " =110 coefficient of the receiver holes,z equals zero fou approaching
0.3 : ::ig -1 o0, With these two fixed points, extrapolations and correlations
0.2 + m1e0l.] can be established that are more reliable.
’ A =180 The discharge coefficients for the preswirl nozejg, show a
01__NN=12, s;=10mm i behavior. Th b d ith i - tor disk
1 Ng=12, d=4.00, /d=0.2 v 2200 inear behavior. Thereby,py decreases with increasing rotor dis
0.0 speed due to the increased momentum of the annulus flow. The

08 06 04 02 00 02 04 06 08 discharge coefficientpg of the receiver hole is strongly depen-
w -s/W dent on the velocity ratio with a distinct maximum at
it 2axid  wy /W, g<0. As the discharge coefficient should decrease
) ) with increasing flow angle, a symmetric progressiorcgg rela-
Fig. 7 Typical trends for - cpy, Cpr, and cp tive to Wy is/Woai=0 Was expected. The position of the maxi-
mum atwy is/W,a <0 can be explained by the definition of
Wy is- As ¢y is determined for an isentropic expansion through
CFD work. The authors presented a correlation called DIANAhe preswirl nozzle and neither mixing of the preswirl jet with the
capable of predictin@pischarge coefficientand Nusselt numbers annulus flow nor frictional effects were taken into accoumy, s
for such anAir system[6]. According to that correlatioepr 4ps  Overpredicts the real inlet velocity for the receiver holes. Thus,
was defined using the static pressure in front of the receiver hoperpendicular inflow into the rotating receiver holes occurs at
As the work term was not considered, values larger than unigynaller velocity ratiosvy; i/ Woay id-
were achieved. Although the geometries of both test rigs differ in The hypothetical discharge coefficieat, of the system de-
respect to the pitch radius of the rotating holes and the infloereases with increasing rotor speed and increases with the overall
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B RS, - [ - W - MR 0 m,=50% M m,=50%
0.7 *ﬂ; :... ; 0.7 @ a o] . ad™ o=
0.6 """"#“'.'.. “;'A' é‘ """" A‘,“."t= """ 0.8 F-commmmmmme g e S 'i """"""
A
os g O
0.4 AB e n e r et alen 0.41 OOV Bl
0.3 = SHPCE—— 1 T SV SR B
0.2 ‘4 .. 11 SRS ———
0.1 1-Nn=11, 5,=10mm_ 4 0.1 1. N\=12, 5,=10mm e e
Ng=4, Vd=2.31 Ng=4, /d=2.31, r/d=0.2
0.0 T T T T T T T T T 0.0 T v T T T T T T r
08 06 -04 -02 0.0 0.2 0.4 0.6 08 -0.8 06 04 -02 0.0 0.2 0.4 0.6 08
Wi i/ Woay i Wiy is/Woay id
Fig. 9 Effect of r/d for Ny=11, Ng=4, and s;=10 mm Fig. 11 Effect of a superposed radial outflow

pressure ratio. As the ideal mass flow réey. (5)) is constant at nozzles was reduced to 11 in a subsequent setup. Nevertheless, the
a specific overall pressure ratio, the graphs show the progressitow stayed unsteady in the same rangevef s/ Wz, ig, &S shown

of the real mass flow rate, which was found to decrease with Fig. 8. Samoilovich and Morozo{8] observed a similar de-
increasing rotor disk speed. crease in the discharge coefficient for a setup with fewer than six

The number of receiver holebly and thel/d ratio were rotating holes. To be able to predict the occurrence of unstable
changed simultaneously due to the above-mentioned reasonsflaw, depending on the system geometry and the operating condi-
Fig. 8, discharge coefficients of the receiver holes are given fiens, a more profound experimental investigation is necessary. A
different numbers of preswirl nozzles and receiver holes. For ti@ssible approach would also incorporate a more advanced data
setup withNy= 12, N was varied from 4 to 24. In addition, the acquisition system, employing pressure transducers with a high-
number of preswirl nozzles was reduced to 11 fy=4. The frequency response at several locations inside the rig. As a single
discharge coefficientpg increases with the number of receiverpressure transducer in combination with a Scanivalve unit was
holes although thé/d ratio exceeds 2.0. At/d>2.0, frictional used in the present setup, only time-averaged pressures could be
effects inside the hole should redug, according to McGreehan measured. Study of the building mechanisms of the observed flow
and Schotschi5]. Therefore, it can be concluded that the numbénstabilities therefore was not within the realms of possibility.
of receiver holedNg seems to have a stronger impactayy, than Additional tests were run with 11 preswirl nozzles, 4 receiver
the length-to-diameter ratildd. holes, and an axial gap width ef=10 mm to find the influence

The integral ratio of preswirl nozzles and receiver holes wa¥ the inlet geometry of the receiver holes. Thil ratio was
chosen to facilitate numerical computations of such a complesried from 0.0 to 0.2. As shown in Fig. 9, a radius at the inlet of
system. In real engines such a symmetric configuration is alwajte receiver hole enhanced the discharge coefficignt
avoided to prevent periodic excitation. As a matter of fact, un- The results obtained for a variation of the axial distasge
stable flow occurred for a setup with 12 preswirl nozzles and ketween the stator and rotor are shown in Fig. 10. R 24
receiver holes, causing a severe decrease,jnin the range of receiver holes, a variation &, does not significantly influence
—0.7<Wy js/Woayig< —0.3. Therefore, the number of preswirlthe discharge coefficiewpr . It can further be seen in Fig. 10 that
unstable flow occurred for the smallest gap widfk-5 mm in the
vicinity of Wy js/Woaxjg= —0.5.

In addition to the geometric variations, the flow pattern was
changed by superimposing a radial outflow to the swirled main-
1.0 flow. Thereby, the radial outflow was set to 30 and 50 percent of
Se= 5mm, 1=1.05.2.00 the original main mass flow rate, while the overall total pressure

09 §,=10mm, 7=1.05-2.00 ratio was kept constant. According to Fig. 11, a radial outflow of
0.81 s,=24mm, 7=1.05-2.00 coolant scarcely influences the discharge behavior of the receiver
0.7 1 " . y T holes for the whole range of velocity ratios. A slight scattecgf
can be observed fow,; is/Woay ig< —0.2. However, in this par-
06 e ticular region it is difficult to detect a definite trend.
054 g
Y T e Conclusions
0.3 e e ‘] The discharge behavior of a preswirl system and its main com-
LY ponents were investigated experimentally. The discharge coeffi-
e cients of the preswirl nozzles were determined in a simplified
0.1 §Nw=12 static setup without rotor. Experimental and numerical data show
00 Np=24, l/d=5.66, r/d=02 ' ' . . : ' perfect agreement for different pressure ratios. The influence of a
T 08 06 04 02 00 02 04 06 08 rotor spinning at rather low speed£60rpm) oncpy can be
neglected. With increasing rotor speed, however, the discharge
Wu,is/Wzax,;d coefficient of the preswirl nozzles is slightly reduced. The dis-
charge coefficients of the receiver holes in a setup without pre-
Fig. 10 Effect of s, for Ny=12, Ng=24, and r/d=0.2 swirl plate were compared with an existing correlation. Although
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the geometries involved in both studies were different, good r, = pitch radius of preswirl nozzle exit, m
agreement was obtained within the range of validity. However, the r,, = pitch radius of receiver holes, m

data obtained in this study are severely overpredicted if the cor- R = specific gas constant,(dg K)

relation is used out of its specified range. The discharge coeffi- Re = Reynolds number defined for preswirl nozzles
cients of the receiver holes,r were defined in the relative frame =cdy/v

of reference taking into account the work that is requifed Re, = rotational Reynolds numberwrzm/]}

gained if the fluid is brought ugor down to disk speed. Thereby, s = axial gap, m

Cpr Was plotted against the velocity rati@; js/Woay g, Which T = temperature, K

estimates the flow angle relative to the receiver hole. The dis- u = circumferential velocity, m/s
charge behavior of the receiver holes was found to be strongly w = velocity in relative frame of reference, m/s
dependant on this ratio. The number of receiver hdlggurned a = inclination of preswirl nozzles, deg
out to have a stronger impact apy than thel/d ratio. A fillet Kk = isentropic exponent

radius at the receiver hole inlet improves the discharge behavior , = kinematic viscosity, fis

while the distance between the stator and ratohas no signifi- 7 = total pressure ratiopo;/Pas
cantinfluence ompr . The occurrence of unstable flow, leadingto o, = angular velocity of rotor, 1/s

a decrease ofpg seemed to be more probable for smslland .

small numbers of receiver holes. A radial outflow of coolan?UIOScrIptS

scarcely influences the discharge behavior of the receiver holes.abs = absolute system
Since neither the total temperature nor the total pressure in front ax = axial
of the receiver hole can be precisely measured owing to the ex- is = isentropic
isting complex flow structure, they had to be calculated assuming id = ideal
isentropic expansion through the nozzles. Friction on the stator N = preswirl nozzle
walls and mixing of the preswirl jet with the annulus flow are rad = radial
believed actually to elevate the relative total temperature and to rel = relative system
reduce the total pressure. As these effects are neglected by the R = receiver hole
theoretical approach, it also follows thet, ;s overpredicts the s = static
real circumferential velocity relative to the rotor. This puts an t = total, tangential
error on the “work term” and finally oncpg. As the discharge O, 1, 2 = stages 0, 1, 2
coefficient simply describes the ratio between real and ideal mass
flow rate, it sums up the existing individual losses. Separating
the loss mechanisms_and quantifying their effects is Worthwr_‘ilﬁeferences
and would help to gain a mpre detailed ph.y5|cal understanding 1] Scricca, J. A., and Moore, K. D., 1997, “Effects of ‘Cooled’ Cooling Air on
The apparent lack of experimental data gives scope for futurd Pre-Swirl Nozzle Design,” Tech. Rep. NASA/CP-98-208527, Pratt & Whitney,
investigations. oct.
[2] Meierhofer, B., and Franklin, C. J., 1981, “An Investigation of a Preswirled

Cooling Airflow to a Turbine Disc by Measuring the Air Temperature in the
Acknowledgments Rotating Channels,” ASME Paper No. 81-GT-132.
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A = cross-sectional areayzm [6] Wittig, S., Kim, S., Scherer, T., Jakoby, R., and Weissert, I., 1995, “Durchflul

an rotierenden Wellen und Scheibenbohrungen urichgebergang an rotier-
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n = revolutions per min, 1/min [9] Popp, O., Zimmermann, H., and Kutz, J., 1998, “CFD Analysis of Coverplate
N = number of holes Receiver Flow,” ASME J. Turbomach120, pp. 43-49.
— [10] Zimmermann, H., Kutz, J., and Fischer, R., 1998, “Air System Correlations:
P _ pre;sure, N/ Part 2—Rotating Holes and Two Phase Flow,” ASME Paper No. 98-GT-207.
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Approach to Unidirectional

Coupled CFD—FEM Analysis

of Axial Turbocharger Turbine
p.risinger | Blades

J. Szwedowicz This paper describes an approach to unidirectional coupled EFEM analysis devel-

0. Schéi!er opeql at ABB _Turbo Syst_ems Ltd. Results of_numerical investigations (_:oncerning_ th_e Vi-
bration behavior of an axial turbocharger turbine are presented. To predict the excitation
forces acting on the rotating blades, the time-resolved two-dimensional coupled-stator
rotor flow field of the turbine stage was calculated. The unsteady pressure, imposed on the
airfoil contour, leads to circumferentially nonuniform and pulsating excitation forces act-
ing on the rotating bladed disk. A harmonic transformation of the excitation forces into
the rotating coordinate system of a single blade was elaborated and the complex Fourier
amplitudes were determined. The bladed rotor was modeled by a single symmetric seg-
ment with complex circumferential boundary conditions. With respect to different nodal
diameter numbers, free vibration analyses of the disk assembly were then effectively
performed. For calculated resonance conditions, the steady-state responses of the turbo-
charger bladed disk were computed. By using this coupled cGHFHEM analysis, the
dynamic loading of the turbine blades can be determined in the design process.

[DOI: 10.1115/1.1415035

R & D Turbochargers,
ABB Turbo Systems Ltd.,
5401 Baden, Switzerland

Introduction Numerical Procedure

High cycle fatigue of rotating turbine components is a serious The final goal of the research program is the calculation of
problem, causing substantial damage and high maintenance efféytiamic stresses in rotating blades exposed to unsteady aero-
Highly loaded compressor or turbine blades are damaged by @ynamic forces. This ambitious task requires reliable numerical
ternating stresses resulting from the excitation forces. To impro{Rols. Firstly, the transient flow behavior in the turbine cascade
the component reliability, this important technical aspect has irfi@S to be simulated requiring time-dependent pressure and tem-
tiated intensive research prografid. An understanding of the Perature inlet boundary conditions. Finally, forced blade responses

fluid—structure interaction is essential because excitation is mai av% to b% computed due Ito the pulsatri]ng pres|§urebdistribution
induced by the fluid flow. Phenomena like stator wakes, flutteft) obtained from CFD analysigig. 1). The coupling between

rotating stall, as well as acoustic resonance are numerically agﬁse two numerical methods is achieved by a Fourier decompo-

. - Lo . lon (amplitudeP,, phase delay,) of the time resolved exci-
experimentally under investigatiof2—g|, but the link between tation forcesF(t) acting on the rotating bladed disk. Figure 1

f.lu'd dynamlcs_ and structural mechanics 'S_St'” not well e'StalﬁTustrates the unidirectional coupled procedure. Emphasis was on
lished. Numerical tools can help to close this gap, but there issue not to exceed industrial standards for the turnaround time
only a few report49,10] describing the complete procedure, begt 4 complete calculation cycle. Also the required computational
ginning with the _flow evgluatlon and sFepplng on to the calculq,ﬁemory and time had to be kept in mind and, therefore, some
tion of the resulting loading of the turbine blades. ~ simplifications had to be accepted. Features of the applied numeri-
Turbine blades of axial turbochargers operating with variablgy| tools and assumed simplifications are described in the
speed are exposed to extreme unsteady dynamic forces. Th@sigwing.
forces are caused by the stroke and the charging system of the

engine, the gas inlet, and the nozzle guide vanes. In general, lackomputational Fluid Dynamics.  The program system devel-
of experimental and numerical data does not allow the definiti@Ped in-house was already adjusted to the prediction of unsteady

of the exciting forces required in the design process. Therefore, in
current design procedures, the reliability of the already manufac-

tured blade can only be proved experimentally for instance by unsteady
. . . geometry boundary
applying expensive strain gauge measurements. conditions
A research program, initiated at ABB Turbo Systems Ltd. in
Switzerland, intends to support the expensive experimental work

with numerical tools. In analogy to Srinivasarn’sl] statement,
progress could be achieved by close collaboration among experts
in computational fluid dynamicéCFD), Finite Element methods
(FEM), turbine design, and charging systems. This paper presents decomposition

an approach to unidirectional coupled CFD—FEM analysis of Pk,lﬁk

axial turbocharger turbine blades. FEM
“forced response”

Contributed by the International Gas Turbine Institute and presented at the 46th

International Gas Turbine and Aeroengine Congress and Exhibition, New Orleans, u, o

Louisiana, June 4-7, 2001. Manuscript received by the International Gas Turbine

Institute February 2001. Paper No. 2001-GT-288. Review Chair: R. Natole. Fig. 1 Unidirectional coupled numerical procedure
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Fig. 2 Example of CFD grid

Fig. 3 Identical meshes to define complex bladed disk oscilla-

. . . tions in the real domain
aerodynamic forces in pulse charged turbines of turbochargers

[12]. It is based on a two-dimensional time accurate multiblock
Euler/Navier—Stokes solver. The integrated postprocessing offers
a close link to mechanical integrity codes by the determination of
the blade forces. The calculations are done in the absolute frafy
of reference, using a moving grid for the rotor. At the intersecti
between the stator and the rotor grid, the cells have to overlap, an
the so-called CHIMERA Interpolation is usgf3]. The number of IM(e") i+ K(e", Q) {g}={0}, j=vV-1 ()
channels in the stage is between 60 and 70. For a fully three: _ . . . S
dimensional simulation of the transient flow field, the amount %herecp—Zw/N is the cwcquerentlal perlod_|C|ty angle_ of the
computational time and computer memory would be far beyo sc sector and the nodal diameter numbesaries according to
the capacity of standard computers used in design departments. N/2 for N even
Therefore, a simplified model was applied, based on two- n=0,12... 2
dimensional Euler equations. These equations are valid for (N=1)/2 for N odd

straight inviscid cascade flows and sufficient for the flow simula- |n Eq. (1), [M(e"¥)] and [K(el"¢,Q)] represent the blade
tion on a circumferential stream plane of a chosen radius wiiass and nonlinear stiffness matrices with respect to the rotational
constant radial thickness. Assuming thin boundary layers, the ipeed() Both complex matrices depend on the nodal diameter
fluence of friction and heat transfer are negligible and coarse coRumbern. The complex vector$q} and{d} describe the nodal
putational grids could be used for the two-dimensional simulatiafisplacement and the acceleration of the blade vibration. Between

without loss in accuracy. Figure 2 shows an example with onfyodes located on the right and left circumferential sector sides,
29X9 grid points per block. A more detailed explanation of th@yc”c kinematic constraints are imposed as

CFD tool can be found in ScFer [14]. P (@™ @)
A right= A5 1eft®
Boundary Conditions. The unsteady inlet boundary condi- . ront . e "
tions were determined by using the simulation system, SiSy, {AQhrigh={0}iene’™® 4)
which was developed at ABB Turbo Systems, Ltd., by Bulaty reriting the Euler function in trigonometric notation, eigen-

et al. [15]. This code simulates Diesel engine behavior with rereqyencies of the cyclic finite element system can be computed in
spect to the exhaust pipe system and the turbocharger perigis real domain. Consequently, the cyclic model has to be repre-
mance. The SiSy system fulfills the following requiremertts:

s X . 5 sented by two identical finite element mesh&sy. 3), whose
optimization of gas exchange process@,simulation of engine 5qa| houndaries on the circumferential sector sides are con-
performance under different ambient conditio(®) analysis of giained as shown in Eq3) and (4). For each modé and nodal
the influence of turbocharger specificatiof®,comparison of dif- jiametern (besidesn=0 andn=N/2), two identical eigenfre-

ferent turbocharging systems, affi} parameter studies for load g,encies are computed, which refer to two possible orthogonal
acceptance. In the scope of the “coupled CFD-FEM analysisyode shapes of the disk assembly.

the SiSy program delivers the transient total pressure and tem-

perature at the inlet of the turbocharger turbine in terms of the Static Calculation. By substitutingn equal to 0 into Eq(1)
operating conditions. Total temperature and pressure are highlyd Egs.(3) and(4) as well as omitting the inertial term of Eq.
unsteady due to the pressure pulses in the exhaust system oflanthe static equation of the disk assembly rotating with the
alternating combustion engirfeompare Fig. angular speed) is obtained in the following form:

Finite Element Method: Dynamic Analysis. At ABB Turbo [KQ)Ha}={Po} +{T}+{F(Q)} (5)

Systems, Ltd., the ABAQUS finite element code is already inteWhere{P V. [T}, and [F(Q)} are stationary gas pressufeb-
A . oJ ’
&ined from CFD, thermal loadgobtained from thermal FE simu-

ence is_ available a_nd, therefore, the ABAQUS program was intI%\'tion), and centrifugal forces, respectively. In turbocharger blisks
grated into the design procedure.

Disk bli tainind turbine blad led ci f the blades can be circumferentially coupled by a lacing wire, as
isk assemblies containig turbine blades coupled circumfer- oy, iy Fig. 3. In this case, an effective contact area between the
entially through the elastic rotor and an optional lacing wire h

to be analyzed. Blade mistuning effe¢sight differences in ge- rfoil and lacing wire is obtained from a nonlinear static compu-
ometry and/or in the damping properties among bldd6d were tation by using contact elemerits7]. In the free vibration analy-

; - es, the nodes located on the computed contact area are fixed
neglected in the performed analyses. Under these conditions f dly to each other as demonstrated by Szwedowis]. Fi-
disk assembly is a rotationally periodic structureMfidentical .

blades and the cyclic wave theory could be applied. Thus, t ally, for the considered rotational spe€d the eigenfrequencies

static and dynamic deformations of the whole disk could be rep(-f:‘the bladed disk can be computed.

resented by a single blade with complex circumferential boundaryDamping Properties of Turbocharger Disks. Gust-response
conditions. and motion-dependent unsteady aerodynamics assure improve-

Free Vibration Computation. Neglecting dissipation effects,
& harmonic free vibration of the single coupled blade is given by
8 complex matrix equation
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)
. [22] wherek=1,2, . .. e describes the engine ordés 1,2,3 in-
""""" LTI dicates the number of the considered mode shapedenotes the
S R circumferential position of the excited node of the cyclic finite
................... S TR © 4 W B element model (Figs. 3 and 11 In Eq. (7), m,
TR ={}a[M(&") [{$}; » andk; n={B} 1K ("9 ]{ ¢} , are the
modal mass and modal stiffness of the cyclic FE model, respec-
tively, (Fig. 3), and{¢ ,*,T is the conjugate transposed vector of
the disk eigenformp; ,. The nodal circumferential positiom, is
determined from Cartesian coordinates of the excited mhoBer
each nodal diameten, constant either minimum or maximum
values of the damping ratig; evaluated from the experimental
resonance curvesee Fig. 4 are only taken into account in Eqg.
(7). Therefore, the global damping matfio | in the space-time
differential Eq.(6) can be simplified by @; & in the modal
dynamic Eq.(7) of the cyclic FE blade model shown in Fig. 3.
- AmplitudesP, and phase delag, are obtained from the Fou-
rier decomposition of the nonuniform pressiteFor the applied
Fig. 4 Measured Campbell diagram of turbocharger disk with twin FE models(Fig. 3), excitation loads of each engine order
lacing wire in service have to be imposed simultaneously on nddef the real and
imaginary blade as shown by Szwedowj@2]

Fea=p, [cogka;— By ,)+jsinka—Bc.)] (8.1)
ments for calculations of aero-dampipt9]. But their reliability l_'X X LTk bk
is restricted due to hardware limitations and an excessive need of ~ F{"7*9=P [sin(ka,— By ) —j cogke; =By )] (8.2)
computational time.

“frequency

-| analyzed harmonic
excitation order

rotational speed Q

- . . where y refers either to the circumferential or the axial direction.
For the numerical analyses, the total blade damgingterial, “"p "4, the orthogonality condition between the disk mdgle
mlcro-frlctlonal,kan?[%erct)_-damp}m:jgvis evaluet\)tled frortn m4easudredand the circumferential pressure distributiBp in Eq. (7), the
resonance peaxs. vibralions of disk assemblies Wip. . ) and  disk assembly oscillating with nodal diameter numbés in reso-
without lacing wire were measured under service conditions. Wi nce, if the excitation orddeis equal tox-NFn or x-(N+2)
th_e help of the fractlt_)nal-p(_)wer bandwidth mettj@d], the mag- *n wﬁereK=O 1 « for the even or odd number of the blades
nitudes of the damping ratios were evaluated from the resonangey the turbiné r'o.tcln.{22]
peaks. The values obtained by means of fraction of the critical '

damping were in the range of between 0.15 and 0.4 percent. .
Transformation of the Calculated Blade Forces Into the Ro-

. tating Blade System. For the analyzed pulse charged turbo-

CFD-FEM Coupling charger, excitation amplitudgP,} in Eq. (7) varies in the time
Even for simplified models of disk assemblies, a time-marchirdpmain. For the forced response calculation, the excitation has to

structural finite element simulation of the bladed disk responsehis transformed into the frequency domain. This is achieved by use

ineffective because of the need of the excessive computationélan ordinary Fourier decomposition. In this content, it is impor-

time. Hence, the finite element calculations were performed in tkent not only to keep an eye on the amplitud®urier coeffi-

frequency domain as mentioned before. cients but also on the phase relationship, which seems to be more
From CFD simulations(Fig. 1), the time-dependent two- uncertain to calculat¢23], but influences the magnitude of the

dimensional pressure distribution on the blade midsection is dibading considerably.

tained. To realize a quite simple first approach, a single excitationlt also has to be stated that the sampling interval of the time-

force, split into axial and circumferential direction, is calculatedesolved CFD plays an important role for the quality of the results

from the pressure distribution assuming a uniform radial distrib(i21]. Depending on the expected frequency contents and the de-

tion along the blade height. This force, acting on the center sired resolution, the sampling interval was chosen according to the

gravity of the blade midsection, represents the blade stimulationlityquist sampling theorem given in Newlaf24].

the forced response analyses. This simplification is acceptable

since in the scope of this project, there is major interest in vibra-

tions caused by the pressure pulses of the diesel engine exh&r@sults

system, which mainly excite low, simple bending blade modes \jith the help of these numerical tools, different turbine con-
[21]. figurations under a variety of operating conditions were analyzed.
Forced Response Analysis. In general, forced vibrations of a ThiS paper gives a summary of two loading cases of the turbine

single coupled blade can be expressed in the Cartesian systenflis}f With the lacing wire. The first one was a turbine stage under
constant pressure loading. The second example demonstrates the

[M (™) G} +[DNa}+[K(e™, Q) {q}={P} (6) loading of a turbocharger turbine under pulse charging engine

where the damping matrikD] is determined by the Rayleigh conditions. The numerical results were compared to experimental
dissipation model as a linear combination of the mass and stiffte as far as available.

ness matrices. The generalized Veqtﬁﬁ describes the nonuni- Constant Pressure. For a first assessment of the CFD-
form pressure distribution along the circumference. For a blagg|culations, three different turbine stages under full admission
rotating with the constant angular spe€d the pressuré is a \yere analyzed. The output poweF of the stages was calculated
periodic excitation function with the period af=27/(). After by means of the tangential blade fordés multiplied with the
applying the computed eigenfrequencies, and mode shapes rotational speed of the turbinec, the Euler radiug, and the
¢i n (see Eq.(1)), the steady state response of the disk rotatingymber of turbine bladels

with constant angular speéd is given for each nodal diametar

in the rotating frame of reference as Pr=2-m-ngc-1-N-Fy 9)
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Fig. 5 Comparison of relative change in output power for dif-
ferent turbine configurations

The numerical results were compared to the measured values
obtained from thermodynamic experiments. The relative differ-
ence is illustrated in Fig. 5. All values are related to the results for
configuration 1. As expected, the calculated output power is
higher than the corresponding measured values since the pressure
distribution on the blade surface was calculated only for the mid-
section and was assumed to be constant along the total blade
height. The difference between calculated and measured data for
these calculations is maximal up to 10 percent, due to the applieig. 6 Unsteady pressure p (upper) and temperature T (lower
simple Euler calculations. diagram ) inlet boundary conditions

Also, mass flow rates and the output power calculated from
thermodynamic data are in a good agreement with the experimen-

tal results. This indicates that the CFD code is able to predict the - . .
flow fields for different turbine setups. oundary conditions exist at the two separate gas inlets. The

boundary conditions at the outlet were set to ambient conditions.
Pulse Charging. For this case, real engine conditions were .
modeled assuming a three-pulse charged six-cylinder diesel enBlade Forces. The CFD calculation reveals snapshots of the
gine. This led to model an inlet casing with two separated gggs_teady pressure field of the turbine stage for each time step. An
inlets. Therefore, the inlet was divided along the circumferenti bitrary example can be seen in the upper part of Fig. 7, which

direction into two parts. Each inlet segment was connected to strates the significant difference in pressure distribution at tur-
individual exhaust pipe serving three cylinders. Heavy press e inlet and the pressure decrease over the stage. From the pres-

pulses from the exhaust system are directly led to the turbochalr%HFe distribution the pulsating forces acting on the rotating blade

turbine. This results in significant differences between the adm ere calculated.
sions of the two inlet segments and therefore high dynamic loa . X
acting on the turbine bI%\des had to be expectgd. 'I¥hus the e loading on each blade. Figure 8 shows the calculated forces

scribed test case is a good example to demonstrate the capab R{E{a complet_e engine _cycle, which equals two re\_/olutions .Of the
of the coupled CFD—FEM analysis. our-stroke diesel engine. In the graph, the forcing function is

related to the time averaged value. Six pulses are detected and it

Boundary Conditions. The unsteady inlet boundary condi-can be stated that the blades are subjected to extreme dynamic
tions for the CFD analysis, namely the total pressui@nd total loads. The turbocharger revolution can also be recognized, and in
temperaturel, were obtained by the use of the SiSy code modethe lower part of Fig. 8 one turbocharger revolution is shown in
ing the Diesel engine behavior with respect to the pipe systedetail. For reasons of clarity, the qualitative loading of the turbine
The values for each of the two segments are displayed in Fig.tl8ades during one revolution is also illustrated in the lower part of
The six pulses of the cylindefshree per segmentan clearly be Fig. 7. The strong differences between the two segments and the
seen. With respect to the time, very high differences of the infloinfluence of the turbine nozzles can be detected.

0 100
time [msec)

As mentioned before, only one single resulting force represents

pressure

",

AAAAARARAANA LA NN NNNNNAN

be | | TN\

Fig. 7 Pressure distribution in the midsection of the turbine stage for a single time step (upper plot ) and quali-
tative loading of the turbine blades  (lower diagram )
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/ \
2 ;’ ‘\! ;'\-~—’“‘ Fig. 10 Nodal diameter diagram of the bladed disk rotating
o, i ‘\\/ N / with constant speed n;c=Q (compare Eq. (7))
T ~ /
the lower part of Fig. 9. For this particular excitation order, the
. _ — — — — — unsteady excitation amplitude is about 3 percent of the steady
oo : ' time [ms] ' ' load. These data compose the excitation input for the forced finite
element response calculation.
Fig. 8 Resulting blade force versus time Forced Response Calculations. Initially eigenfrequencies of

the turbocharger assembly with respect to the different nodal di-
ameter numbers, characterizing the disk mode shapes, were cal-

Figure 9 displays the power spectrum of the Fourier decompeulated. As mentioned before, resonance can occur if the excita-
sition for the forces acting on the blade. The high values at fréien orderk is equal to the nodal diameter numiverntersections
quencies below the first turbocharger order result from the chaigetween the calculated excitation bands and eigenfrequencies,
ing system. Their frequencies are characterized by multiples of tiaich define possible resonance conditions, are found with the
speed of the Diesel engimg,g . Further peaks are detected forhelp of the well-known Campbell diagraicompare Fig. %#in
multiples of the turbocharger rotatiorrc. Even turbocharger or- combination with the nodal diameter diagram given in Fig. 10. As
dersk are directly identifiedseek=2,4,6 . .. inFig. 9, because an illustrative example, the sixth engine order was chosen to per-
maximal peaks refer to the frequenkync as it is illustrated for form the FEM calculations.
the sixth engine order in the lower part of Fig. 9. For uneven In the CFD simulation, the rotor speed was adjusted to coincide
turbocharger order& (seek=1,3,5... in Fig. 9, the highest with resonance of the first blade mode in the sixth engine order
peaks correspond to two particular frequendiesirc—m-npe  (compare Fig. 10 Using the ABAQUS finite element code, the
and k-nrc+m-npe where m denotes the pulsation ordem( forced response analysis was performed according to the excita-
=1,2,...). tion band of the sixth engine order shown in Fig(l8wer dia-

For each turbocharger ord&y the excitation spectrurk-ntc  gram. A constant equivalent damping ratip_, of 0.2 percent
+m-npg is obtained from the Fourier decomposition of the CFQvas assumed. As mentioned before, this value includes the energy
results. An example for the sixth turbocharger order is shown ifissipation effects of the vibrating blade caused by material, fric-
tional, and aerodynamic dampirigee Fig. 4. Considering only
material damping, which can be obtained with the help of a ham-
mer test, the value would be below 0.02 percent.
region of the 1* turbocharger order In the steady-state FE analysis, only the first blade mode was
included, because the excitation spectra, which induce vibrations
of the second and third blade modgsrbocharger orders above
12 in the upper diagram in Fig)9are much smaller in compari-
son to the spectrum of the sixth engine order. Additionally, the
fundamental vibration mode of the analyzed nodal diameter 6 of

| region of the 2™ turbocharger order l

| region of the 3" turbocharger order |

| region of the 4" urbocharger order I the bladed disk is well separated and distinct from the higher
[ modes(compare Fig. 11wi_,n-6=2.1 ®j—15-¢ and wj_zn—¢
addobiiis =2.3 wi_1p-0).
12345 678 910111213141516 171819 20212223 24
turbocharger order
damping ratio
Q a
=T T ... = o -
s 6 N 2 L d=0.02%
= " d=0.2%
300 o :a
£ "
PRe.8 s 5 e W=3.0-6 = 2.30=1.0=6 |
» 3 ::‘ - — 2 1 - "
(6 nrc)+ (3 npg) c | te Wi=zn=6 = 2.1 0=y n=6 | )
B 6 nrc)— (3 Noe) : = s T i
R 5L P
3 = . ¢
. |
excitation band of the 6" turbocharger order excitation frequency
Fig. 9 Power excitation spectrum of the blade rotating with Fig. 11 Comparison among the resonance amplitudes of the
speed nyc; upper diagram: full spectrum, lower diagram: lowest blade modes excited by the sixth engine order for two
zoomed spectrum for the sixth engine order damping ratios &
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leads to the conclusion, that for the described example case three-

dimensional effects are small and the value of the damping ratio
00 was well chosen.
To prove the numerical resul(Eig. 12, left diagrany measured
08 vibration amplitudes are shown in Fig. 13. The similarity between
the measured and calculated spectrums is obvious and shows the
07 capability of the unidirectional coupled numerical procedure to
predict vibrations of turbocharger turbine blades.
g 0.6
g . Summary and Outlook
-.!5. The described numerical procedure developed at ABB Turbo
2 o4 Systems, Ltd., is an approach to support turbocharger blade design
g for predicting dynamic stresses. With the help of this unidirec-
031 tional coupled method, a structural optimization can be achieved
i with respect to the blade excitation resulting from the fluid flow.
0215 Costly experiments required within the design procedure of reli-
e able turbine blades can then be reduced. In the first step the dy-
L namic loads of pulse charged turbines were emphasized. A simple
model of the blade loading was assumed because only fundamen-
O e hana tal blade mode shapes had to be considered. Qualitatively good
6th turbocharger order agreement between experimental and numerical results was
achieved. With respect to the simplifications, the quantitative
Fig. 12 Calculated blade amplitudes at the trailing edge ver- agreement was satisfactory.
sus exciting frequency ~ (left); and contour plot of qualitative In the next step of the research program, the modeling of the

stress distribution in the turbine blade with the damping wire

(right) blade loading and, therefore the CFD modeling, has to be im-

proved to give quantitative better results. Higher resolution of the
pressure loading takes torsional effects into account, and is there-

Fixed contact between the lacing wire and the airfoil was agc_)re mandatory to be able ta include higher mode shapes into the

sumed in the steady state vibration analyses. The frictional as V\}%En:jegca:hdeilg;z'proceicéurei/. 'Ir']hesenrgodems;?bagestarteh podssrllbI?/niex-
as the aerodynamic energy dissipation are only included by t °d by the nozzle guide vanes and co ute to the dynamic

introduction of the equivalent damping ratio. To illustrate all this,Oad of turbocharger turbine blades.

Fig. 11 shows the computed minor resonance responses of the
second and third blade modes related to the resonance of the fA@knowIedgments

damental blade mode. )
The difference between the first computed and measured bladd N @uthors would like to thank ABB Turbo Systems Ltd. for
encouragement and the permission to publish this work. The

eigenfrequency was below 2 percent. To illustrate the results -
the forced response analysis, the calculated relative amplitude@4{10rS are also in debt of Dr. P. Neuenschwander, who performed
e “SiSy” calculations.

the tip of the blade trailing edge are shown over the excitin
frequencies on the left side of Fig. 12. The trailing edge was
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Influence of Injection Type and
Feed Arrangement on Flow and
Heat Transfer in an Injection Slot

An experimental investigation is conducted to improve a slot film cooling system used for

Hyung Hee Cho the cooling of a gas turbine combustor liner. The tangential slots are constructed of
Department of Mechanical Engineering, discrete holles with. differgnt _injeption types which are the parallel, vertical, and compingd
Yonsei University, to the slot lip. The investigation is focused on the coolant supply systems of normal, inline,
Seoul 120-749, Korea and counter-flow paths to the mainstream flow direction. A naphthalene sublimation tech-
e-mail: hhcho@yonsei.ac.kr nigue has been employed to measure the local heat/mass transfer coefficients in a slot
wall with various injection types and coolant feeding directions. A numerical simulation is
Jin Ki Ham also conducted to help understand the flow patterns inside the slot for different injection
Hyundai Heavy Industries Co., LTD., types. The velocity distributions at the exit of slot lip for the parallel and vertical injection
Ulsan 682-792, Korea types are fairly uniform with mild periodical patterns with respect to the injection hole

positions. However, the combined injection type increases the nonuniformity of flow dis-
tribution with the period equaling twice that of hole-to-hole pitch due to splitting and
merging of the ejected flows. The dimensionless temperature distributions at the slot exits
differ little with blowing rates, injection types, and secondary flow conditions. In the
results of heat/mass transfer measurements, the best cooling performance inside the slot is
obtained with the vertical injection type among the three different injection types due to
the effects of jet impingement. The lateral distributions of heat/mass transfer coefficients
with the inline and counter-flow paths are more uniform than the normal-flow path. The
average heat/mass transfer coefficients with the injection holes are about two to five times
higher than that of a smooth two-dimensional slot pafi@Ol: 10.1115/1.1424890

Introduction paths increases. Recently, as combustors develop into smaller

i . . . izes and higher temperature rises, it is essential to determine the
Aslot film cooling has been used extensively for the cooling OEetailed and accurate slot film cooling information. Many re-

a gas turbine combustor I|n_er_. A_surface exposed to a_hot g@egarcher$8—13] investigated slot film cooling, discharging flows
stream can be protected by injecting a layer of cooling air aloQHrough discrete injection holes, to obtain flow characteristics and
the surface. The injected coolant forms an insulating layer b ooling performances. Sivasegaram and Whitelad] presented
tween the hot gas and the surface to be cooled. Generally, {38 f5,y characteristics affected by slot lip thickness and injection
liners of gas turbine combustors are film cooled by tangential S'Qﬁgles of 30 deg, 60 deg, and 90 deg to the direction of main-
injections of compressed air along their flame side surfaces. ltdgaam Farmer et’ di15] in\;estigated two geometries including a
recognized that the best film cooling performance is achieved W-@S-deg inclined slot and a shaped 35-deg inclined slot. Hounslow
a two-dimensional and uniform injection through continuous slotg 4 [16] reported the development of combustors for a power
in the surface to be protect¢fi—3]. Extensive investigations, in- plant.
cluding numerical simulations, have been carried out in past yearsrne present study is conducted experimentally and numerically
to determine the individual influences of the large number of pgy investigate flow and heat transfer characteristics of slot film
rameters that can be of significance with slot film coolibgt—6.  cooling with discrete holes for changing blowing rates, injection
Goldstein[7] provides an intensive summary of the film coolingypes,"and flow conditions at the slot exit. Especially, coolant
works. feeding directions, which have inline and counter-flow directions
In actual slot film cooling application, a number of constraintg the mainstream flow, have the effect of secondary flows greatly
such as structural strength, thermal expansion, cost of fabricatigging used. The investigation is focused on the heat transfer en-
and coolant metering often prevent the use of a two-dimensiongncement of the inside surface of a slot lip with changing the
continuous slot injection. Therefore, a practical combustor lingbolant flow paths. The mass transfer experiments by means of a
often uses discrete holes and three-dimensional film cooling sleigphthalene sublimation technique are conducted instead of heat
to protect its wall from the hot gas stream. These film coolingansfer experiments to obtain detailed local transfer coefficients
slots consist of rows of parallel, vertical, and combined holes widn the inside surface of the slot lip. The radiation and conduction
or without slot lips. The cooling flow, which is admitted througherrors that occur in heat transfer experiments are excluded in the
discrete holes, impinges on the inside surface of a slot lip, andriaphthalene sublimation technique. Numerical simulations using a
mixed to form more or less uniform flows before ejection to theommercial code, FLUENT, are also conducted to help under-
hot gas stream. The slot lip should be long enough to insure ditand the flow patterns inside the slot for different injection types.
velopment of a uniform film, and the proper lip length is related to
the hole size, hole-to-hole spacing, and slot height. However, an .
extremely long slot lip can be damaged because convection hEgPerimental Apparatus and Procedure

transfer inside the slot decreases gradually as the length of flowy Wind Tunnel and Secondary Injection System. The

wind tunnel used for this experiment is an open circuit and blow-

Contributed by the International Gas Turbine Institute and presented at the AS : ; : f
TURBO, Expo 2000, May 8-11, Munich, Germany. Manuscript received by tl:fetl?g type. The test section is 300 mm wide by 195 mm hlgh by 800

International Gas Turbine Institute February 2001. Paper No. 2000-GT-238. Revi€lM long .and the area rati? of the contraction Se?tioln is 9:1. Atrip
Chair: R. Natole. wire of diameter 2.5 mm is attached at the beginning of the test
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section to ensure fully developed turbulent boundary layer in the Table 1 Experimental configurations of the test plate
test se/(:tlonh TEe n%mlnal vell(zjuty of ttt:e mfalnstregm |sdma|n;]a|r‘ﬁ;.?t Height
at 8 m/s, which is the Reynolds number of 8000 based on the s . . . . .

height, during the experl%ental tests. The turbulence intensity of G Lip Length (1) Lip Thickness(t) Pitch (P) Diameter(D)
the mainstream without secondary flow injection is measuredl5 mm 45 mm 3 mm 15 mm 10.5 mm
within 0.7 percent. The boundary layer thickness based on 99

percent mainstream velocity at the location of slot exit is 11 mm.

The secondary injection system is composed of a blower, a hr=* A
exchanger, an orifice flow meter, and a plenum chamber. Seco
ary flow passes through fine screens in a plenum chamber ans
injected through the slot holes into the boundary layer of tt @@@@ q @’
mainstream. The orifice flow meter between the blower and tl
plenum chamber is used to measure the mass flow rate of
secondary flow. For heat transfer experiments, the temperature
the secondary flow is raised above that of the mainstream with t
aid of the heat exchanger supplied from an iso-thermal bath. A
temperature difference of approximately 30°C is used and is me
sured by using J-type thermocouples which are attached to 1
inlet and outlet of system. For mass transfer experiments, t L ;
mainstream and secgndary flows are maintained V\Ei)thin 0.2°c. N EREN =Y SRR R R B

section A-A
(@)

2 Test Plates. The geometries of film cooling slots and co- section A-A
ordinate system are shown schematically in Fig. 1. Parallel a )
vertical holes compared to the mainstream are punched linearly
the inside of slot. The configuration of the test plate is presented
Table 1. The coordinate system of the duct takes the streamwi
lateral, and vertical directions fof, Y, andZ, respectively, and its @ {} @,
origin is located at the end point of the lip, the middle, and bottoi S s - T N TR
point of the slot height. The geometries of slots with various ir 1 \ L
jection types are presented schematically in Fig. 2 for a norm: A
feeding direction in which the secondary flow is supplied verti
cally from the bottom of plenum. Three injection types are used to
study the effects of slot geometries. For a parallel injection, Unkg » schematics of injection types— (a) parallel injection
form velocity distribution can be obtained at the slot exit bu(q:|) (b) vertical injection  (V1); (c) combined injection  (CI)
convection heat transfer is the only method to cool the inside
surface of the slot. For a vertical injection, jet impingement effer* Main
can be added to convection heat transfer and the inside surfact :>
slot can be cooled intensively. For a combined injection, bo
advantages of the parallel and vertical injection are expecte
Moreover, as shown in Figs(&® and (b), the effects of feeding

section A-A

Flow

Secondary
Flow

£ T ¢
—tt—  Ie
N |

N NEEN N
-~ Zc/2 AT L MY
RN -
section A-A S
econdary
A ul Flow
~—P— -
Z D (b)
Fig. 3 Schematic view of different flow feeding directions— (a)
ahundh ah ah _ parallel-feeding direction;  (b) counter-feeding direction
U\ W Wy AU A
NEENEENEEN NMIENEENEENEENEENEE directions of the secondary flow which have inline and counter-
[ | \ \ \ | \ | flow directions to the mainstream flow is investigated. The height
of the guide vane is equal to that of the slot.
J D - A The mass transfer experiments are performed by using the
naphthalene sublimation method instead of heat transfer experi-
Fig. 1 Slot configuration and coordinate system ments. The boundary of the naphthalene-coated surface corre-
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test plate

m ps(dy/dr)
hy,= = 2
\ m Pow™ Py,» Pu,w @

K . 7 Naphthalene Sinc_e the approaching flow contains no naphthalene vapor,
\_/ coated surface =0 in the present study. Therefore, the mass transfer coefficient is

calculated from the local sublimation depth of naphthalehg,

1 runtime dr), density of solid naphthalengy), and naphthalene

—Xx* L vapor density 6, ,). The naphthalene vapor pressure is obtained
from a correlation of Ambrose et dl17].
Fig. 4 Schematic diagram of test plate for mass transfer ex- The Sherwood number can be expressed as
periments hd
Sh= (3)
Dnaph

N Daph is based on the discussion of naphthalene properties given
sponds to a constant temperature condition of heat transfer expgg-Goldstein and Ch§18].

ments. Detailed local heat/mass transfer coefficients are obtained
in the present experiments. As shown in Fig. 4, the test plateUncertainty Analysis. The uncertainty of the measured Sher-
including the naphthalene-coated surface is established like a dkod number is estimated within 7.9 percent at the 95-percent
lip. The coordinate system of the test plate takes the same latéi@nfidence level by using Kline and McClintock49] uncer-
direction asY, the vertical one aZ in Fig. 1. But the streamwise tainty estimation method. This uncertainty is attributed mainly to
direction is defined newly as* at the start point of slot lip in Fig. the uncertainty of properties of naphthalene, such as the naphtha-
4. Therefore, the region to measure mass transfer coefficientd6i@e saturated vapor pressu@e8 percent and diffusion coeffi-
covered by 0.£X*/Z,<2.8 in the streamwise direction andCi€nt of naphthalene vapor in the &.1 percent
—2.0=Y/Z,<2.0 in the lateral direction and the naphthalene- . . .
coated surface includes four holes. A J-type thermocouple is gdumerical Simulations
sitioned inside the naphthalene-coated Iayer near the eXpOSGd SUTFhe numerical simulations using a commercial package pro-
face. The vapor pressure and density of naphthalene on the surfgggn (FLUENT) are accomplished to understand the flow patterns
is calculated from this measured temperature. inside the slot lip with different injection types. The computation
A two-dimensional continuous slot test is conducted for refefj'omains are modeled by the geometry used in the experimenta|
ence values of the tested experimental results according to chag@rly. The symmetry boundary conditions for one cell of injection
ing parametersi.e., blowing rates, injection types, flow supplyholes are imposed to reduce the grid size and calculation time.
directionﬁ. The two-dimensional continuous slot is ConstrUCteqi'he Computation domain grids are created using the GAMBIT
with rounded approach duct sections at the front of slot and fiRglid modeling, and the number of grids is aboutx@®x 150.
screens at the inlet of duct are used to minimize flow diStUrbanmﬁerent grids are used to Verify the gnd independence of the
and to make a uniform flow condition at the slot exit. solution at the blowing rate dfl=1.0. The steady solutions for

Data Reduction. Velocity and turbulence intensity are mea_turbulent flow field in the slot cooling system are calculated using
sured by a hot-wire anemomet@SI-IFA300) which is a constant an RNG(re-normalization groupk- e turbulence model. The flow

temperature type with alrtype sensor. A three-axis traverse Conpharac_teristics with the varigtions_ of injection types are investi-_
trolled by a PC is used to carry the hot-wire probe to variou.%ated in the present numerical simulation to support the experi-
directions. The measured data are stored in the PC througﬁnﬁntal results.
GPIB board. . .

Temperature distribution is measured by a J-type thermocoupi€sults and Discussion
rake which is composed of seven thermocouples arranged at in-1
tervals of 5 mm. The three-axis traverse is also used to move tttﬂ% v
rake. The dimensionless temperature coefficient is defined as

Two-Dimensional Continuous Slot. Figure 5a) shows
ertical velocity distribution of a two-dimensional continuous
slot for M =1.0 atX/Z.=0.25(near the slot exjt As the second-

T-T ary flow is injected through the two-dimensional continuous slot,
O=— - (1) the uniform velocity distributions are obtained laterally and the
To—T. vertical velocity distribution is similar to a duct flow pattern.

Therefore, this two-dimensional slot is expected to have a mini-
mum entrainment of the mainstream into the coolant film with
respect to shear mixing. Figurébh shows the local variation of
%Igerwood numbers for M1.0 on the inside surface of slot lip at

whereT is the flow temperature at the measuring positiban,is
the mainstream temperature, afig is the secondary flow
temperature.

The test surface is cast with naphthalene using a set of mo
composed of the test plate and the molding plate polished highly
to a maximum smoothness. To obtain the local mass transfer rates,
the sublimation depths of the naphthalene surface are measure
the numerous positions using an automated positioning table a
an LVDT (linear variable differential transformemade by Schae-
vitz Engineering(LBB-375TA-020. The LVDT has a resolution
of 0.025um and the diameter of the measuring tip is 1.588 mn®
An error of the LVDT measurements on the test plate is abor ,,
0.15 um, which is within 0.5 percent of an averaged sublimatiol
depth of 40um during the run.

The sublimation depths of the naphthalene-coated surface i ol—— ~
measured before and after the test in the slot flow. Sherwor uim's)
number(Sh), the dimensionless local mass transfer coefficient, &
calculated from differences of the surface elevatighse naphtha- Fig. 5 velocity and Sh distributions of 2-dimensional continu-

M=1.0 300 T — —

250 -

20—

] R L - -

(b}

lene sublimation depths ous slot for M=1.0 — (a) vertical velocity distributions at
The local mass transfer coefficient is defined as X/ Z.-0.25; (b) local Sh along the slot lip
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Y/Z.=0. The heat/mass transfer decreases as the heat/mass tr 2o————— ——r—— 80— ‘

fer boundary layer develops from the root of slot lip and thati - @pr-------------- 2ze-
very uniform at the region ok*/Z.=0.7. The lateral distributions  ssof------------ N -l
of the local heat/mass transfer coefficients is fairly uniform ove ... ... ......._. —o— oo7 |
most parts of the slot lip. These results are used for a refere@100 ,,,,,,,,,,,,,,,,,,,, o |
value evaluating experimental results obtained from oth® | f::h,m " |
configurations. S |
2 Velocity Distributions.  Figures 6—8 show lateraland ver- [~ """ - om0
tical velocity distributions foM =1.0 atX/Z.=0.25 accordingto 2T T 1
the change of flow injection types and flow feeding directions. F« ~ [-@w--------------------- 1
the normal flow feeding direction, as shown in Figa the maxi- ~ sof--------------ooooooo oo —
mum and minimum velocities are repeated periodically at ho_ |- R RTLL VI W

centers {/Z.=*=0.5+1.5) and at middle points between Nolesg ol -eet®**se, #T  00es* 0 . |
(Y/Z.=0.0,£1.0) for the parallel injectioitPl), respectively. The
vertical velocity distribution shows that the maximum VElOCIty 5ol -jeessensssssrescees®osnss- -

appears near the bottom surfa@ég. 6(d)). This velocity distri-

bution will produce high shear mixing with the mainstream due t

a large velocity difference at the slot lip boundary. | - I
For the vertical injection, maximum velocities appear at th wol @ cl - 03

middle points between injection holes due to the interaction « o~

secondary flows inside the slot l{Fig. 6(b)). The vertical veloc- z | A 0w

ity distribution presents that the maximum value exists near €[ ,, v, I ]
slot lip, which is the reverse to that of the parallel injection cas: | W 1 s — -
The local velocity atZ/Z.=0.9 is much higher than that of the 3°" 1 "
mainstream even though the average blowing rate equals 1 1 5
Therefore, the slot flow will produce a large shear mixing layer i oo ;————7——~— o FTIRY n

the boundary in spite df1 =1.0 for the vertical injection case.
For the combined injection as shown in Figck the period

changes to twice that of hole-to-hole pitch due to the influence

E

I T L N ——

200

-2.0 -1.0 0.0 1.0 20 o0 o 8o
Yize utms)

Fig. 7 Velocity distributions of inline-feeding direction for M
Q1.0 at X1Z,=0.25: (a), (b), (c) lateral; (d), (), () vertical distri-

splitting and merging of the parallel and vertical injection flow$iions
and its amplitude grows larger. This nonuniformity will affect the
downstream region of the slot exit resulting in lower film cooling

effectiveness values because the nonuniform velocity distributigghgency of velocity distributions is similar to that of the normal
enhances the entrainment-induced mixing between the majpyy feeding direction, except the parallel injection. The vertical

stream and secondary flows.
For the inline-feeding direction, as shown in Figsa-#), the

velocity distributions are fairly uniform with the parallel injec-
tions, and will produce much less mixing with the mainstream.
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Fig. 6 Velocity distributions of normal-feeding direction for
M=1.0 at X/Z,=0.25: (a), (b), (c) lateral; (d), (e), () vertical dis-
tributions
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Fig. 9 Dimensionless temperature distributions for normal-

feeding direction at

M=1.0 and X/Z,=0.25

most laterally uniform distributions at the parallel and vertical
injection types, which are similar to the results of the two-
dimensional continuous slot. However, the difference of maxi-
mum and minimum is highly amplified in the combined injection
case. Therefore, the counter-feeding direction can be recom-
mended for the parallel and vertical injections to obtain high film
cooling effectiveness at the downstream region, but not for the
combined injection.

3 Temperature Distributions. Figure 9 shows dimension-
less temperature distributions for various injection types with the
normal feeding direction. For the parallel injection, as shown in
Fig. 9Ya), the dimensionless temperature coefficients are fairly
uniform and abou® =1 near the slot exitX/Z.,=0.25) for M
=1.0. As going downstream regioiX{Z.=1.0), the dimension-
less temperature coefficients decrea®e=(1) maintained only in
the region ofZ/Z.<0.6) due to interaction of the mainstream and
secondary flows. For the vertical injection, presented in Fig),9
the distribution is similar to that of the parallel injection even
though the coolant has different velocity distributions. For the
combined injection(Fig. 9(c)), the dimensionless temperature co-
efficients are slightly lower and less uniform than the other cases
due to the mixing of the mainstream and secondary flows with the
large lateral variation of velocity distributions as shown in Fig.
6(c).

4 HeafMass Transfer. The contour plots of local heat/
mass transfer coefficient&Sherwood numbgrare presented in
Fig. 10 for various injection types with the normal-feeding direc-
tion. Different contour scales are used to show Sh distributions
clearly for each case. FoM =0.5 and the parallel injection, the
high Sherwood number regions are observed along the lines of
injection hole positions Y{/Z.==*=0.5,+1.5) and the maximum
values appear approximately Af/Z.=1.0, as shown in Fig.
10(a). For the region ofX*/Z,=1.5, the heat/mass transfer de-
creases as the heat/mass transfer boundary layer develops. The
lateral distribution of the local heat/mass transfer coefficients is
fairly uniform over most parts of the slot lip regardless of hole
positions. However, at the region &*/Z.<0.5, the heat/mass
transfer coefficients have low values due to the recirculation flows
which are blocked by diffused parallel injection flows.

For the vertical injection aM =0.5 (Fig. 1Qb)), the injected
flow from the plenum impinges on the inside surface of the slot lip
and forms a cross-flow to the exit. The high heat/mass transfer
coefficients are obtained in the area of €%*/Z.<1.0, where
the jet is impinging on it. The impinged secondary flow spreads
widely due to the interaction of neighboring jets with the close
hole-to-hole spacing, and consequently high heat/mass transfer
coefficients are obtained in the overall area including higher Sher-
wood numbers aX*/Z.<0.5 than that of the parallel injection
case. The lateral distribution of the local heat/mass transfer coef-
ficients is fairly uniform due to the mixing of secondary flows
inside the slot.

Figure 1@c) shows the results of the combined injection for
M =0.5. Parallel and vertical hole positions aféZ.= —0.5, 1.5
andY/Z.=—1.5, 0.5, respectively. For this case, the Sherwood
number distributions are much different from those of the parallel
and vertical injections. The lateral distributions of the local heat/
mass transfer coefficients are nonuniform over most regions of the
slot lip and it is expected from the lateral velocity distributions for
the combined injection as presented in Fi¢c)6This area would
be subject to the excessive thermal stress load due to the nonuni-
form temperature distribution and including hot spots with lower
cooling effectiveness regions. At increasing blowing rates, the dis-

For the combined injection, the difference of maximum and mintributions of Sherwood numbers have the similar trends in all
mum velocities is considerably reduced owing to the change free injection types. The heat/mass transfer coefficients increase
secondary flow feeding direction. For the counter-feeding direcentinuously as the blowing rates increase.

tion, as shown in Figs.(8—f), the velocity distributions have the
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The contour plots of local Sherwood numbers for different flow
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Fig. 10 Contour plots of Sh for various injection types with normal-feeding direction

feeding directions are presented in Fig. 118¥b~1.0; Figs. 11la- heat/mass transfer coefficients at the region o&<IX8/Z.<1.5

¢) for the inline-feeding direction and Figs. (ti-f) for the increases and that is more uniform in the lateral direction. For the
counter-feeding direction. For the parallel injection with inlinecompined injection, as the flow from parallel injection holes
feeding direction, although the overall trend is similar to that qfy;z — —0.5,1.5) is instantly divided into the vertical injection

the nO(maI-f(fe?din?hdir%ction ptreserf\tec_i in .Zig(d)c?th%itnhcrez;rs- tjgc}s, the augmentation of heat/mass transfer appears along the ver-
Ing regime ot local heat/mass transier Is widened and the eflectipl,| injection flows. It is confirmed that the peak values of lateral

le postons dersase, The reason s it e chance f Iy distiuions a he slot ext cotespond 0 th verica
ter mixing of secondary flows. Especially, the low transfer regio ple positions {/Z;=—1.5,0.5). . L
disappear aX*/Z.<0.5 comparing with the results of normal- On the contrary, for the counter-fIOV\( feedlng direction, the .
feeding direction(Fig. 10(d)). For the vertical injection, the jet MaSS transfer enhanced area due to the injected secondary flqws is
flow impingement is the most important effect to augment hedfjoved upward compared with that of the normal flow feeding
mass transfer on the slot lip. But, as changing of the flow feeditfection (Fig. 11(d)). For the parallel injection case, the high
direction, the impinging region is slightly moved downstreari€at/mass transfer coefficient is seen in the region of 0.5
rather than the normal flow feeding direction. Especially, the locat X*/Z.<1.0 as shown in the vertical injection of other flow
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Fig. 11 Contour plots of Sh for various injection types at M=1.0

feeding directions. Since the flow feeding direction is changei$, obtained with the vertical injection among the three types of
such as a counter direction to the mainstream, the secondary fioyections due to the effects of jet impingement. In contrast, for
is injected obliquely through the parallel holes onto the slot liphe combined injection, high heat/mass transfer coefficients are
T.hese .tr.end.s are also distinctly ob;erv;ed in the vertical and cogbserved periodically a*/Z.=0.2 and 0.7. The lateral distribu-
bined injection results presented in Figs(elland (), respec- tions of heat/mass transfer coefficients are extremely nonuniform
tively. Therefore, the very high mass transfer coefficients are ofjge to the splitting and merging of flows between parallel and

served in the region ak*/Z;<0.5. o vertical injection jets regardless of the flow feeding directions.
The detailed local mass transfer coefficients are presented in

Fig. 12 forM=1.0 at several lateral positioX*/Z.=0.2, 0.7, 5 Averaged HeatMass Transfer. Figure 13 shows the
and 1.5 for the inline-feeding direction. Generally, the periodicaptreamwise distributions of laterally averaged Sherwood numbers
patterns correspond to the hole positions are observed mildly fgith different flow feeding directions foM =1.0. As discussed
the parallel and vertical injection types. As the secondary flow eviously, the best performance is obtained by using the vertical
moved downstream, the lateral distributions of heat/mass transii@iection type and the peak point of Sherwood numbers is about
coefficient are fairly uniform due to the large mixing of injectiorfive times higher than that of the two-dimensional continuous slot.
flows inside the slot. The best performance for the slot lip coolingor the parallel injection type, the counter-flow feeding direction
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Fig. 13 Comparison of averaged Sh for flow feeding directions
at M=1.0
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inline-feeding direction. Those present only interested regions,
(€) X*/Ze=1.5 even though the calculated domain includes a whole tested area,
obtained from a numerical simulation using a commercial code,
FLUENT. Figures 14a) and(b) present the vector plots for a side
view and a front view, respectively, with the parallel injection
type. The flow ejected from the hole forms a separation bubble on
the bottom surface€Fig. 14a)) resulting in a down wash flow

has the highest averaged Sherwood numbers at the region of {0 the middle lines between holéSig. 14b)). This flow pat-
<X*/Z,<1.0 because a kind of impinging effect is added to thi€™ will produce the reverse velocity distribution near the bottom
< <L

parallel injection flows. Generally, the averaged Sherwood nurg_all before the flow reattachment on the surface. Therefore, the

Fig. 12 Lateral distributions of Sh for various injection types
with inline-feeding direction at M=1.0

ber is 2-5 times higher than that of the two-dimensional contin ow structure ejected from the slot lip would be strongly depen-

ous slot injection. The patterns of the averaged Sh distributions f&nt O the length of the slot lip. The numerically obtained flow
M=0.5 are similar to those foM=1.0 as partially shown in patterns correspond fairly well with that measured from the
Fig. 10. experiments.

For the vertical injection case, the ejected jet impinges on the
6 Numerical Simulation. Figures 14 and 15 show the ve-inside surface of the slot lip, as shown in Fig(d4and enhances
locity vector plots for different flow injection types with thethe heat transfer on the slot lip. The impinged jet inside the slot
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For the combined injection case, the flow pattern is different
from those of the previous cases showing a large counter-rotating
vortex (a double size of that in the vertical injectiors presented
in Fig. 15. The flows ejected from the parallel holes split quickly
and merge into the jet ejected from the vertical hole as shown in
Fig. 15c). Therefore, the nonuniform heat/mass transfer is ob-
tained inside the slot lip and the flow velocity distribution is ex-
tremely nonuniform at the exit of slot lip. These results support
strongly the heat/mass transfer and velocity data obtained from
the experimentsFigs. (7) and (11)).

RUDTEIIHOTS

Conclusions

The present study has been conducted to investigate the veloc-
ity and temperature distributions in the slot and at the slot exit and
local heat/mass transfer coefficients on the inside of the slot lip
with various injection types and flow feeding directions. It is com-
pared with the results of the two-dimensional continuous slot in-
jection. The results are summarized as follows;

LAY

ASNNINIIREC

Velocity Distributions

» Generally, the parallel and vertical injection types have weak
periodical flow patterns at the slot lip exit with respect to the
hole positions, because the counter-rotating vortices mix the
flow quickly inside the slot before exposure to the main-
stream.

» For the combined injection type, the flow period changes to
twice that of hole-to-hole pitch due to the splitting and merg-
ing of parallel and vertical injection flows.

R

Fig. 14 Velocity vectors for inline-feeding direction
scale )—(a) side view of parallel injection at
view of parallel injection at
injection at
X*1Z,=2.0

(not in
Y/ Z,=0.5; (b) front
X*1Z,=2.0; (c) side view of vertical
Y/Z,=0.5; (d) front view of vertical injection at

Temperature Distributions

» The dimensionless temperature coefficients at the slot exit are
little affected by variation of blowing rates and secondary
flow injection types.

Heat/Mass Transfer

» The highest heat/mass transfer on the slot lip is obtained with
the vertical injection among the three types of injections due
to the effects of jet impingement.

For the combined injection type, the lateral distribution of Sh

is extremely nonuniform due to the splitting and merging of

ejected jets.

* The inline and counter-flow feeding directions change
slightly the flow pattern and the lateral distributions of Sh
resulting in more uniform heat transfer distributions.

» As changing the injection types and flow feeding directions,
the averaged Sherwood numbers increase about two to five
times higher than that of the two-dimensional continuous slot
injection.

[ERSEITIINNG
ISt LT TTIT R
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(@

Nomenclature

D = diameter of slot film cooling hole
Fig. 15 Velocity vectors for the combined injection with inline- dy = sublimation depth of naphthalene
feeding direction (notin scale ) — (a) side view at Y/Z.=0.5; (b) dr = time interval during experiment
side view at Y/Z.=0.5; (c) top view at Z/Z.=0.5; (d) front view D,aon = haphthalene vapor diffusivity in air

% — p .

at X*/Z.=2.0 m = local mass transfer coefficient

| = slot lip length

M = blowing rate,p,U,/p..U.,
develops quickly with a counter-rotating vortex resulting in a ™ = mass transfer rate per unit area
fairly uniform flow distribution in lateral directions before expo- P = hole-to-hole pitch

sure to the mainstream. The maximum velocity is obtained near Sh
the slot lip and this result matches fairly well with the experimen- Sh
tal data as shown in Fig.(@. t

140 / Vol. 124, JANUARY 2002

Sherwood number based on slot heiQREZ /D napn
spanwise averaged Sherwood number
slot lip thickness

Transactions of the ASME

Downloaded 01 Jun 2010 to 171.66.16.35. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



T = local temperature
T, = secondary flow temperature
T.. = mainstream temperature
u, = secondary flow velocity
U, = mainstream velocity
X = streamwise distance from end of lip
X* = streamwise distance from root of lip
Y = lateral distance from center of test plate
Z = vertical distance from bottom of test plate
Z. = slot height
ps = density of solid naphthalene
py,.w = naphthalene vapor density at wall
p, = haphthalene vapor density in mainstream
® = dimensionless temperature coefficient,{T..)/(T»
_Tw)
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Effects of Bulk Flow Pulsations
on Film Cooling With Compound
Angle Holes: Heat Transfer
Coefficient Ratio and Heat

Flux Ratio

Experiments are conducted to investigate the effects of bulk flow pulsations on film cool-
ing from compound angle holes. A row of five film cooling holes is employed with orien-
tation angles of 0, 30, 60, and 90 deg at a fixed inclination angle of 35 deg. Static
pressure pulsations are generated using an array of six rotating shutter blades, which

Seoul 151-742, Korea extend across the span of the exit of the wind tunnel test section. Pulsation frequencies of

0 Hz, 8 Hz, and 36 Hz, and time-averaged blowing ratios of 0.5, 1.0, and 2.0 are em-
P. M Ligrani ployed. Correqunding coolant Strouhal numbers based on the;e \_/alu_es then range from
» T 0.20 to 3.6. Spatially resolved surface heat transfer coefficient distributions are measured
_ Professor, (with the film and freestream at the same temperature) using thermochromic liquid crys-
Convective Heat Transfer Laboratory, tals. Presented are ratios of surface heat transfer coefficients with and without film cool-
Department of Mechanical Engineering, ing, as well as ratios of surface heat flux with and without film cooling. These results, for
University of Utan, compound angle injection, indicate that the pulsations cause the film to be spread more
Salt Lake City, UT 84112-9208 uniformly over the test surface than when no pulsations are employed. This is because the
Fellow ASME pulsations cause the film from compound angle holes to oscillate in both the normal and
spanwise directions after it leaves the holes. As a result, the pulsations produce important
changes to spatially resolved distributions of surface heat flux ratios, and surface heat
transfer coefficient ratios. In spite of these alterations, only small changes to spatially
averaged heat transfer coefficient ratios are produced by the pulsations. Spatially aver-
aged surface heat flux ratios, on the other hand, increase considerably at coolant Strouhal
numbers larger than unity, with higher rates of increase at larger orientation angles.
[DOI: 10.1115/1.1400110

The effects of potential flow interactions and passing shock

Introduction _ . :
It is well known that film cooling performance is affected by graves are described by a number Of. investigaf@rs9). _In an
vestigation of rotor heat transfer with a short-duration blow-

n
number of parameters such as external boundary layer sta@ Wwn turbine test facility, Abhari and Epstef] indicated that
blowing ratio, blade curvature, and film hole arrangement an

configuration, to name a fef]. Flow unsteadiness in turbines ese types of flow pulsations cause the time-averaged heat trans-
9 ' : ; fer rate to increase by 12 percent on the suction surface and to

reé'ecrease by 5 percent on the pressure surface, compared with
YRues measured with no pulsations. Flow visualization results in
the recent experiments of Ligrani et &2,4,5 show two distinct

. . coolant flow regimes: quasi-steady and nonquasi-steady. Accord-
t_urbulence from the combus_t|on Ch?‘mber- Potential flow pUISﬁfg to these authors, magnitudes of the coolant Strouhal number
tions are caused by the relative motion of a rotor blade row relgiq 1o 1o correspond to quasi-steady behavior, and the magni-
tive to an adjacent stator blade row. In transonic gas turblnetfgeS greater than 1-2 correspond to nonquasi-steady behavior,

formance in significant ways. Such unsteadiness develops fi
four different sourced?2]: (i) potential flow interactions, i{)
shock waves, i{i) passing wakes, andd) random freestream

;jhoevv?rztir"ename:jot(e)rs b(l?dfssterggﬁjur;t&;hgf; d:’;\/iss \f[vr:‘i'SChh;()m;rg ardless of the blowing ratio. Quasi-steady film distributions are
shock Wa\?es a?e often rgﬂected absorbed. or Broken U negfr e same as the steady distribution which would exist at the same
blade surfaces. Such passin fa{milies of s’hock Waves palon MQfantaneous flow condition. With the nonquasi-steady film be-

; : P g ) - > 9 ior, multiple pulsations are imposed on the coolant over the
potential flow interactions, result in periodic alterations to thﬁme period required for it to pass through the film hole. As a
static pressure on the surfaces of downstrea_lm rotor blades_. V.Vpggult, portions of the film oscillate in ways different from adja-
film cooling is employed, _these surface static pressure varlatloglént portions, which gives a “wavy” appearance at each instant in
are then present at the_ exit planes_ of the holes. As a _result_, coolgnf [2]. In many cases, nonquasi-steady film distributions lead to
flow rates pulsate at film hole exits, and coolant trajectories a re important alterations to film effectiveness values and flow
coverage vary with time downstream of the film holes. This Oﬁegtructure than when quasi-steady behavior is pre&Bt. More
gives S|g_n|f|cant changes to the protection ordlnarlly p_rowded_ br%cently Bell et al[8] and Ligrani and Bel[9] present correla-
film cooling, as well as to the structural characteristics of f'lnﬂons Wﬁich give the experimental conditiotfer a single row of
cooled boundary layers. simple angle, round holgsvhen significant reductions in protec-
tion occur due to the imposed bulk flow pulsations.

Contributed by the International Gas Turbine Institute and presented at the 46th ; f At ; - .
International Gas Turbine and Aeroengine Congress and Exhibition, New OrIc—:-ans,Other recent investigations consider film cooling from holes

Louisiana, June 4—7, 2001. Manuscript received by the International Gas Turbi¥dth compound angle orientatior{svith no imposed pulsati'oms
Institute February 2001. Paper No. 2001-GT-129. Review Chair: R. Natole. because lateral momentum components are produced which result
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in more uniform film coverage along the surface. Of these inve ccD
tigations, Mehendale and Hdi0] consider the effects of high camera
freestream turbulence on leading edge film cooling. Heat trans
coefficients, measured downstream of holes with 90-deg orien main flow
tion angles, increase as the ratio of coolant to crossflow mass f —__ trip
increased. In a study which employs compound angle holes w ——» Wite_la - 300,

60 deg orientation angles, Sen et Fl1] present heat transfer A . .
rates which increase quite remarkably compared to simple an ‘

injection, provided momentum ratios are large. They also repc hafﬂea/; i e P w L [UU
that the effect of the heat transfer coefficient on overall film coo — | —
ing performance is stronger as the blowing ratio increases. T plenum 2nd " st orifice blower
authors thus demonstrate that the film cooling performance shol chamber heat exchanger heat exchanger

be evaluated using the surface heat flux rather than the adiab. (a)

effectiveness alone.

Ligrani and Lee[12] present boundary layer temperature pro ¥
files, surface effectiveness distributions, and surface iso-energe e
Stanton numbers at high blowing ratios ranging from 1.0 to 4
using holes with orientation angles of 50.5 deg. The authors she
that overall film cooling performance, based on surface heat fl
data, degrades considerably as the blowing ratio increases. J e - 1
and Lee[13] report detailed boundary layer temperature and st e [ z
face effectiveness measurements made downstream of compo S
angle holes with orientation angles of 30, 60, and 90 deg. Anottr (b)
recent study by Bell et al.14] includes results measured down-
stream of shaped holes with compound angle orientations. A urstream fi:mtehO'e liquid crystal test plate
cording to the authors, the combination of less jet penetratic 2% e

| probe

TRAg AR

‘ I LI i = \'a < inclination angie

.,

e SIS ~-b{ﬁf_gﬁentation angle

sheet

flow diffusion, and lower velocity gradients fromhaping and x/D=1.0 x/D =16.0
increased lateral spreading and greater injectant concentrati
near the surface fromompound anglegesults in important local
and spatially averaged protection benefits.

The present study is different from these other investigatiol
because the combined effects of compound angle orientations
imposed bulk flow pulsations are considered together. Cylindric
film cooling holes with orientation angles of 0, 30, 60, and 90 de
are investigated. In all cases, the inclination angle is fixed at : ©
deg. Blowing ratios are 0.5, 1.0, and 2.0, and pulsation frequer-
cies are 0 Hz, 8 Hz, and 36 Hz. Corresponding coolant Strou@. 1 Schematic diagrams of:  (a) the experimental apparatus
numbers then range from 0.20 to 3.6. Surface heat transfer cagfed for heat transfer coefficient measurements,  (b) the film
ficient distributions are measured using thermochromic liquisble geometry, and (c) the test surface, including the coordi-
crystals. This technique is employed because of its high spatiate system
resolution, which allows detailed surface heat transfer coefficient
distributions to be measured just downstream of the injection

holes. Surface heat flux ratio distributions are subsequently Qbs that control the injectant air temperature. The air is then ducted

tained from these heat transfer coefficient data, along with surfage 5 plenum chamber and is discharged through the injection
effectiveness data, which are presented in a companion fiHer pojes.

All of these data are valuable because they provide new infor-

mation on means to prevent the thermal failure of turbine bladesDevice Employed to Impose Bulk Flow Pulsations. Static

exposed to excessive, external heat loads. They are also valugisgssure pulsations are produced in the test section using an array

for the development of new prediction models for film coolingf rotating shutter blades located at the exit of the test section and

which are aimed at accounting for the combined effects of inglriven by a system of timing belts and an electric motor. With

posed, bulk flow pulsations, and compound angle orientations.bulk flow pulsations of 8 Hz, the coolant Strouhal numbeg, Sr
=2xfL/U,, varies from 0.2 to 0.8, while the coolant Strouhal
number with 36 Hz pulsations varies from 0.9 to 3.6, depending

Experimental Apparatus and Procedures upon the blowing ratio. This Strouhal number definition gives the

Experimental apparatus and procedures are similar, in méiﬁ[ge required for the coolant to pass through each hole divided by

: : time period of one pulsation. Typical values for operating
cases, to ones described by Lee and Jurid. Many details are .
also presented here for theysake of co\}lpletenesg. turbines range from 0.2 to 6.0. Coolant Strouhal numbers and

non-dimensional pressure parameters at different blowing ratios
Wind Tunnel and Injectant Supply System. A schematic of are listed in Table 1. Here, the nondimensional pressure parameter

the wind tunnel and the injectant supply system is shown in Figs defined using

1(a). The wind tunnel is an open-circuit and subsonic facility, with —

a 6.25 to 1 contraction ratio nozzle and an exit crosssection with = (APmax— APmin)/AP @)

dimensions of 0.40 m and 0.28 m. The nozzle leads to the tgg@here AP is the instantaneous static pressure difference between

sectiqn, which is a rectangular duct 3'0. m .Iong. At a freestreame plenum and freestream, aAdP is the time-averaged magni-
velocity of 10 m/s, flow at the test section inlet shows excelleg&de of this value '

spatial uniformity with spanwise velocity variation less than 0.

percent and a turbulence level less than 0.2 percent. A boundargxperimental Conditions. Experiments are conducted at a
layer trip wire of 1.8 mm in diameter is located on the test platiixed freestream velocity of 10 m/s. The injection hole diameter
just downstream of the nozzle exit. The air, used as the injectaist20 mm and its length is 4D. The freestream Reynolds number
first flows through an orifice plate followed by two heat exchandRe,, determined for a distance between the trip wire and the hole
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Table 1 Coolant Strouhal number and pressure perameter Adobe PhotoShop software on a Puwer Macintosh 7500 PC com-
values puter, and finally printed using a Panasonic PV-PD 2000 digital

- h inter.
Pulsation Frequency [Hz] photo printer
m
8 36 Surface Temperature Measurements Using Liquid Crystals.
- To measure the temperature distribution on the surface down-
St 2 Sr, vd stream of the injection holes, a thermochromic liquid crystal
05 ¥ (THC) sheet is employed. The TLC sheet covers the test plate
: 0.80 1.62 3.60 8.83 from x/D=1.0 to x/D=16.0, and fromz/D=-6.0 to z/D
1.0 040 061 1.80 3.43 =+6.0. The TLC sheet consists of 110n-thick polyester film,
TLC coating, black paint, and an adhesive layer. The total thick-
2.0 020 0.25 0.90  1.03 ness of the sheet is 240m. Beneath the TLC sheet, a 30n-

thick stainless steel foil is used to generate a uniform surface heat
flux. The stainless foil is heated using an AC electrical power
supply. The current and voltage across the heating element are
) . measured to calculate the input power. A 12.7-mm-thick polycar-
center, is 383,000. The boundary layer thickngbased on ponate plate is attached just beneath the stainless steel foil using
0.99..) at the hole center is 0.9, the displacement thickness isadhesive tape. A layer of insulation then follows. Formed polysty-
0.14D and the momentum thickness is O0OLOThe shape factor of yone which is 50 mm thick, is then placed beneath the insulation.
the boundary layer is 1.4, Whlch is typlcal for a fully developedh ccp camera is used to capture the TLC color images, as it is
turbulent boundary layer. Blowing ratios are 0.5, 1.0, and 2.Qjigned perpendicular to the TLC sheet and located about 1.2 m

Corresponding injectant Reynolds numbers, Bee 6400, 12,700, away. Two 150-W halogen lamps are used to illuminate the TLC
and 25,400, respectively. sheet.

Injection Hole Configurations. Compound injection angle Various techniques of TLC are available f_or temperature mea-
orientations are identified by two angles, as shown in Fig).1 surement. Here, a steady-state, hue capturing method is utilized.
The inclination angler is defined as the angle between the inject N€ liquid crystals employed change color over the temperature
tion vector at the hole exits and its projection on the plane. range from 25°C to 45°C. With such a bandwidth, the liquid crys-
The orientation angles is the angle between the streamwise dital sheet can map the entire isothermal pattern of the test surface
rection and the projection of the injection vector onto the [fOM a single image. A robust TLC color-temperature response
plane. The inclination angle is fixed at 35 deg, and the orientati§&!lPration is then necessary for high accuracy measurements. It is
angle is positive in ther z direction, as indicated in Fig.(). A Known that the perceived color of the TLC depends on the
different injection plate is employed for each orientation angle dghting/viewing arrangement, the spectrum of primary illuminant
0, 30, 60, and 90 deg. In each injection plate, a row of five holédd background light, and the optical properties of the measure-

is located 30 downstream of the trip wire as shown in Figcl ~ment path as well as temperature. For all measurements, extra care
The spanwise spacing between the hole center®is 3 is taken to fix all conditions identical with calibration conditions

to avoid unwanted color variations.
Test Plate. As depicted in Fig. (c), the test plate consists of
an upstream plate, one of the four injection plates and the meaMéasurement of Other Temperatures. The free-stream and
surement plate. The measurement plate stastAt 1.0. To pre- the injectant temperatures are measured with T-type ther_mo-
vent unwanted wall temperature variations near the downstre&®HPIes that are calibrated in a constant temperature bath with a
edges of the holes, injection holes are machined in the injectiBfecision platinum resistance thermometer.

plate, not in the measurement plate. The triangular gap betweenyeat Flux Ratio Determination. According to Ecker{16],

the injection plate and the measurement plate is filled with polyhe relationship between the heat flux and the heat transfer coef-
styrene. The foamed polystyrene in the gap works as a therfglent on a film-cooled surface is given by
barrier that minimizes the conduction from the injection holes to

the measurement plate. Ar=hi(Taw=Tuw) 2

Flow Visualization. To visualize the injectant and determinevhereT,y,, Ty, hy, andg; denote adiabatic wall temperature,
its distribution along and above the test surface, the injectant aiM@ll temperature, heat transfer coefficient with film cooling, and
contaminated with fog. This is accomplished by pressurizing a 50eat flux with film cooling, respectively. Another way of defining
gal steel drum housing a Rosco model 1500 theatrical fog geneltd€ heat transfer coefficient is given by
tor. Fog is produced from the vaporization of a water soluble qi=h(T.—Ty) ©)
liquid with this device, and subsequently fed into the diffuser and coow
plenum of the injectant air supply system. The air is then phot&ividing both sides of Eq(3) by both sides of Eq(2), and rear-
graphed against a black background after it is ejected from trnging, it follows that:
holes. This fog is employed to identify vortex structures and other 4 _ _
secondary flow features produced by the compound angle, film hh=1=7l(Te=To)/(Ty~To)] )
cooling holes. Smoke patterns are illuminated using a thin sheetvdfiere » is the adiabatic film cooling effectiveness, defined as
light provided by a Colotran ellipsoidal No. 550, 1000-W spot- (T T (To—T.) ®)
light, and light slits machined in two parallel metal plates, located K aw  Tee ¢ =
between the spotlight and the test section. The illuminated, timérom Eq.(4), h; is identical withh when the coolant temperature
varying patterns are recorded at rates as high as 60 frames aed the freestream temperature are the same. In this study, the
second using a Dage-MTI CCD72 camera and control box withfeeestream temperature and the injectant temperature are both
Computar Inc. 12.5 mm, F1.8 lens, connected to a Panssonic Aftxed at 20°C and the wall is heated with a uniform heat flux. The
1960 type 4-head, multiplex video cassette recorder. The 16.7 heat transfer coefficiertt is then calculated using E@3). Heat
exposure time of the camera is set by its 60 Hz vertical sweg@ansfer coefficient data are then presented in terms of the heat
rate. Recorded images are monitored using a Dage-MTI HR100@nsfer coefficient ratiol; /h,). Here,h; denotes the heat trans-
monitor. Images recorded on video tafie sequenceare then fer coefficient with film cooling, whereas, is the heat transfer
digitized using a Sony DCR-TRV 900 digital video camera recoefficient without film cooling at the same location and same
corder. The resulting images are then further processed usRgynolds number.
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To evaluate the reduction of thermal load due to film COOling, Normalized pressure dif‘ferenc@/AE with pu|Sati0nS im-
the thermal loads with and without film cooling are comparegyosed at 8 Hz show only slight variations in amplitudenass
The heat transfer coefficient without film cooling is expresseghanged(Fig. 2(a)), although the pressure parameigrvaries
using widely from 0.25 to 1.62see Table L In this case, the coolant
=hy(T.—T,) (6) Strouhal numbers are less than urfisge Table )i and thus, the
QO 0( % w. . " . N .
. . . pulsation conditions are located in the quasi-steady regime de-
The heat flux ratio can thus be expressed in the form given bygcriped by Ligrani et al[2]. When the pulsation frequency is 36
At /9e=Ne(Taw—Tu)/ho(T—Ty)=(h¢/ho)(1—5/6) (7) Hz, Fig. ._Z(b) shows that the norm_all_zed pressure difference varies
i . i ) over a wider range of values. This is because the coolant Strouhal
where ¢ is the nondimensional temperature, which ranges frojymper is larger than unity and the injectant behavior is non-
0.5 to 0.7 for gas turbine blades with film cooling. A value oy a5j.steady2]. Such variations evidence important coupling be-
0.6, which is typical of a film cooled turbine blade in operationy,een pyisations, and the injectant in the holes and within the
IS Iused fodr tthe Qteat {I;]JX r?ftlot_calculatlonl. Th|§ 'fhthe Safe pienum. The amplitude of the pressure difference thus increases as
Vgu;[liss]e 0 obtain the efiectiveness vaiues in the companigia blowing ratio decreases or the coolant Strouhal number in-
pap ' creases. Another important feature of the data in Fib) & ap-
Uncertainty Estimates. Uncertainty estimates are based orparent for blowing rati0§ of 0.5 and 1.0. Here, prolonged durations
95 percent confidence levels, and determined using procedugesegative values oAP are observed over the phase-averaged
described by Kline and McClintockl7] and Moffat[18]. The pulsation period. Am=0.5, negative values are present over al-
uncertainty of the heat transfer coefficient ratiai8.5 percent at most half of the period front/7=0 to t/7=1. This implies that

a typical h¢/h, value of 1.2, and that of the heat flux ratio isthe freestream static pressure is higher than the plenum pressure

*10.1 percent at a typical; /q, of 0.8. over this time interval, which might cause local ingestion of ex-
ternal boundary layer fluid into the holes.
Experimental Results and Discussion Local Heat Transfer Coefficient Ratio Distributions. As

Bulk Flow Pulsation Characteristics. The periodic charac- €XPected from the pressure pulsation data shown in Fig. 2, the

teristics of the phase-averaged freestream static pressure are ififat transfer coefficient ratio distributions measured with pulsa-
trated in Fig. 2. The data are presented for time-averaged blowifg’S imposed at 8 Hz deviate little from ones measured with no
ratios of 0.5, 1.0 and 2.0 at pulsation frequencies of 8 and 36 HIIsations. The heat transfer coefficient ratio distributions at 8 Hz
Here, AP indicates the difference in the phase-averaged Staﬁglsatlons are, therefore, no_t preser_\ted here. Instead_, discussion is
~ = = concentrated on the more interesting 36 Hz pulsations as they
pressure between the plenum and freestrém,P... AP iSthen o0t heat transfer coefficient ratio distributions. Note that base-
the difference in the time-averaged static pressures. The Pressiie oat transfer coefficients used for normalization are measured

data_show _quantitative r_:llterations to waveforms, which occur 1l the same test surface with no pulsations imposed, and no film
blowing ratio and pulsation frequency are changed. Note that t '

. oling.
peak-to-peak amplitude of the phase-averaged freestream Ve'9C§}figugre 3 shows detailed contours of the local heat transfer co-
variation is fixed at 11 percent of the time-averaged Ve|OCIté/fﬁ

: : cient ratio (/h,) with 36 Hz pulsations whem=0.5 for
value, regardiess of the magnitude of pulsation frequency. four different g:ifent(gtion angles T[I)we value of, & 3.6 and the
. . .

dimensionless pressure parameteis 8.83. The effect of 36 Hz
pulsations on heat transfer is apparent by comparing with the heat

6 transfer coefficient ratio distributions with no pulsations. For ex-
al 05 ample, with simple anglg |nject_|0(')6‘:0 dgg, Fig. 3@ shows
—o—1.0 that heat transfer coefficient ratios are slightly augmented due to
2 36 Hz pulsations. This includes high heat transfer ratios along the
o geometrical centerline of each hole just downstream of each hole

exit, which is caused by the periodic up-and-down motion of the
injectant trajectory when pulsations are present.
vyl When the orientation anglg is 30 deg, as shown in Fig(l3,
the heat transfer coefficient ratio distribution is altered by the
'%.o 0.2 0.3 0.6 0.8 1.0 pulsations in the high heat transfer coefficient region near the
t/r injection holes (1.5x/D=<5.0). Without pulsations, the heat
(@ transfer coefficient ratio is high near the central hole in the region
of —1.0<z/D=0.0. Whereas with pulsations, the high heat trans-
6 fer coefficient ratio region near the central hole moves to 0.0
o700 <z/D=<1.0. This is because the injectant trajectory pulsates not
only in the vertical directiorti.e., in they-z plane, but also in the
spanwise directiori.e., in thex-z plane when compound angle
TRy injection is employed. This is supported by results from an experi-
W* ment on a flat plate with no film cooling holes, but with bulk flow
pulsations, which show that pulsations do not affect the heat trans-
a4l fer on the surface because the freestream Strouhal number based
on the boundary layer thickness is much less than unity. However,
B I B 7 S Y- T m— introduction of the injectant into pulsating flow creates increased
t/ - disturbances and additional augmentations of heat transfer coeffi-
(b) cient ratios in the near hole region.
Figures 3c) and(d) illustrate additional important effects of the
Fig. 2 Normalized, phase-averaged static pressure difference pulsations on local heat transfer coefficient ratios. Here, heat
between the injectant plenum and the freestream: (a) f=8 Hz, transfer coefficient ratios increase slightly with orientation angle.
(b) f=36 Hz In addition, comparisons with distributions measured with no
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Fig. 3 Local surface heat transfer coefficient ratio distributions with and without imposed bulk flow pulsations at
f=36 Hz for m=0.5: (a) B=0 deg, (b) B=30 deg, (c) p=60 deg, (d) B=90 deg

pulsations reveal that heat transfer coefficient ratio distributiofi$iese changes in the injection rate cause alterations to the
become more uniform downstream of the holes when 36 Hz p@trength of the lateral momentum of the injectant over each pul-

sations are present. The uniform distributions with large orientaation period. The injectant trajectory then oscillates in the span-
tion angles also result from the swaying motion of the injectantvise direction. As a result, the surface region covered by the in-

This is present because the injectant issued from compound arjglgant is widened, and the heat transfer coefficient ratio

holes contains significant spanwise momentum componendsstribution becomes more uniform compared to the correspond-
When large static pressure pulsations are applied to compoting case with no pulsations. The smoothing effect is more promi-

angle injection, the pressure difference behavior in Fig. 2 leadsrient when the orientation angle is large because of higher magni-
changes of the injectant mass flow rate over each pulsation peritdies of lateral momentum.
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Flow Visualization Results. The variations to injectant tra- 1.1 —e— 0
jectories produced by pulsations are further illustrated by the flow —.—

visualization results in Figs.(4),(b). These are obtained in an 1.0 — 36
illuminated spanwise-normaly¢z) plane located ax/D=4.3 0.9 ‘
downstream of theB=30 deg compound angle holes. As men- o

tioned earlier, the injectant plenum is contaminated with fog so 14| ()} B =90

that injectant distributions are apparent during downstream advec- 13

tion. To increase the visibility and detail with the images, the fog o '

patterns are videotaped at lower speeds and lower pulsation fre- Sq21 )
guencies than used to obtain the heat transfer coefficient data. 3 f(Hz)
Freestream velocity is 0.5 m/s, and spatially-averaged film veloc- 11 —— 0
ity in the holes is 0.35 m/s, giving a time-averaged blowing ratio 10 —&— 3
m of 0.7. The data in Figs.(4),(b) are obtained usingof 0 Hz, ' — e 16
and 0.5 Hz, respectively. Figurega(b) both show a time- 09

sequence of flow images, arranged so that time increases as one e 05 10 15 20 25

proceeds down the page. With a 0.26-s time interval between ad- m

jacent images in the latter case, the eight sequential images tg@) 5 Spatially averaged surface heat transfer coefficient ra-
span one complete 2-s pulsation period. tios with imposed bulk flow pulsations at f of 0 Hz, 8 Hz, and 36

In each image, fog patterns located just downstream of abdde for m=0.5: (a) B=0 deg, (b) B=30 deg, (c) B=60 deg, (d)
three film cooling holes are apparent. A tilted and skewed vorté=90 deg
pair is then apparent in each fog pattern downstream of each of
these holes. One vortex in each pair is large and readily apparent.
The second is much smaller and located closer to the test surfaceéSpatially Averaged Heat Transfer Coefficient Ratio Distri-
These differences are due to the orientations of the holes, thations. Spatially averaged heat transfer coefficient ratipg,,
spanwise components of momentum that are produced by thearg compared in Figs. 5 and 6. Note that all spatial averages are
and the tilted orientation of the injectant as it emerges from eaohtained ovex/D from 2 to 16, and over/D from —6 to +6.
hole.

In Fig. 4(a) with no pulsations present, only small variations of
vortex pair structure are evident as time increases. When 0.5 Hz 1.2 - ;
pulsations are imposed, the coolant Strouhal numbgisd.72,

—&— (o

and vortex pair changes with time in Fig(b} are much more - W — gge
——4— gQ°

dramatic. These include convolutions and distortions of each vor-
tex. Of particular interest are the changes to the distributions of
film fluid near the test surface. In the first two images, most of this
is concentrated beneath each vortex pair. However, substantial
film concentrations are advected along the surface to the left of
the each vortex paifi.e., in the positivez direction in the next

four imageswhere all images are viewed looking upstreaifrhis
disappears in the last two images, as the cycle of events prepares 0-90 o 7o 20 30 2.0
to repeat itself. Such variations then lead to surface heat transfer ' ' ’ ’ Sre ’
coefficient distributions such as the ones shown in Fig),3®x-

cept that the effects of the imposed pulsatiGoslocal flow struc-  Fig. 6 Normalized spatially averaged surface heat transfer co-
ture) are expected to be even much more dramatic and substangfitient ratios as dependent upon coolant Strouhal number Sr
when Sg increases to 3.6. and orientation angle g

—_
-
T

l_(h,/ho) ]
: (hl/ho)np

-
(=]

c
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Fig. 7 Local surface heat flux ratio distributions with and without imposed bulk flow pulsations at f=36 Hz for m

=0.5: (a) B=0 deg, (b) B=30 deg, (c) B=60 deg, (d) B=90 deg

From Fig. 5, it is evident that changing the orientation angle more uniform distributions, with little changes gpatially aver-
plays a more dominant role than changing the pulsation frequermgedvalues. This is illustrated by the spatially averaged results in
in augmenting magnitudes of spatially averaged heat transfer ¢dg. 5, where the only changes of any significance due to pulsa-
efficients. Increasing the blowing ratio also contributes to en- tions are measured when the blowing ratids 0.5. This is also
hancement oh; /h, values, with more pronounced influences ashown by the results presented in Fig. 6, where ratios of film
the orientation angle increases. cooled heat transfer coefficients with pulsations, normalized by

Even thoughlocal heat transfer coefficient ratio distributionsratios with no pulsations, are presented. Here, changes to spatially
change considerably when the pulsation frequency changes, @areraged heat transfer coefficient ratios from flow pulsations are
ticularly at large orientation anglegsee Fig. 3, the net result is again relatively minor.
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Local Heat Flux Ratio Distributions. Film cooling perfor- 1.1

mance is best evaluated using the heat flux rafitg,, which is |
the ratio of the heat flux with film cooling to that without film 1.0 ¢
cooling[11]. A heat flux ratio value less than unity then indicates 09t :
that the thermal load to the wall is reduced by film cooling.

According to Eq.(7), the adiabatic film cooling effectiveness 0.8y 1
and the heat transfer coefficient ratio are needed to determine the foz)

i . = . . . 0.7 —®— 0
heat flux ratio. Adiabatic film cooling effectiveness magnitudes ’

qi/ Qe

for the same hole geometries and experimental conditions inves- 06} (@ B =0° .8
tigated here are given by Lee and Jy@§]. For a ratio of coolant - ——36
density to freestream density just less than 1, the effects of pulsa- 05 '

tions on adiabatic film cooling effectiveness distributions are also

(b)
discussed by these authors, including dependence on the coolant 1o
Strouhal number. According to them, pulsations imposed at low 0.9} -
coolant Strouhal numbers do not alter the effectiveness distribu- ]
tions by significant amounts. Minimal changes to heat flux ratios ' 0.8 f(Hz)
are thus expected fdr=8 Hz, because heat transfer coefficients 0.7 T —— 0
are also affected by only very small amounts when pulsations are

imposed at this frequency. Consequently, heat flux ratio distribu- 0.6

qi/ Qo

tions are presented and discussed here only for an imposed pulsa- %
. 0.5
tion frequencyf of 36 Hz.
Such heat flux ratio data are presented and compared to data 1.0
obtained with no bulk flow pulsations in Fig. 7 for a time-
averaged blowing ratiaon of 0.5. The corresponding coolant °°~9 I
Strouhal number is 3.6, which is the highest value employed in Y
the present investigation. From Fig. 7, it is evident that heat flux 5 f(Hz)
ratio distributions are altered significantly by the pulsations. With 07} —e— 0
no pulsations present, heat flux ratio values are relatively small —=— 8
(which indicates good film protectionwith lower magnitudes 081 (o A =60° Ce—138
over regions where large injectant concentrations contact the sur- 05 .
face, and higher values ovefD values positioned between the
holes. Heat flux ratio values with no pulsations cover a wide range 10
of values, but are less than unity over almost the entire surface. o9l
Such low heat flux ratios provide good film protection at a blow- €
ing ratiom of 0.5 (when no imposed pulsations are presers a i~ 08 1
result of higher effectiveness magnitudes and lower heat transfer l& f(Hz)
coefficients. 07t 0-
When imposed bulk flow pulsations at 36 Hz are present, Fig. 0.6 o & 8
7 shows that heat flux ratio values are larger, with more uni- (@ IB =90 —e— 136
form values over the test surface. For example, in Fig) Tor 0.5

0.0 0.5 1.0 1.5 2.0 2.5

B=0 deg, the difference between maximum and minimum m

values of the heat flux ratio is 0.36, compared to 0.78 when no

pulsations are present. This is because of significant decreasebi@f 8 Spatially-averaged surface heat flux ratios with im-
film cooling effectiveness magnitudes, as well as increased heased bulk flow pulsations at  f of 0 Hz, 8 Hz, and 36 Hz for m
transfer coefficient ratios, which are distributed more uniformly0.5: (&) =0, (b) f=30, (c) =60, (d) =90 deg

over the surface. This occurs when pulsations are imposed regard-

less of the orientation angle of the film cooling holes, and results

in significant local sugmentations of thermal loads to turbineave a more substantial effect on heat flux ratio increastestive

blades. to f=0 Hz data as the orientation angle increases. For example,
for m=1.0, the incremental increase ig;/q, with simple
Spatially Averaged Heat Flux Ratio Distributions. angle injection is only 2 percerfFig. 8a). It increases to 5, 10

Spatially averaged heat flux ratios are presented in Figs. 8 anda@d 18 percent as the orientation angle varies to 30, 60, and
In the first of these figuresy; /q, values measured with pulsations90 deg, respectivelyFigs. 8b),(d)). The indicates more severe
imposed at 8 Hz are, in most cases, nearly the same as valpakation effects, and greater reductions in protection, as the
measured when no pulsations are imposkd @ Hz), regardless spanwise component of momentum from the film cooling holes
of the values of3 andm. increases.

Much larger increases in heat flux ratiand more significant ~ With no pulsations presenf £0 Hz), Fig. 8 also shows heat
reductions of film cooling protection relative fe=0 Hz data are flux ratios atm=0.5 which are much lower than values when
then present fof =36 Hz. In this case, heat flux ratio increasesn=1.0, especially at smaller orientation angles. However, with
become larger as the blowing ratiodecreases for each value 0f36 Hz pulsations, heat flux ratio valuesrat=1.0 are about the
the orientation angl¢8 considered. This is also illustrated by thesame as or even slightly lower than values for=0.5. This is
results in Fig. 9, where heat flux ratios with pulsations, normapartially due to static pressure variations like the ones shown
ized by ratios with no pulsations, are given. Such variations aieFig. 2. Formof 0.5 and 1.0, this figure indicates that pulsations
also consistent with results described by Ligrani ef2], since imposed at 36 Hz produce pressure differences between the
coolant Stroubal numbers are greater than 1, ranging from 1.8gienum and freestream which can cause ingestion of external
3.6 asm decreases from 1.0 to 0.5. Heat flux ratio increases wiffow into the holes over substantial portions of each pulsation
f=36 Hz are then quite smalielative to thef =0 Hz data when period.

m is equal to 2.0 because the coolant Strouhal number is 0.9Figure 9 provides additional insight into these effects. Here,
which is smaller than unity. heat flux ratios with pulsations, normalized by ratios with no pul-

Figure 8 also shows that the pulsations imposed at 36 Hations, show a substantial increase as the coolant Strouhal num-
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Nomenclature

= film hole diameter

= imposed pulsation frequency

= heat transfer coefficientq/(T,,—T..)

film hole length

= time-averaged blowing ratiep.U./p..U.,
= static pressure

= local surface heat flux

Rey, = injectant Reynolds numbeiD U, /v

Re, = freestream Reynolds numbexXU.,, /v

0 TU3r=->--0
Il

0.0 1.0 2.0 30 gp 40 Sr, = coolant Strouhal number27fL/U,
¢ T = temperature
Fig. 9 Normalized spatially averaged surface heat flux ratios t = time
as dependent upon coolant Strouhal number Sr . and orienta- U = time-averaged velocity
tion angle B X = streamwise coordinate, measured from trip wire
X = streamwise coordinate, measured from downstream

edges of film cooling holes

ber becomes greater than 1. Note that data for all four compound normal coordinate, measured from test surface

angle orientation angles, 0, 30, 60, and 90 deg, are included. Such Z = spanwise coordinate, measured from spanwise center-

behavior is thus consistent with other flow visualization and flow line

structure result$2,4,5], but over a wider range of experimental = inclination angle

conditions and film hole geometries. = orientation angle

= local adiabatic film cooling effectiveness

=(Taw=T)/(Te—Ts)

nondimensional temperatur€T,,— T..)/(T.—T..)

= kinematic viscosity

= imposed pulsation time period .

= pressure pulsation parametdA P ,,.,— AP, ) /AP

= instantaneous static pressure difference between ple-
num and freestream

N <
I

Summary and Conclusions

Presented are heat transfer coefficient and heat flux data on a
surface film cooled with compound angle holes, and subject to
imposed bulk flow pulsations. Film hole orientation angles are 0,
30, 60, and 90 deg. The film hole inclination angle is fixed at 35
deg. The frequencies of imposed bulk flow pulsations are 8 and 36
Hz at a peak-to-peak velocity amplitude of 11 percent of the time- ]
averaged freestream velocity. The blowing ratios considered argbscripts
0.5, 1.0, and 2.0, which correspond to coolant Strouhal numbers gw = adiabatic wall value
from 0.2 to 3.6. Detailed surface heat transfer coefficient distribu- ¢ = coolant or plenum value
tions are measured using thermochromic liquid crystals. Distribu-  { = fiim cooling value
tions of surface heat flux ratios are then evaluated from these heatyax = maximum value
transfer coefficient data, and adiabatic film cooling effectiveness min = minimum value
values from another sour¢#5]. Some important observations are  np = no pulsations value
noted and summarized in the fO"OWing: o = no film C00|ing value

1 The pulsations produce important changesspatially re- w = wall value
solveddistributions of surface heat flux ratios, and surface heat = = freestream value
transfer coefficient ratios, mainly as a result of more uniform fillSuperscripts
coverage over the test surfag@mpared to situations when no
pulsations are employgdThis is a result of periodic changes to
the magnitude of spanwise momentum in the injectant over each
pulsation period. This then causes the film from compound angle
holes to oscillate in both the normal and spanwise directions after
it leaves the holes. eferences

2 Only small changes tspatially averagedeat transfer coef-  [1] Arts, T., and Bourguignon, A. E., 1990, “Behavior of a Coolant Film With
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Unsteady Flow/Quasi-Steady Heat
Transfer Computations on a
Turbine Rotor and Comparison
With Experiments

The unsteady flow in staterotor interactions affects the structural integrity, aerody-
T. Korakianitis _nar_nic_ performance of the stages, and blade-surface hegt transfer. Numerous vi;cous and
inviscid computer programs are used for the prediction of unsteady flows in two-
dimensional and three-dimensional statootor interactions. The relative effects of the
various components of flow unsteadiness on heat transfer are under investigation. In this
paper it is shown that for subsonic cases, the reduced frequency parameter for boundary-
layer calculations is about two orders of magnitude smaller than the reduced frequency
P. Papagiannidis parameter for the core flow. This means that for prical statotor inte(actions, the
unsteady flow terms are needed to resolve the location of disturbances in the core flow, but
in many cases the instantaneous disturbances can be input in steady-flow boundary-layer
computations to evaluate boundary-layer effects in a quasi-steady approximation. This
hypothesis is tested by comparing computations with experimental data on a turbine rotor
N. E. Vlachopoulos for which there are extensive e_xpe_rim_en;al heat_transf_er data available in the open lit-
Panafon SA erature. An unsteady_ compressible inviscid two-dl_mensmnal computer program is used to
Athens Greecé predict the propagation of the upstream stator dlsturbance.s into the downstream rotor
' passages. The viscous wake (velocity defect) and potential flow (pressure fluctuation)
perturbations from the upstream stator are modeled at the computational—iatet
boundary. The effects of these interactions on the unsteady rotor flow result in computed
instantaneous velocity and pressure fields. The period of the rotor unsteadiness is one
stator pitch. The instantaneous velocity fields on the rotor surfaces are input in a steady-
flow differential boundary-layer program, which is used to compute the instantaneous
heat transfer rate on the rotor blades. The results of these quasi-steady heat-transfer
computations are compared with the results of unsteady heat transfer experiments and
with the results of previous unsteady heat transfer computations. The unsteady flow fields
explain the unsteady amplitudes and phases of the increases and decreases in instanta-
neous heat transfer rate. It is concluded that the present method is accurate for quanti-
tative predictions of unsteady heat transfer in subsonic turbine flows.
[DOI: 10.1115/1.1405419

Department of Mechanical Engineering,
University of Glasgow,
Glasgow G12 8QQ, United Kingdom

Frigoglass,
Patras, Greece

Introduction Other investigator§9—17] have used unsteady flow programs to
tudy the effect of upstream and downstream disturbances on

The flow between stator and rotor blade rows in turbomachi .
wde flows, and have conducted experimental unsteady aerody-

ery cascades is inherently three-dimensional and unsteady. o o 4
mands for improved performance, fewer stages, and fewer bladidnic |nvest|gat|on§18—2q. Unsteady heat t.r ansfer experlmgnts
per stage result in highly optimized and highly loaded airfoils th&"d cOmputations, such p&1-31, are essential to understanding
operate at continuously increasing gas and alloy temperatures. € processes. = . )
sources of two-dimensional flow unsteadiness between the rotof fevious investigationsi1-15 interpreted the aerodynamic ef-
and the stator are: viscous velocity wakes shed from the trailifgCcts of two-dimensional propagation of the combination of vis-
edge of the stator; inviscid potential flow variations in time an80us wakes and potential flovstatic pressure perturbatijpm
space caused by the relative motion of the lifting surfaces; twiirbine passages. Incoming flow disturbances were modeled into
dimensional vortices shed at the stator trailing edge; flutter of bolfie computational flow field of infinitely rigid uncooled down-
cascades; and the effect of flow changes due to cooling flowsSieam rotors, neglecting the effects of two-dimensional vortex
high-pressure high-temperature turbine stages. Three-dimensigifi@dding. The conclusion was that the aerodynamic unsteadiness
disturbances include the effects of passage vortices, end-wall @fisteady pressure and velocity figlds a function of the stator-
fects, and radial flows. In order to analyze these flows and designrotor pitch ratioR (R=N,, /Ng,=Sqp/S;p,) and of the axial gap
reliable engines, we need to understand the effects of unsteadpetween blade rows. For typical gap$~0.30) and for small

flow aerodynamics and unsteady heat transfer on airfoil and eralues ofR (R<1.5), the wake disturbances dominated the un-
gine performance. This has resulted in a series of numerical astdadiness onto the downstream cascade, while the potential-flow
experimental investigations on unsteady flow and unsteady heéturbance from the upstream cascade decays before it affects the
transfer. Stator—rotor computations are in common [Use8]. downstream cascade significantly. For larger valuesRo{R
>2.5), the wake disturbance effect onto the downstream blades
Contributed by the International Gas Turbine Institute and presented at the 3gtas dwarfed by the potential-flow disturbance. For intermediate

International Gas Turbine and Aeroengine Congress and Exposition, Cincinn é\lues ofR (R~2). both disturbances influence the unsteady flow
Ohio, May 24-27, 1993. Manuscript received at ASME Headquarters March, 1993; ( )’ Y

revised manuscript received August, 2001. Paper No. 93-GT-145. Associate Edi ¢lds. The diﬁer.ent mechanisms of propagation of the two distur-
H. Lukas. bances and their phase effects on unsteady ffowctions ofR
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andd) were explained. The combined interaction results in com- Starting from Eq.(1) and using the thin boundary layer ap-
plex patterns of unsteady pressure and velocity regions influeggoximation, the nondimensional unsteady boundary layer equa-

ing the forcing functions, stress levels, and blade heat transfertions along the two-dimensional blade surfa@ong surface
This paper shows theoretically, and demonstrates by compariggfgthss) become

computations with experiments, that the amplitudes and phases o
unsteady heat transfer in high subsonic turbines can be accurately ap*  d(p*My) N d(p*My)

predicted using unsteady-inviscid-flow and quasi-steady heat- Qpy at* IX* ay* 0

transfer computations; and identifies the instantane@ussi-

steady convection as the major heat transfer mechanism. The LMy My dM

unsteady two-dimensional inviscid computations predict the loca- Quip m_*ﬂ’ MXWJ“P MyW

tion of instantaneous disturbances in the rotor core flow using

disturbance—rotor models of stator—rotor interactions. In order to . dMye My d75,

predict the instantaneous location of the unsteady disturbances =PeMe g T Re, ay* ®)
. L 7]

accurately, it is essential to model correctly the valueR ahdd,

and the combined wake and potential-flow interactions. Three- ohf ohy ohg

dimensional unsteady inviscid flow computations would be re- Qmp*&t—*JrP*MxWJFP*MyV

quired in cases where the flow has strong three-dimensional gra-

dients. The resultant instantaneous velocities are input in a steady- Myol @ [g* .

flow finite-difference boundary-layer program, which is used to = Re, | ay* (ﬁ JrMx”fxy)

predict the instantaneous heat transfer rates at the corresponding ) ) _ _ )
times. The computed amplitudes and phases of unsteady h&herea, is the stagnation sonic velocity at inlet and

transfer rates agree well with experimental measurements. _
g P Rey=poCy 0/ 1,

. M, o=cC, /&,
Theory and Hypothesis x0T xeo
The unsteady continuity, momenta, and energy equations are: = ut a_MX
5 Xy eq &y*
p -
2t TV (pV)=0 = 14+ N/ =1+ NP1 /Py
N - - - e IT
P tPV-VV==Vp+V 7+ pf €)) 4= Gy
e, - - - P _MiCpo
pE-i-pV-Vet:—pVV—Vq-i-(p = K
Assuming that shearing in the core of the unsteady flout- br _ MuCpo
tu—

side the boundary laygis less dominant than the core unsteady K
flow, the friction terms and dissipation function are dropped from )
Eq. (1). The resulting nondimensional equations for unsteady two- b1 is the reduced frequency parameter for the boundary layer.

dimensional inviscid stator flows are It is a measure of the time required for the disturbance to pass
y . . through the boundary layer thicknegaodeled byé/a,), divided
aur  9gF*  9G o @ by the time between significant changes in properties at the

g T e boundary layer edge. The blade-passing frequency is the lowest
* % " . frequency of unsteadiness for both disturban@esm potential
whereU®, F*, andG* are four-component vectors given by {1,y interaction and from wake interactiprthe unsteady ampli-

p* p*M, tudes of higher harmonics from the wake interaction are orders of

*M *M2+ p* magnitude smaller than the first harmonic, and their downstream
U* = p*MX CFr= P rn : decay from the stator trailing edge is ragi82]. The unsteady
p My p* MM, amplitudes of higher harmonics from the potential-flow interac-

pef pM,ht tion are several orders of magnitude smaller than the first har-
monic, and their downstream decay is very rapid. As will be seen

*
f My later in instantaneous velocity figures at points on the rotor sur-
G* = p* MMy 3) face, the dominanthighest amplitudefrequency of the core-flow
p*M§+ p* unsteadiness is the blade-passing frequency. For subsonic cases,
p* Myhy the amplitude of higher harmonics is much smaller than the am-

) ) . litude of the first harmonic. For such cases we chose as charac-
For unsteady rotor flows, the equations are slightly modified {@ristic time between significant changes in properties at the
account for the centrifugal forceéthe momentum equationand  poundary layer edge the blade passing pefadfor the rotor to
for rotor work (the energy equation() ¢ is the reduced frequency traverse the distance between two stator trailing edBggV, ).
parameter for the core flow. Many definitions(@f appear in the Therefore, for these casék,, is given by

literature, but for the purposes of this paper it is a measure of the
time required for a disturbance to pass through the rgtmdeled .
by b, /a,), divided by the time between successive disturbances Q= a Sy 3 Sp R ©)
entering the rotofor for the rotor to traverse the distance between

two stator trailing edgesS,,/V,;,). (This definition is slightly dif- Comparison of Q. and Q. Q¢ and)y, are strong func-
ferent fromom=2m0;/M, o used in our previous investigatiops. tions of R In Eq. (2), the second and thirdnertia) terms are of

O Ve Vip 6 1

Here the order of unity O(1)). In mostturbomachinery stator—rotor
interactions() . is of the order of or greater than unity, indicating
— % ﬂ: ﬂ % l @) that the unsteady terms cannot be neglected and that the flow is
" ay Sy a S R fully
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unsteady. Unsteady-flow computations are required to predict thteeam with(highen suction-surface velocities. The resultant vor-
instantaneous location of the disturbances accurately. Direct cotical unsteady flow patterns result in a region of increased pressure

parison of Eqs(4) and(6) results in upstream of the wake centerline, and in a region of decreased
pressure downstream of the wake centerline. The potential-flow
lez(i) Qe @) ir!teracti_on_ is chopped and propagates downstream with _mecha-

by nisms similar to those of acoustic disturbange®ssure wavesn

channels.
The phases of the unsteady pressures and velocities in stator—
rotor interactions must be accurately computed in order to predict
nsteady flows and heat transfer. Previous wdrk-15,5 indi-
cates that, in order to do that, one needs to model accurately both
and d. This last conclusion is evident if one considers the

In many nonseparated turbine flows, the terb(,) is between
two and three orders of magnitude below uni@®(10 2?) to
0O(1073)). (¢ is defined as the average value of boundary-lay
momentum thickness between the leading and trailing ¢dge.
Eqg. (5) the inertia and viscous terms are one to two orders
magnl_tude 'afge_f than the unsteady terfecause(ly, is VeY mechanisms of propagation of the unsteadiness for different ge-
small in comparison In such cases, the unsteady terms multlplle metries, and the limiting cases &=1 (wake disturbances

by Q, can be neglected from the boundary layer formulatlon&ominate’ the unsteadingssand R=3, 4, and 6 (potential-

without significant loss of accuracy. h . - )
This is not valid when the fifth or higher harmonics of Ioca,nteractlon disturbances dominate the unsteadjridgs19.

disturbances (with respect to the blade-passing frequency
V., /Ssp) have a high amplitude, so that the correspondihg Aoproach
becomes significant. In unsteady transonic flows this is valid awa)pp
from the moving shocks, and is invalid in the temporal and spatial Unsteady rotor heat transfer experimental data from stator—
vicinity of the moving shocks, where an unsteady boundary layggtor interactions on the Garrett 731-2 HP rotor have been ob-
computation with shock capturing is required. For example, i@ined by Dunr21]. A previous investigatiofi29] performed un-
Fig. 8 of [31] and for the design case, the Nusselt number tracgteady inviscid flow combined with unsteady boundary layer
over the blade-passing period for most of the pressure surfdeesteady heat transiecalculations on this rotor by approximat-
have a dominant first harmonic amplitude, and negligible highétg R=78/41=1.90244=2 and by modeling only the wake inter-
harmonics. This is because the flow solution for that case is rgtion (neglecting the potential flow interactipriTheir analyses
affected by shockésee Fig. 9 of31]). This idea is valid for most reasonably predicted average values of heat flux but, because the
of the pressure surface in that case. It is clearly invalid in oth&cation of unsteady flow disturbances was not modeled correctly
cases shown ifi31], where shocks significantly affect the flow[30], it missed unsteady amplitudes and phases.
solution on the blade surfaces. The approach of this paper is to use UNSFLO in a disturbance-

. ) ) . rotor interaction calculation to obtain the instantaneous velocities
_ Hypothesis. In suk:_)sonlc turbines, while the core of the ﬂOWmodeIing the geometry and flow conditions of Dunn’s experi-
is unsteady and requires unsteady-flow computations, the boulgknts. The effects of both wake interaction and potential-flow
ary layer responds almost immediately to instantaneous changggraction, and the correct values of stator-to-rotor-pitch ratio
in properties at its edge. The disturbance travels through the thigkyy axial gapd are modeled at the computational rotor—inlet
ness of the compressible boundary lajafrorder¢) with the local - oyndary. It is assumed that the instantaneous flow properties on
sonic velocity(of ordera,). Unsteady boundary-layer effects canpg rotor surfacdinviscid computationare the same as the flow
be computed using a series of steady boundary-layer compYigaperties on the edge of the boundary layer. These properties
tions, in each of which the instantaneous properties at the edge(@énoted by subscrip) are input in a series of steady-flow
the boundary layer have been obtained from unsteady core-figyndary-layer computations using a differential boundary-layer
computations. This is true whenever the high-amplitude harmoﬂr‘ogram[ss]. The resultant amplitudes and phases of computed
ics of the disturbances at the edge of the boundary layer have Igygsi-steady instantaneous heat transfer rates on the rotor surface
frequency(up to about five times the blade-passing frequencyyre in petter agreement with the experimental measurements than
and the. boundary-layer thlckn.es.s and_ running length are small. i earlier unsteady heat transfer sty@g]. This is mainly be-
subsonic turbine cascades this is valid: near the leading edge E’§Gse[29] did not predict correctly the location of the unsteady

cause the boundary layers are thin; and farther downstregftantaneous disturbances from the wake in the core (o at
(where the boundary layers become a little thigkeecause the e edge of the boundary layer

amplitude of the high-frequency disturbances decay very fast.

Propagation of Two-Dimensional Disturbances Rotor-Inlet Boundary

Giles’[6,7] computer program UNSFLO was used to compute The two disturbanceéviscous wake and potential flowrom
the flow fields and the forces. The program can compute viscolle stator have been modeled as inputs to the computational
stator—rotor flows, but we identified the propagation of the disturetor—inlet boundary. This simplification provides accurate com-
bances in the core of the flow using the inviscid dirturbance—rotpuotational results only if one is extremely careful to specify the
version of the program. Wakes are defined as the velocity defectarect inlet boundary conditions. Details of the following deriva-
generated by the surface boundary layers of upstream blade rdisas have been published elsewhfse7,11-15, but a summary
and propagating downstream. Since there is no static presshas been included here because they are essential to understanding
jump at the trailing edge of blades, the wakes by this definition dbe model of the rotor—inlet boundary, and the following results
not include a static pressure variation at the trailing edges whexed discussion.
they are generated. Potential-flow interaction is defined as theThe velocity disturbance due to the wake is characterized by the
static pressure variation generated by the existence of and relativaximum amplitude of the velocity defebt expressed as a frac-
motion between the lifting surfaces, propagating both upstreaion of the undisturbed velocity, and by the “widthV of the
and downstream of the blade region that generates it. velocity defect. Most velocity wakes observed in experimental
The propagation mechanisms of wake and potential-flow intedata have velocity distributions that resemble Gaussian distribu-
actions from upstream to downstream blades were examinedtions. For the wake model we assumed that: The velocity defect is
[14]. The wake is chopped, sheared, and rotated in the passageSaussian distribution with characteristic width expressed as a
because the portion of the wake touching the pressure surfdizection of the pitch of the blade cascade that generates the wake;
moves downstream wittlower) pressure-surface velocities, whilein the stator frame the flow vectors in the wake are parallel to
the portion of the wake touching the suction surface moves dowtfte undisturbed flowa velocity deficit with no angle variation
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the static pressure is constant across the wake; and the stagnation 1 ta tan a.) —ta X
enthalpy is constant across the wake. These assumptions ar@e= — tan * M an) +[ Map) —tanay)] tetar(aip)
modeled by 2m Vi-m2 Ssb
1/tana,)x—y\? _ MMy
uiW’q—[l—D.expE TWq Ch Coian) (8) 1*M§
1 (tana,)x—y\? where the phase-shifting and Ae locate the maximum of the
o —|1-D-exp=| ——2=_ 2} |c. sin(a otential-flow variation at the trailing edge of the upstream sta-
Viw,q p n Sin(a) p 9 9 p
' 2 SspWq tors, and tang) is the direction of propagation of the potential

where q is eithers or p (suction or pressure surfaceFor the field. Across the line of the trailing edgeap, is typically be-
unsteady flow computations shown below the inputs were ™Ween 4 and 5 percent of the average pres$aiels. In the
=0.10 andW,=W,=W=0.11008,,=0.2095, based on a re- computations presented in this paper we us@d=0.05.
view of experimental data included JA5].
The model for the potential-flow disturbance is developed t}Mnsteady Flow Calculations
observing measured and computed static pressure fields of various ) )
turbine-blade cascades. Across the line of the trailing edges therd e stage geometry and some pertinent values are shown in
is a variation of static pressure with maxima(at very nearthe Fig. 1 and Table 1. Two-dimensional calculations were performed
trailing edges and minima dbor very neay the middle of the for the midspan location, at a radius of 4.92 in. The period of the
passage. The exact location and shape of the pressure variaf§ff unsteadiness is one stator pitch, starting from phase
depends on the geometric shape of the pasdgef blade). This ¢:_Q.OOO(When the_ rotor leading edge is allgned with one stator
static pressure disturbance is nearly sinusoidal in blades of varid(@iling edge, and finishing at phas¢=8.780 (Fig. 1). The re-
geometries and tangential lift coefficients, and the amplitude glts of the unsteady flow-disturbance/rotor calculations are illus-
the disturbance decays very fast with distance downstream. trated in Fig. 2 for a series of. The computations have been
The potential-flow mode(in the stator frameis derived as a Performed on a relatively coarse 1080 H-type Euler grid. This

two-dimensional, linear, isentropic, irrotational perturbation tgrid (with this solvey adequately resolves the location of the core-
uniform flow [34] flow disturbances with minimum numerical diffusion. The figure

Ju v
2 2 2 2
u?—a?) — +(v?—a?d —+u
( )ax (v )y v

=0 (9

The velocity—potential relationship is defined by

P D 10
w T 4o ﬂ
For subsonic flows, one expects that the potential-flow distur- GnA A

A -
W

Ssb
bance from the upstream cascade is peri¢aii® period per stator L ¢ =10.00
pitch) in they (circumferential or tangentipbirection, and that it
decays exponentially in the (axial) direction. Thus, the general
solution of Eq.(9) is of the form s
rh

2
<I><x,y>=B-exr{w—_1>§Zy+§x

(11)

D
C
%\F
A
whereB is the amplitude¢ is a complex parameter that depends

on whether the flow is subsonic or transonic and governs thefig- 1 Stator-rotor geometry, and periodic phase angle ¢
decay of the potential disturbance downstream, and<g, dic-

tates the periodicity of the potentid). Substituting theséwith

the negative root of to make the potential disturbance decay

downstreamn in Eq. (9), solving for &, we derive the velocity Table 1 Rotor blade data
disturban_ce_§up_ anddv,. These are cc_JupIed with the c_onditio_n
of no variation in entropy_and stagnation enthalpy to give a sin|| rotor solidity Syy/brs 0.5497
soidal pressure perturbatidxp
rotor stagger angle —23.7°
2m \1-M? =
&;p:—Avp.exp[——W—z (X=X | S 27(e+Ae)] R=78/41 1.902439
Ssp 1-My axial gap d (fraction of byp) 0.23
J1—M2 stator absolute outlet flow angle o, 69.19°
dup= —tan(eip) dv = 1-M2 Avp rotor relative inlet Mach number 0.391
A o
20 JI-M2 rotor relative inlet flow angle 36.29
s Tz (X Xee) |-cog2m(e+Ae)] rotor relative outlet flow angle —58.96°
g rotor outlet ps:/p; 0.7200
ta —
Ap=Ap, CO{ 2m(etAe)—tar? r(an)2 ] (12) | roter surface Ty, = 530°R 2044 K
V1=-M Turbine inlet T} = 1007°R 559.4 K
pcMAv,  y—tanap)x assumed cp 1039 J/kg/K
pp_ﬁl s, ratio of specific heats v = ¢p/cy 1.3815
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Fig. 2 Unsteady flow vectors superimposed on entropy contours for one full stator pitch from

shows unsteady flow vecto(mstantaneous minus average vecto '60} 6
at each grid pointsuperimposed on entropy contours. The statc s S s ——
trailing edges are along the linesXf= —0.23, and the centerlines  » 40 I
of the wake contours can be used to identify the location of tt s R e 3
stator trailing edges, as well as the chopping, shearing and rotat | == FEmeten o e e bes e (rom 29
of the wakes in the rotor passages. 1o ‘;ﬁif:%;'&g%:%i ‘E‘:ﬂ'j%?:y; 10 , %*&ﬁﬁgﬁg ﬁ:“.w.::
. . . o Quasi-steac ] 13si-st r lial onl
Since R=1.9024, the flow is approximatelfbut not exactly O e " %5 ¥ 87
periodic every second rotor. The results are obtained relative PHASE, degrees © THASE, degees
the shaded rotor in Fig. 2, which is always shown in the san Eom‘i_ﬁ;j;y;,,asfs,ﬁmqn.y)
location with the wake centerlines moving in the negatiirec- P s seadyhea anstr ket ) = —
tion as¢ increases. Counterrotating unsteady-flow vectors are Ia30 7
cated upstream and downstream of each wake centerline, resul > ot > ;/ = Eprimnts(rom 21)
in a region of increased and decreased pressure, respectively ] =" epi 201 2= Unslaty eatvster tom 29)
’ —+—*— Experiments (from [21]) Quast-steady heat transfer (present study)
. . . . 10 Unsteady heat transfer (from [29]) 10 © Quasi-steady heat transfer (wake only)
discussed for general turbine geometrie$lia,15. . Ouasksicadyheat anse (reent stu) . © Qugersiearyneat anser {entel ooy)
oo PHAsﬁ?egrees u 0 PHASé:?egrees 878

Quasi-Steady Heat Transfer

The instantaneous Stanton number St for this case and at ea@;‘.t
point on the surface is defined by

3 Unsteady heat transfer rate (g [btu/ft¥s]) measure-
s and calculations as a function of phase . Top left: point
A; top right: point B; bottom left: point C; and bottom right:

- Nu g point D (cf. Figs. 1, 2).
" RePr pUcCy(Te—T,)

whereq is the heat transfer rate from the working fluid to the walf'e compared with experimental unsteadgata(solid tick marks
under the local conditions. The subscriptienotes properties on and solid lines, fronj21]) and with previous unsteady compu-
the blade surfacéinviscid unsteady-flow computatipnassumed ta_tlons(d_ashed line without tick marks, frof29]). T_he solid lines
equal to the properties at the boundary layer edge. wlthout tick marks represent thg current calculations for the com-
At every value of¢ the instantaneous rotor-surface Mach numPined wake and potential-flow interaction; the open square tick
ber distribution(obtained for the rotor blade shown shaded in Fignarks indicate the results of similar computations to the foregoing
2) was input for a boundary layer calculation usif88]. Other con3|d.er|ng th_e dlstur_bances from the wake ||_1teract|on_adn_oe
inputs to the boundary-layer caliculations were the rotor blade g&Rtential-flow interactiop and the open round tick marks indicate
ometry and its surface curvature, the stagnation pressure and tég- results of similar computations to the foregoing, considering
perature at the inlet, the ratio of specific heats, and the relatife disturbances from the potential-flow interaction aldne
inlet Mach number. wake interaction
The program starts from an initial velocitgnd enthalpysimi- . .
larity solutions profile, and it recalculates the profile shape assuR'—SCUSS'on
ing either a stagnation point somewhere in the flow, or Blasius Figure 4 shows instantaneous local pressures and velocities for
flat-plate flow, or some wedge flow. Stagnation-point profilethree points on the suction and pressure surfaoasnalized with
(about the leading-edge region stagnation point computed in ttheir average values at each poimersuse for one() s unsteadi-
flow calculation$ were used. For each quasi-steady boundangess period. The upstream and downstream points on each surface
layer calculation the stagnation point moves about its nomina Fig. 4 are near points A, C, D, F in Figs. 1, 2, 3. The interme-
position as predicted by the unsteady-flow calculatifffig. 2). diate points are aK=0.500(to show the propagation and diffu-
The parabolized Navier—Stokes equations for the boundary layson of the disturbances and their higher harmonics from upstream
are discretized in the direction using a modification of Crank—to downstream, which post facto justify the hypothgsior the
Nicolson’s finite-difference scheme. The resulting linearized ordinsteady flow computatior3 ¢~ 0.6, indicating the core flow is
nary (in the transverse directiprdifferential equations are nu- unsteady, as seen by the propagation of disturbances in Figs. 2 and
merically integrated at each location. It was specified that the 4. The wake and potential disturbances travel downstream with
flow transitioned into turbulence as soon as it entered the rotdifferent mechanisms and they have different phases. As the dis-
The program calculates the boundary layer properties, and outputbances pass a point on the rotor surface, each causes a local
the local St along the blade surfaces. This and the instantanecbange in velocity and pressure agreeing with the explanations
and local Mach number distribution and the stagnation propertigiven in[14,15. This is reflected in the unsteady flow computa-
at rotor inlet are used to compuje,, U, and T, are used to tion in Fig. 2 and the quasi-steady heat transfer computation in
evaluate the instantaneous and local valueg oh the surface of Fig. 4. The pressure traces are not “inverse” to the velocity traces
the rotor blade. in Fig. 4 because the two interactions propagate downstream with
Figure 3 shows (in units of btu/fé/s) as a function ofp for  different phases.
four points on the blade surfa¢eear points A, C, D, Fin Figs. 1 One way to interpret the unsteady flow vectors in Fig. 2 is as
and 2. The computed quasi-steady(solid lines without markKs local and instantaneous perturbations from the average flow at that

S

(13)
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/ ‘\ edge of the boundary layer is the blade-passing frequency. There-

1.2 1-21 fore Oy, for Egs. (5) can be computed using E¢(6). Near the
\ / leading edg&},;=0.002 and near the trailing edd&,,~0.005.
R ; The hypothesis of this paper is valid in this case, and the
1.0 1.0 /W boundary-layer flow is quasi-steady.
‘\ The current quasi-steady heat transfer computations for the
\ // combined wake and potential-flow interaction have predicted both
0.8 0.8 o the amplitude and the phase of the unsteady heat transfer rates
0.00 é 8.78 V4 better than the unsteady boundary layer computatioh2gjf and
(8) suction, X—0.085 ViV, With I_ess computational effort. Figur_es_ 3 an_d 4 sh_ow thatghe
0.6 - variations follow the surfac¥/V,, variations, indicating that the
0.00 8.78 hypothesis is valid. The normalized peak-to-peak heat transfer
(dl) pressure, X=0.126 variation for each one of the four points is as follows: For point C,
X=0.126 on the pressure surfa¢21] 49, 74, 70 percent; present
1.2 1.2 4 / \ computation 45 percent29] 37 percent. For point B{=0.893 on
\ the pressure surfacg21] 31, 19, 15 percent, present computation
P/Pav \ 16 percent{29] 6 percent. For point AX=0.085 on the suction
1.0 1.0~ ~——__ surface:[21] 44, 55, 40 percent; present computation 13 percent;
y / \‘. [29] 35 percent. For point CX=0.892 on the suction surface:
Y [21] 20, 23, 34 percent; present computation 18 percg2f]
0.8 0.8 \ / 9 percent.
0.00 é 8.78 The locations of the solid line&ombined wake and potential-
(b) suction, X=0.500 ViV flow interaction, the square tick markgwake only, and the
064 — round tick markgpotential only in Fig. 3 indicate the heat trans-
0.00 & 8.78 fer effect of the two interactions is not additiv€ontrary to this,
(€) pressure, X—0.500 the unsteady flow pressure effects in the core of the flow are

nearly additive[14,15.) The present method underpredicts the

1.2 unsteady amplitudéalthough less than the unsteady boundary
—_~ layer computation of29]). The amplitude of the unsteady veloc-

/ ity depends on the amplitude of the wake input in the calculations.

Lo \/\ , A larger-amplitude wake introduces larger velocity and heat trans-
AN N fer variations(with the same phasgsThere are no experimental

wake data available for this geometry. A larger-amplitude wake

0.8 ons . P was not used in computations because it is not supported by the
000 & g 0.00 ¢ X average turbine-wake data [ih5].
() suction, X=0.892 (f pressurc, X=0.893 Near point A on the suction surface our calculations predict the

average experimenta amplitude, and tend to follow the phase
Fig. 4 Periodic local pressures and velocities versus ¢ forsix  reasonably well, but they underpredict the unsteady amplitude.
points on the blade surfaces. On the suction surface: (&) at X = The direction of the unsteady flow vectors in Fig. 2 and the ve-
=0.085; (b) at X=0.50; and (c) at X=0.892. On the pressure |qity trace in Fig. 4 indicate that the heat transfer rate should be
surface: (d) at X=0.126; (€) at X=0.50; and (/) at X=0.893. decreasing at$~4.39 and a little later, and increasing near

¢~0.00 and 8.78. This is indeed the measured and computed

trend in Fig. 3. The unsteady heat transfer calculation§26f

surface point. Considering the unsteady flow vectomunterro- Predict the amplitude of better, but they do not follow the phases
tating vortice on the surfaces of the shaded blade, when tis Well as the quasi-steady computations(for example for
unsteady flow vector is pointing downstream, it indicates slighti$>6)- ) ] ]
increased velocity from the average conditions, and thereforeNear point C on the suction surface, and points D and F on the
slightly increased convective heat transfer at that instant and Rjessure surface, our calculations predict the steady and unsteady
cation. Conversely, when the unsteady flow vector is pointing upmplitude and phase af reasonably well. The direction of the
stream, it indicates slightly decreased velocity from the averag@steady flow vectors in Fig. 2 and the velocity trace in Fig. 4
conditions, and therefore slightly decreased convection at that ggree with the measured and quasi-steqdyomputed trends in
stant and location. This matches the local velocity variatiof§g- 3, showing the expected increases and decreases. The un-
shown in Fig. 4. In thej figures in[29] there is a decrease andsteady heat transfer calculations[@®] do not follow the ampli-
increase ing upstream and downstream of the wake centerline#éides and phases as well.
which was not explained if29], but is better explained by the Similar trends(blade surfacey is proportionately affected by
velocity increases and decreases from the average in Figs. 2logal convection as measured by flow velocity at the edge of the
and 4, and ir{30]. local boundary laygrare observed by carefully examining the
With the exception of the upstream point on the suction surfac@steady flow vectors, the instantaneous velocity traces, and the
(Fig. 4@)), the velocity trace$Fig. 4b-f)) are almost sinusoidal variations in unsteady heat transfer rates comput¢@dh This is
(implying the first harmonic of blade passing frequency is doma further indication that the unsteady terms in the boundary-layer
nand. For the vicinity of points C, D, and F in Fig. 1 the traces okquationgwhich they used in their computationare negligible.
VIV, in Fig. 4 are in phase agreement with the experimental ddtiwever, the phases of their unsteady flow vectors and their ve-
and the present-study quasi-steady heat transfer computationotity traces do not agree with ours, and this may be the reason for
Fig. 3. In contrast, the trace of computations[@8] in Fig. 3 which they missed the phases of unsteady heat transfer rates.
disagree on the phase distributioncpivith the experimental data.  In Fig. 3 the quasi-steadg from the wake interaction alone
Even at the upstream point on the suction surfdg. 4@)) the (square open tick marksre reasonably close to the phase of the
amplitude of the second harmonic is an order of magnitudeperimental results, indicating that in this case the wake interac-
smaller than the first, and the amplitudes of the third and highton is dominant. The results from the potential-flow interaction
harmonics are negligible. The frequency of the disturbances at tene (round open tick marksfrequently miss the phase of un-
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steady heat transfer rates. However, in many cases the potentiad viscous wakes; and the potential-flow interaction between the
flow interaction slightly, but critically, modulates the combinedtator and the rotor. The resultant unsteady rotor flow fields
quasi-steady solution so that it predicts better the experimgntalclosely follow the explanations given in previous publications.
For example, ak=0.126 on the pressure surface and at 439 The instantaneous unsteady velocities on the rotor surface and
<7.02, the effect of the potential-flow interactignound tick other pertinent stage data are input on a steady-flow differential
mark9 on the wake interaction alon@quare tick marKsis to  boundary layer program, and the resultant heat transfer rates are
further decrease the instantaneous heat transfer rate of the coomputed. The results of these unsteady-flow/quasi-steady heat
bined interactior{solid line) so that it matches better the unsteadyransfer computations are compared with experimental results for
amplitudes and phase of the experimental results. Similarly, atfour points on the rotor surfaces. These computations predict the
=0.892 on the suction surface and at 526<8.78, the effect of average amplitude of the heat transfer, the unsteady amplitude of
the potential-flow interactioround tick marks on the wake in- the heat transfer, and the unsteady phase of the heat transfer well.
teraction alongsquare tick marKsis to further increase the in- 3 The unsteady flow fields in the core flow explain the phases
stantaneous heat-transfer rate of the combined interatsimid  and amplitudes of unsteady heat transfer rates. The unsteady flow
line) so that it matches better the unsteady amplitudes and phasgtantaneous and local velocity variations on the rotor surface
of the experimental results. correspond to instantaneous variations of the convection heat
In Fig. 3 the experimental data and our computations show thaansfer rate. The instantaneous velocity variations at the boundary
on the suction surface the average heat transfer rates decrdager edge cause instantaneous variations in convection that domi-
downstreamX=0.085 versusX=0.892. This is a combined ef- nate unsteady heat transfer.
fect of: a decrease of working-fluid temperature due to work ex- 4 It is concluded that the present method can be used for quan-
traction; and a decrease of average relative flow vectors in ttigtive predictions of unsteady heat transfer in subsonic turbines.
region of unguided diffusiofi21]. Figures 8, 13, and 14 ¢R9]
predict a slight increase of average heat transfer downstream, als
shown in the present Fig. 3. On the pressure surface, the ave%&imomedgmems
heat transfer rates slightly increase downstréxm 0.126 versus ~ We thank Professor Michael B. Giles of Oxford University and
X=0.893. This is a combined effect of: a decrease of workingRolls Royce plc. for their permission to use UNSFLO; and David
fluid temperature due to work extraction; and an increase of av&¥instanley of Garrett Corporation who supplied much useful data
age relative flow vectors downstream on the pressure suyr?d¢e on the stator and rotor geometries.
Although the two effects are counteracting, the relative-flow ac-
celeration that increases the convective heat transfer domingt@smenclature
the decrease due to reduction in working fluid temperature. Simi-
lar observations are shown in Figs. 5, 6, and T34f].

acoustic velocity(Eq. (9))

For design studies, the time-averaged velocity distribution B = amplitude of potential variatio(Eq. (11))
around the airfoil is approximately equal to the steady-state veloc- b = axial chord of rotor or stator cascadengths
ity distribution (a little less loading because of the effect of loss of nondimensionalized with,,)
momentum by the velocity deficit in the wak#4]). Since quasi- ¢ = local absolute-flow velocityEq. (8))
steady convection is the dominant heat transfer mechanism, the ¢, = specific heat at constant pressure
time-averaged(turbulen} heat transfer will be approximately D = wake amplitude, fraction of, (Eq. (8))
equal to the(turbuleny steady-state heat transf@s in Figs. 5, 6, d = stator—rotor axial gap
and 7 of[31]). However, the local variation of heat transfer about € = energy
its average depends on the variation of local velocity about its f = body forces(Eq. (1))
average, it is significant, and it can be reasonably predicted as h = enthalpy
illustrated above. k = thermal conductivity

M, My, My = Mach number and its components
N = number of blades in row

nclusion
Cone . ons o Nu, Pr = Nusselt, Prandtl numbers
1 Using the concept of reduced frequency parameter it is theo- Re, St= Reynolds, Stanton numbers

retically demonstrated that:

g = heat transfer rate
« Unsteady core-flow computations are needed to predict the R = =Ny /Nsp=Ssy/S;p = stator-to-rotor-pitch ratio
propagation of disturbances in blade-row interactions. Inviscid S = pitch of blade row
disturbance/blade-row computations can predict the core unsteadi- s = surface length
ness in many cases. T = temperature
« Starting from the resultant unsteady properties on the blade t = time .
surfaces, quasi-steady boundary-lagfezat transfércomputations u, v = velocity components inxy)
are sufficient to predict the unsteady heat-transfer rates. This is \L; B gg:gcri?;at've velocity along rotor surface
valid whenever the boundary-layer reduced frequency parameter B L .
(evaluated using the maximum frequency of the dominant ampli- W = characteristic width, fraction dB;, (Eq. (8))
(x,y) = Cartesian coordinates

tudes in the frequency spectra of the unsteadiness and the bound- X ,Y _ di di ionalized
ary layer thicknessis small compared to the reduced frequency ~ (<Y) = coordinates nondimensionalized with,

parameter of the core flow. a = flow angle

- This approach can be used in subsonic turbine cases and A+ ¢ = perturbation operator®np, u, andv)
away from the location of the shocks in transonic turbine Ae e = angles locating the potentlélEq. (12))
cases (which introduce large-amplitude high-frequency local = mean momentum thickness ower
disturbances A = intermittency factor

M = viscosity

2 The conclusions above are verified by comparing experi- ¢ = complex parameter fox decay of® (Eq. (11))
ments with computations. A two-dimensional inviscid computer p = density
program is used to compute the instantaneous unsteady flow fields ‘T = shear stress tens¢Eq. (1))
from disturbance—rotor interactions on a turbine rotor. The effects & = velocity potential(defined by Eq(10))
of the upstream stator on the rotor are modeled by carefully simu- ¢ = phase of unsteady rotor floiig. 1)
lating: the stator-to-rotor-pitch ratio; the stator—rotor axial gap; ¢ = dissipation functionEq. (1))
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Q = reduced frequency parametéEys. (4), (6), (7))
Subscripts

0 = characteristic quantity
av = average
cf = core flow
bl = boundary layer
e = property at boundary layer edge
ip = flow property for potential flow model
iw = flow property in wake
| = laminar
n = absolute flow direction at stator outlet
p = perturbation value due to potentidq. (12))
g = suction(s) or pressurdp) side (Eq. (8))
rb, sb = rotor and stator blade row, respectively
t = stagnation property
te = location of upstream cascade trailing edge
tu = turbulent
w = wall (blade-surfacelocation
(x,y) = components in Cartesian coordinates

Superscript
* = nondimensional quantity
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